Development of a mechanical technology for joining sandwich elements by Feldhusen, Jörg et al.
APPLICATIONS 
 
 
Richard Brooks, Palanivel P. Kulandaivel and Christopher D. Rudd, Skin consolidation in 
vacuum moulded thermoplastic composite sandwich beams 
 
627 
Jan Luedtke, Johannes Welling, Heiko Thoemen and Marius C. Barbu, Development of a 
continuous process for the production of lightweight panelboards 
 
638 
Jai-Hwang Joo, Ki-Ju Kang, Modified octet truss cellular metals fabricated by expanding metal 
process 
 
645 
A. C. J. M. Eekhout, P. A. van de Rotten, Free form sandwich shells as load bearing structures 
for liquid architecture 
 
657 
FRACTURE 
 
 
C. Lundsgaard-Larsen, C. Berggreen and L. A. Carlsson, Design of the face/core interface for 
improved fracture resistance 
 
671 
Anders Lyckegaard, Johnny Jakobsen, Jens H. Andreasen, Elena Bozhevolnaya, Crack 
propagation at core junctions in sandwich panels 
 
683 
E. E. Theotokoglou, I. I. Tourlomousis, A numerical study of fractured sandwich composites 
 
693 
H. Rahimi, M.H.R. Ghoreishy, A. M. Rezadoust, M. Esfandeh and V. Khalili, In-plane tensile 
core delamination strength of tubular cell polypropylene honeycombs 
 
704 
J. Dyson, G. Albertini, On the behaviour of stress fields around a laminate drop 
 
712 
DAMAGE 
 
 
G. Zhou, M. D. Hill, Damage characteristics and residual in-plane compressive strength of 
honeycomb sandwich panels 
 
727 
M. Rinker, P. C. Zahlen and R. Schäuble, Damage and failure progression of CFRP-foam-
sandwich structures 
 
739 
D. A. Ramantani, A.T. Marques and M.F.S.F. de Moura, Stress and failure analyses of repaired 
sandwich composite beams using a cohesive damage model 
 
753 
F. E. Sezgin, M. Tanoglu, S. B. Bozkurt and O. O. Egilmez, Experimental and numerical 
analysis of mechanical behavior of composite sandwich structures 
766 
P. Casari, F. Jacquemin and Annick Perronet, Effect of the forming process of the foam core on 
the mechanical properties of a curved sandwich beam 
 
776 
NEW MATERIALS 
 
 
Hermann F. Seibert, Latest developments on high performance sandwich foam cores based on 
PMI 
 
787 
Laurent Mezeix, Christophe Bouvet, Bruno Castanié and Dominique Poquillon, A new 
sandwich structured composite with entangled carbon fibres as core material. Processing and 
mechanical properties 
 
798 
Thomas Krabatsch, Jörg Wellnitz, Core metal alloy – A new sandwich material with natural 
stone 
 
810 
W. J. Choi, Y. P. Xiong and R. A. Shenoi, Characterisation of magnetorheological elastomer 
materials for the core of smart sandwich structures 
818 
Heonsoo Kim, Byung-Chul Lee and Ki-Ju Kang, Design of a new truss core fabricated of wires 827 
Richard Filippi, The polypropylene honeycomb core for structural sandwich panels 839 
Richard Filippi, Polypropylene honeycombs for stormwater management 
 
851 
DAMPING & ACOUSTICS  
A. L. Araújo, C. M. M. Soares and C. A. M. Soares, A viscoleastic finite element model for the 
analysis of passive damping in anisotropic laminated sandwich structures 
 
865 
J. Santos Silva, R.A.S. Moreira and J. Dias Rodrigues, Application of cork compounds in 
sandwich structures for vibration damping 
 
877 
Christopher J. Cameron, Per Wennhage, Peter Göransson and Sven Rahmqvist, Structural – 
acoustic design of a multi-functional sandwich body panel for automotive applications  
 
896 
Robert Adams, Reza Maheri and Julien Hugon, The vibration properties of sandwich panels; 
eigenfrequencies and damping 
 
908 
JOINING 
 
 
Jörg Feldhusen, Christoph Warkotsch, M. Benders, Evaluation of clinching and center-
punching as mechanical joining processes for sandwich elements 
921 
Jörg Feldhusen, Christoph Warkotsch, Alexander Kempf, Development of a mechanical 
technology for joining sandwich elements 
 
933 
MODELLING 
 
 
Anupam Chakrabarti, Vibration and buckling of sandwich laminates having interfacial 
imperfections 
 
947 
H. Talebi Mazraehshahi, B. Hamidi Qalehjigh, A. Vahedi and M.A. Vaziri Zanjani, Design of 
aircraft floor sandwich composite panels - Finite element analysis and experimental verification
 
959 
G. Hirt, R. Kopp, M. Franzke and J. van Santen, Elastic-plastic bending of welded grid sheet 
 
969 
Manabendra Das, Erdogan Madenci and Damodar R. Ambur, Three dimensional nonlinear 
analyses of scarf repair in sandwich panels 
 
981 
Mihir K. Pandit, Abdul H. Sheikh and Bhrigu N. Singh, Analysis of laminated sandwich plates 
based on an improved higher order zigzag theory 
 
994 
R.A.S Moreira and J. Dias Rodrigues, A Layerwise finite element with through-thickness 
deformation 
 
1006 
Matthias Alexander Roth and Arnim Kraatz, New 3-D failure criterion for sandwich foam cores 
based on PMI 
 
1024 
Peter H. Bull and Ole T. Thomsen, Development of a design tool for initial analysis of inserts 
in sandwich structures 
 
1036 
Vitaly Koissin, Andrey Shipsha and Vitaly Skvortsov, Effect of physical non-linearity on local 
buckling in sandwich beams 
 
1048 
Jörg Hohe and Volker Hardenacke, Probabilistic homogenization analysis of solid foams 
accounting for disorder effects 
 
1057 
Stanislaw Karczmarzyk, A new 2D local vibrational model for unidirectional clamped-clamped 
sandwich structure with edge stiffeners 
 
1069 
M. Linke and H.-G. Reimerdes, Systematic verification of sandwich model assumptions based 
on specific finite element formulations  
 
1082 
D. Weissman-Berman, Statistical Regression Analysis of 20 Sandwich Core Materials 
 
1097 
Ehab Hamed and Oded Rabinovitch, Viscoelastic behavior of soft core sandwich panels under 
dynamic loading 
 
1109 
R. Moslemian, C. Berggreen, K. Branner and L. A. Carlsson, On the effect of curvature in 
debonded sandwich panels subjected to compressive loading 
 
1121 
E. Bozhevolnaya, A. H. Sheikh, O. T. Thomsen, Local effects in the vicinity of transitions from 
sandwich to monolithic laminate configurations 
 
1133 
R.A.S Moreira and J. Dias Rodrigues, Multilayer damping treatments: modeling and 
experimental assessment 
 
1144 
Richards Brooks, Kevin A. Brown, Nicholas A. Warrior and Palanivel P. Kudandaivel, 
Predictive modelling of the impact response of thermoplastic composite sandwich structures 
 
1157 
R .A. S. Moreira, R. A. Fontes Valente and R. J. Alves de Sousa, An Enhanced layerwise finite 
element using a robust solid-shell formulation approach 
 
1169 
Zbigniew Pozorski, Mechanical models of sandwich panels allowing for local instability 
 
1180 
Julien Rion, Samuel Stutz, Yves Leterrier and Jan-Anders E. Manson, Influence of process 
pressure on local facesheet instability for ultralight sandwich structures 
 
1188 
Calogero Macaluso, Dirk Vandepitte and Ignaas Verpoest, Feasibility of the deepdrawing 
process of thermoplastic sandwich structures 
 
1200 
Florian Klunker, Gerhard Ziegmann and Santiago Aranda, Flow simulation for sandwich 
structures: case studies and modelling of high permeable layers 
 
1209 
Roselita Fragoudakis and Anil Saigal, Energy absorption capacity of 3d “S” space frames 
partially reinforced with aluminum foam 
 
1221 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
APPLICATIONS 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 

8th International Conference on Sandwich Structures 
ICSS 8 
A. J. M. Ferreira (Editor) 
 FEUP, Porto, 2008 
SKIN CONSOLIDATION IN VACUUM MOULDED THERMOPLASTIC 
COMPOSITE SANDWICH BEAMS 
Richard Brooks, Palanivel P. Kulandaivel and Christopher D. Rudd 
School of Mechanical, Materials and Manufacturing Engineering 
University of Nottingham 
University Park, Nottingham NG7 2RD, UK 
e-mail: richard.brooks@nottingham.ac.uk 
Keywords: Sandwich beams; thermoplastic composite skins; vacuum moulding; void 
content; processing variables; interlaminar shear strength  
Summary. This paper reports on work undertaken to measure the level of skin void content 
and hence consolidation in thermoplastic composite sandwich beams made by a non-
isothermal vacuum moulding process. The effects of processing variables, such as skin 
preheat temperature and mould temperature on void content are established and the influence 
of different types of void, e.g. inter-tow, on the delamination properties of the skin are 
reported. Sandwich beam performance, in terms of peak load to failure under quasi-static and 
dynamic (impact) flexural loading, is measured. Processing conditions for optimising beam 
performance are established and discussed with respect to those necessary for maximising 
skin consolidation.
1 INTRODUCTION 
For thermoplastic composite (TPC) laminates, void content has been shown to have a 
significant effect on the ultimate laminate properties [1-3]. Furthermore, processing 
parameters can affect void content in the moulded part [4]. Several studies have reported on 
the manufacture of thermoplastic composite sandwich structures [5,6], all involving 
compression moulding. In these studies, processing conditions are shown to affect the 
properties of the structure significantly and skin consolidation has been a key factor affecting 
performance. The authors have reported on the development of a one-step vacuum moulding 
route for TPC sándwich structures with potential for cost-effective manufacture [7]. The 
process involves skin preheating before combining with the cold core under vacuum pressure. 
As this is a non-isothermal process, it is important to maintain temperature whilst pressure is 
applied to obtain good  skin consolidation. At the same time, excessive crushing of the core 
must be avoided as this will affect the section modulus in the final structure and hence its 
performance under load. This paper focuses on the effect of processing conditions in the 
vacuum moulding process on the void content in the skin and on the ultimate performance of 
the structure under flexural conditions.
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2 SPECIMEN MATERIALS AND MANUFACTURE
800mm x 70mm
projected area
Twintex 0/90 Balanced Weave Skins
Strandfoam 64 Core 
Figure 1  Vacuum moulded large sandwich beam (800mm x 70mm projected area)
Large TPC sandwich beams have been made from 60 wt% 0/90 weave commingled
glass/polypropylene skins (Twintex) and anisotropic polypropylene foam core 
(Strandfoam), density 64 kgm-3, as shown in Fig. 1. The beams have a projected area of 800 
mm x 70 mm, a nominal core thickness of 25 mm (before moulding) and varying skin 
thicknesses of 1 mm, 2 mm or 3 mm. The 0° fibre direction in the Twintex® skins is oriented
along the main beam axis and the core strand direction is oriented through the thickness, the 
latter to maximise crush properties of the beam. This thermoplastic structure lends itself to 
relatively rapid processing rates ( ~ 10 minute cycle time) and offers good recycling potential 
due to it being a single polymer system.
The beams have been manufactured by a one-shot vacuum molding process illustrated in 
Figures 2 (a) to 2(c). This process involves the stacking of Twintex® layers (two stacks, one 
for each skin) onto aluminium transfer plates and preheating in a hot air oven, for 
approximately 10 minutes, to a temperature in the range 180 °C to 220 °C. Heating time
depends on the thickness of each stack. A hot air oven is used to ensure uniform heating
across the surface and through the thickness of the stack. The two preheated Twintex® stacks,
supported on the transfer plates, are then transferred rapidly to the vacuum table where they 
are combined with the cold foam core. Transfer and assembly time is typically in the range 25 
to 35 seconds. The transfer plates maintain the temperature of the stacks during this process. 
The vacuum table lid (silicone membrane) is then closed on the whole assembly (including 
transfer plates) and the vacuum applied for a period in the range 5 to 15 minutes. The mould
base temperature is also controlled within the range 30 °C to 80 °C. A schematic of the 
vacuum moulding setup is shown in Fig. 3. 
After cooling, the moulded beam is trimmed along its edges and cut using a band saw into 
six equal coupon sandwich beams of projected area 250 mm x 30 mm and final thickness 
depending on processing conditions and chosen skin thickness. 
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(a)  Heated stack (including transfer plates 
assembled  on the vacuum table
(b)  Membrane closed and vacuum applied
 (c) Moulded process complete
Figure 2 Stages in the vacuum moulding process
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Mould Plate Breather Mesh
Vacuum
membrane
Vacuum sealant
membrane
Transfer + Tool
Plates
Skin
Release film
To Vacuum
Pump
Core
Figure 3  Schematic of the vacuum moulding setup
3 MEAUREMENT OF VOID CONTENT AND INTERLAMINAR SHEAR
STRENGTH (ILSS) IN THE SKINS 
Inter-ply
void
Glass
fibers
Intra-tow
voids
 PP matrix
Figure 4  Conversion of a skin micrograph to a binary image
Micrographs of the moulded sandwich beam skins were taken using a Zeiss microscope
and Aphelion™ image capture software. Aphelion™ has an adjustable image frame capable 
of a maximum resolution of 280,000 pixels (700*400). The captured micrographs were then 
analysed using the UTHSCSA Image Tool. This Software allows the identification of 256 
grey levels (0=black, 255=white). A thresholding process can distinguish the objects on the 
630
R. Brooks, P. P. Kulandaivel and C. D. Rudd.
basis of their grey level or brightness and creates a binary image (see Fig. 4). The black and 
white pixels are then calculated and expressed as black% and white%. The black%
corresponds to the void content in the micrograph.  In this study 50x and 200x magnifications
were used. In both cases the total number of pixels per image was 262,144. Each pixel in the 
image captured by 50x and 200x represents 4.1 μm and 1 μm resolution respectively. The 
200x lens was used for only the initial part of the study but it was found that the voids could 
be classified and measured with good accuracy using a 50x lens. The advantage is that a 
larger area and fewer images can be tested using this lens.  To obtain a statistically reliable
measure, 100 mm2 of area was covered for the analysis of each specimen.
As shown in Fig. 4 both inter-ply and intra-tow voids are measured separately
easured using 
the
4 STATISTICAL INFLUENCE OF PROCESSING PARAMETERS ON 
Figure 5  Statistical analysis of the effects of t processing conditions on skin consolidation
he influence of the four processing parameters: moulding pressure, skin pre-heat
tem
In addition to void content, the interlaminar shear strength of the skins is m
Short Beam Shear Method to ASTM D 2344-76. Detached moulded skins are prepared by 
grinding away the bonded core and cutting to size. Short beams with a 5:1 span:thickness 
ratio are tested in 3-point bending at a loading rate of 1 mm/min. The results for 8 specimens ( 
4 beams x 2 skins) are averaged for each processing condition. Due to limitations in test span, 
the 1 mm skins are not tested but ILSS values are obtained by linear extrapolation from the 
thicker skins in this case.
CONSOLIDATION
Skin pre-heat
Temperature
 Molding
 Pressure
Mold
Temperature
Molding
Time
    Skin
Thickness
he
T
perature, mould temperature and moulding time have been studied. In addition, a fifth 
parameter, skin thickness was also considered. The results of this study were statistically 
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analysed and are presented in Fig. 5 as the mean of the average values of the two output 
variables, skin interlaminar shear strength (ILSS) and void %, combined and scaled in the
range 0 to 1 (1 indicates low void% i.e. good consolidation and high ILSS). From the figure, 
it can be seen that skin pre-heat temperature, mould temperature and skin thickness are the
most influential parameters. Consolidation quality increases with a reduction in skin thickness
as might be expected. For both skin preheat temperature and mould temperature there are 
optimum values for good consolidation (200qC and 60qC respectively).
4 IMPORTANCE OF SKIN PREHEAT TEMPERATURE
arameter and for that reason 
its
Figure 6  Effect of the skin pre-heat temperature on the total void content %
4 VOID CONTENT AND ILSS 
t includes micro-voids, intra-tow and inter-ply voids.
Fil
Skin preheat temperature appears to be the most influential p
effects on void content are presented in more detail in Figure 6. The total void% is low for
intermediate preheat temperatures – typically 200qC. At high preheat temperatures (and
prolonged heating times) the polymer can degrade as a result of Thermo Oxidative Induction 
(TOI) [3]. The TOI time is lower for higher preheat temperatures. At lower preheat
temperatures the polymer viscosity is high resulting in poor flow and impregnation and hence 
consolidation. Although it would be possible to improve consolidation by higher moulding 
pressures and moulding times, this is not an option for non-isothermal vacuum moulding. 
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tering of the binary image on the void size basis was undertaken to separate out these
individual voids (see Fig. 7) and consider only inter-ply voids to see if a relationship exists 
between void content and ILSS. 
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Figure 7  Segregation of the voids based on size
Interlaminar shear strength (ILSS) has been chosen as an appropriate measure of skin
integrity contributing to beam performance, and, as such, has been measured and is plotted 
against both the total void content and the inter-ply void content in Fig. 8 for various 
processing conditions.
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0
Figure 8   Skin interlaminar shear strength (ILSS) versus void content %
[Error bars signify 95% confidence limit]
It is evident that there is clear linear correlation between ILSS and inter-ply void content over
the full range of void content. Total void content has less effect except at high levels of void 
content (> 6%) but this can be attributed to the presence of inter-ply voids in the total void 
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count. Thus, it can be concluded that inter-ply voids affect the skin ILSS directly. This is a 
consequence of the influence of these relatively large voids on the delamination properties of
the skin. Skin ILSS is clearly an important measure of the quality of consolidation in the skin
and its potential contribution to the overall sandwich beam performance. Fig. 8 also indicates 
that inter-ply void content levels of less than 2% are required to ensure maximum ILSS 
performance.
5 SANDWICH BEAM PERFORMANCE
Beam performance has been assessed under both quasi-static and dynamic bending 
conditions. Relatively short span to thickness beams  (~ 7:1 ratio) have been tested in 3-point 
bending to represent typical energy absorbing applications in the transport sector e.g. bumper
beam structures.
5.1  Flexural peak load 
Flexural peak load at failure is obtained quasi-statically for the coupon sandwich beams
using a 3-point bending test setup to BS EN 2746:1998. The beams tested have a span of 200 
mm and are loaded at a rate of 27 mm/min. For each skin thickness, a minimum of 4 coupon
beams are taken from different large manufactured beams.
Dynamic (impact) testing of the coupon sandwich beams is also undertaken using a 
Rosand instrumented falling weight (IFW) machine. Again, a 3-point bending test setup is 
used with a 200 mm span. A constant impact mass  of  7.213 kg and impact velocity of 6 ms-1
is maintained giving an impact energy of 130 Joules. In all cases this is sufficient to cause the 
beam to fail.
  (a) 1 mm skin     (b) 2 mm skin      (c) 3 mm skin
Quasi-static Drop load impact
0
200
400
600
800
1000
1200
1400
180 200 220
Skin pre-heat Temperature (C)
Fl
ex
ur
al
 P
ea
k 
lo
ad
 (N
)
0
200
400
600
800
1000
1200
1400
180 200 210
Skin pre-heat Temperature (C)
Fl
ex
ur
al
 P
ea
k 
lo
ad
 (N
)
`
0
200
400
600
800
1000
1200
1400
180 210 220
Skin pre-heat Temperature (C)
Fl
ex
ur
al
 P
ea
k 
lo
ad
 (N
)
Figure 9 Effect of the skin pre-heat temperature on the flexural peak load performance of vacuum moulded
sandwich beams [error bars signify 95% confidence limit]
The flexural peak load, obtained under both quasi-static and dynamic loading, is plotted 
against the skin pre-heat temperature for a number of skin thicknesses (1, 2 and 3 mm) in Fig. 
9. The quasi-static points on the graphs are mean values of 16 beams for each condition and 
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the dynamic (drop load) points are for 4 beams. For both loading conditions and all skin 
thicknesses the peak load is a maximum for a skin pre-heat temperature of 180qC i.e. the
lowest temperature. This is primarily a consequence of the reduction in core crush during 
beam manufacture, greater final beam thickness and hence structural efficiency. The reduced 
skin consolidation expected at this lower preheat temperature appears to have minimal
influence on the overall beam performance.
As expected, a thicker skin also results in a higher peak load. Dynamic peak load is, in all
cases, higher than quasi-static, most likely a consequence of the rate dependence of the beam 
materials.
5.2  Failure modes under impact 
Several different modes of failure are observed during impact testing as illustrated in Fig. 10
for impact at 6 m/s. The impact failure mode changes with skin thickness. For the 1 mm skin, 
core shear failure is preceded by very localized skin indentation and core crush. For the 3 mm 
skin, the beam bends globally with minimal local deformation, again before shear failure of 
the core. For the 2 mm skin an intermediate condition occurs where the deformation is a 
combination of local and global bending before shear failure in the core. In all cases, ultimate
failure is by core shear crack growth and subsequent debonding at the interface, a 
consequence of the relatively short span to depth ratios for these beams.  An interesting
observation is the location of the core shear crack, which occurs closer to the outer supports 
for a thicker skin. 
  (a) 1 mm skin   (b) 2 mm skin   (c) 3 mm skin
Figure 10  Failure modes of the sandwich beams under 6 m/s falling weight impact
All of the above results are for beams where the skin and core are well bonded during 
manufacture. However, under some conditions of manufacture, poor interface bonding can
lead to premature interface failure resulting in significantly lower beam performance. Fig.11 
illustrates some conditions under which this can occur. Firstly, overheating of the skin can
result in polymer degradation and consequent poor consolidation and interface bonding (see 
Fig. 11(a)). Secondly, insufficient core melting during manufacture can also result in a weak 
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interface (see Fig. 11(b)). This latter condition was achieved by compression moulding (not
vacuum moulding) a controlled interface thickness.
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(a) Skin-core interface failure in 2.5 mm skin 
sandwich beams processed under vacuum at 210qC
and 220qC skin preheat Temperature
(b) Skin-core interface failure in 2 mm skin 
sandwich beams processed under compression
moulding at 180qC skin preheat temperature, at 
crush depths of 2mm (thick) and 0.5 mm (thin)
Figure 11 Effect of the skin-core interface on the sandwich beam performance 
9 DISCUSSION AND CONCLUSIONS
The work presented in this paper has shown that a non-isothermal vacuum moulding
process can be used for producing TPC sandwich beams with structural integrity. It is 
important, however, to maintain temperature of the skins during processing by using transfer 
plates during both transfer of material from the oven to the vacuum table and moulding itself. 
Detailed measurements of void content in the skins has shown that skin preheat temperature
and skin thickness are the most influential parameters affecting void content with mould
temperature also having an effect. As expected, minimum void content and hence optimum
consolidation is obtained with the thinnest skin while there is also an optimum preheat
temperature for minimizing void content: 200 °C for these PP based TPC structures. A closer 
look at the types of voids in the skins has revealed a direct relationship between interlaminar
shear strength (ILSS) and inter-ply voids. Thus, whereas void content measurement can be 
used as a direct measure of skin consolidation quality, skin ILSS is an equally valid
measurement which can be obtained with less effort. An inter-laminar void content of the 
order of 2% or less will maximize ILSS. 
For the relatively thick section beams tested in this work, failure is generally by core shear
and maximum peak load is obtained by minimizing the preheat temperature (180 °C). This 
reduces the amount of core crush during moulding and hence retains a greater section 
modulus for the moulded beam. However, as discussed above, lower preheat temperatures are 
not optimum for skin consolidation, so there is clearly a compromise depending on 
application. For these thick section beams, skin consolidation is clearly less important for
performance. Thinner section beams, i.e. greater span to thickness ratios, are more likely to
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fail in the skins and in this case, skin consolidation will be an important factor. The paper has
also shown that beam performance in bending is, not surprisingly, affected by the quality of 
the interface bond between skin and core. Poor bonding can result, for instance, from
overheating of the skins or from too low a level of core melting being achieved during 
moulding. The latter could be a result of too low a level of skin preheat temperature. 180 °C 
appears to be the minimum preheat temperature for these PP based TPC structures.
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one-stage process 
Summary. Driven by the need to reduce the input of resources and to improve the 
ergonomically aspects of knockdown furniture, the use of lightweight materials has increased 
enormously over the past years. Yet, another motivation has been added by the steadily 
increasing costs for raw materials and energy. Different strategies for the production of 
wood-based lightweight panels are established: For example, the weight of conventional 
wood-based panels may be reduced by modifying the process parameters or applying 
adjusted gluing-systems. Another effective way to save weight while maintaining the 
mechanical properties is the use of sandwich panels. Production of sandwich panels can be 
done by batch-processing where prefabricated layers are agglutinated, or in situ by 
continuous processing where the foam core is injected between two prefinished facings. As 
both ways of assembly lack the possibility of an integrated production of sandwiches with 
wood based faces, the authors developed an one-stage process. In this innovative process the 
formation of the surface layers takes place directly before the expansion of the core layer. A 
three-layered mat, comprising wood particles for the surface layers and expandable material 
for the core, is formed and then processed in a hot-press. Here, the resin treated surface 
layers are compacted and cured at a first stage. The thermo-active core is inactive until the 
core temperature in the middle layer exceeds 90 °C. Once this temperature has been reached 
the core material starts to react and an internal pressure builds up. The press is opened to a 
predefined distance to allow the expansion of the core. As this process can be realized with 
only slight modifications on existing production lines for wood-based panels, a fast 
implementation of this new technology appears to be feasible. This integrated process has 
been developed with the objective of both a batch-wise and a continuous production. 
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1 BACKGROUND 
The wood-based panel industry has shown a steady growth over the last decades. The most 
relevant products for the furniture industry in Europe are particleboard (PB) and medium 
density fibreboard (MDF). These products denoted a production volume of 37m m³ (PB) and 
13m m³ (MDF) in 2006. 
The furniture industry processed 53 % of the particleboard and 25 % of the MDF 
production [1]. With densities around 650 kg/m³ and 800 kg/m³, respectively, these types of 
panels cause high product weights. Especially the fast-growing market for knockdown 
furniture, where every second Euro for furniture is already spent, calls for pieces of furniture 
with a low weight [2]. This is reasonable as the costumer picks the packed up pieces of 
furniture from the storage rack by himself. Thus, the packages have to meet dimensions that 
match the ergonomic desires, especially in matters of weight. Heavy pieces of furniture have 
to be split into more than one package. A maximum weight of 25 kg per unit seems 
adequate [3]. However, decreasing the mass of furniture not only reduces the number of 
packages. In addition, handling can be simplified when the product is assembled. This reduces 
the risk of damages and extends the service life of the product [4]. 
Besides the enhanced ergonomic properties, the desire to reduce the input of resources and 
to substitute raw materials with lower-priced alternatives are driving forces for developing 
lightweight panels. Yet another motivation for weight reduction has been added by the 
steadily increasing costs for energy. The amount of transported goods is often not limited by 
the volume itself but by the weight. It represents a strong economical factor when more goods 
per volume can be transported, even though the lightweight alternative seems to be more 
expensive at first sight. However, classical wood-based panels show a strong price increase 
and the gap between these panels and lightweight panels made from artificial foams has 
become much smaller [5]. On the medium-term up to 30 % of the produced wood-based 
panels can be substituted by light-weight panels [4]. 
2 OBJECTIVE 
Wood based panels can be lightened by different techniques. Either by using lighter raw 
materials, i.e. less dense wood, by applying adjusted gluing-systems or by modifying the 
process parameters, the weight of wood-based panels can be reduced. Beside these 
techniques, it is possible to form a structurally intelligent material by sandwich layering. 
Placing structurally important and, in most cases, dense parts on the surfaces and less dense 
parts in the core represents an effective way to save weight while obtaining the mechanical 
properties.
Many such materials, in particular foam core panels, also provide a good absorption 
potential for acoustic energy and a high isolation rate for thermal energy [6]. However, 
sandwich panels do not only hold advantages over conventional boards. The poorly conceived 
production techniques, a problematic quality control and difficulties with connecting single 
components of sandwich panels are examples of the downsides of the material [7, 8]. 
Moreover, the use of a light core is often linked with problems concerning the connectivity 
and particularly the edge processing. In many cases, e.g. honeycomb boards, the light core 
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structural specification. The core reveals a uniform density about 100 kg/m³ and does not 
show significant peaks that could possibly present a flaw. The mean density of the panel is 
around 220 kg/m³, which classifies the panel as lightweight, following the classification of 
Poppensieker and Thoemen [3]. 
The developed panel and its production process aim at partially substituting particleboard
and MDF. Thus, the panels have to meet the demands of specific applications where the 
classical wood-based panels are predominant nowadays. Especially the furniture industry, as 
mentioned above, is a main customer for wood-based panels. As the production of the new 
panel is not sensitive to shape modifications, also three-dimensionally shaped boards with 
foam core are easily possible and offer a promising perspective [13].
5  CONCLUSIONS  
The woodworking industry, especially the knockdown furniture industry, has a strong 
demand for panels, which meet current and prospective requirements in terms of mobility, 
ergonomics and economy. Lightweight panels offer an ideal answer in this regard. According 
to the numbers mentioned above [1], large volumes of lightweight panels will be necessary to 
substitute a significant part of classical boards. This can only be handled by production 
processes that are capable of mass-producing lightweight panels.
Foam core panels are not a new invention in this area. However, the production of foam 
core panels with wood-based facings takes place in separate sub-processes currently, which 
does not allow a continuous production. This leads to a cost-intensive production that is 
limited to panel dimensions predetermined by the size of the facing panels. The presented 
one-stage process demonstrates a method of resolution, which improves the efficiency of the 
industrial production, thereby increasing the output volume of lightweight panels with wood-
based facings significantly.
The panels offer mechanical properties that are, with respect to the weight, comparable to 
classical wood-based panels. Still the panels are not depending on a frame construction like 
the established honeycomb boards, neither for structural reasons nor for processing purposes. 
In accordance with the wide range of product characteristics, like densities, dimensions and 
shapes, the developed panels and the process for their production could mean a promising 
innovation for the wood-based panel and the furniture industry. 
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Summary. A new idea is introduced for fabricating sandwich plates with tetrahedral truss 
cores through metal expanding and folding process and then brazing with solid face sheets. 
The compressive, shear and three-points bending responses of sandwich panels with the 
tetrahedral truss cores made of a wrought steel SS41 have been investigated. Good agreement 
is observed between the measured and predicted peak strengths. The failure mechanism maps 
are constructed based on the energy balance approach with the non-dimensional parameters: 
three geometric variables, material parameter, load index, and weight index. The structural 
failure characteristics of sandwich plates are discussed and an optimal design is derived. The 
validity is proved when compared with the results of experiments.  
1 INTRODUCTION 
Recently, many studies have been performed on the mechanical, thermal properties and the 
fabrication process of truss PCMs (periodic cellular metals). Main features of the truss PCMs 
are that they consist of uniform trusses and that they have open cell structures. The former 
gives the higher specific strength and stiffness than other cellular metals, and the latter gives 
potential for multifunctional applications such as a heat exchanger. Pyramid, octet, and 
Kagome truss are typical examples composing the PCMs. 
A number of techniques for fabricating truss PCMs have been reported. They are 
investment casting [1], stacking-up of wire meshes [1], folding of perforated sheet [2, 3], 
folding of expanded metal [4, 5, 6], tri-axial weaving of wires [7, 8, 9], 3-dimensional 
assembly of helical wires [10, 11], and so on. Among them, the techniques which are not only 
currently available for mass-production but also used to fabricate single-layered truss PCMs 
are folding of perforated sheet [2, 3] and folding of expanded metal [4, 5].  
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Fig.1 shows the technique ‘folding of perforated sheet’. A metal sheet is punched to be a 
net with hexagonal meshes, and then it is folded into a shape of triangular wave to be an octet 
truss PCM. Material loss due to the perforation is a shortcoming. Fig. 2 shows the other 
technique ‘folding of expanded metal’. A pyramidal truss PCM is fabricated by a 
conventional metal expanding process and then folding. Compared with the rests, a great 
advantage of these two techniques is that they are based on the well established, classical 
sheet forming process. Therefore, least investment is expected, which means low production 
cost.
In this work, a new technique for fabricating a truss PCM is intorduced. Combining the 
two techniques mentioned above, an octet-like truss PCM is fabricated by folding expanded 
metals. This is named ‘M-octet’ after ‘modified octet’. Its strengths under compression and 
shear load estimated by elementary mechanics are compared with experimental results and 
those of other competing cellular metals. When employed as a core in a sandwich panel, the 
load capacity subjected to bending load are estimated by energy based approach for various 
failure modes. Failure mechanism maps are constructed with the non-dimensional parameters: 
three geometric variables, material parameter (yield strain), load index and weight index. The 
predicted failure loads for three designs of geometries are compared with the values measured 
through experiments.  
Figure 1 : Schematic of the manufacturing process of the tetrahedral truss PCM involving perforation and 
folding [2] 
Figure 2 : Schematic of the manufacturing process of the pyramidal truss PCM [1, 5]
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2 FABRICATION PROCESS 
Fig. 3(a) shows a conventioanl expanded metal process. By a single stroke of pressing, 
shearing and expanding are carried out simultaneously. And together with incremental feed of 
a metal sheet and alternative shift of the cutter, a metal net with regular diamond meshes is 
fabricated. Then, rolling is followed to flatten the net. M-octet is fabricated by a slightly 
modified cutter. Namely, the width of top and bottom edges of the cutter shown in Fig. 3(a), b,
get increased so as to have a size equivalent to that of the slanting edges, c. Figs. 3(b) and 3(c) 
show configurations of the modified cutter and the metal net with hexagonal meshes which 
are fabricated by the modified expanded metal process. After flattened through rolling, the 
metal net is alternatively folded along the dashed lines, as shown in Fig. 3(c), into a trigonal 
wave shape to form the M-octet truss PCM. Figs. 4(a) and 4(b) indicate the finally formed M-
octet truss PCM and its unit cell, where the angles, D and E are fixed as 60° in this work. 
Because one of the struts composing the tetrahedron-like structure is twice as wide as the 
others, its length, *l , is designed to be related to that of the other two, l as ll 823.0*  , in order 
that the axial stresses acting in all the struts may be equalized under a compressive load, Q.
However, the axial stresses are unequalized under a shear load, R, applied in the direction I=
0° as shown in Fig. 4(b). On the contrary, if the struts is designed as ll  * , in order that the 
axial stresses acting in all the struts may be equalized under a shear load applied in the 
direction I= 0°.
Figure 3 : Schematic of (a) a conventional expanded metal process and configurations of (b) the modified cutter 
and (c) metal net with hexagonal meshes have been fabricated by the modified expanded metal process. 
                                                                                       
Figure 4 : Configurations of (a) M-octet truss PCM and (b) a unit cell of M-octet truss
a b
c
a b
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3. ANALYTIC SOLUTION AND OPTIMIZATION 
3.1 Analytic solutions 
The sandwich panels may collapse by the local elastic or plastic buckling of the constituent 
struts. In order to estimate mechanical properties of a sandwich panels with the M-octet truss
core, the equations based on the elementary mechanics of materials are derived as follows. It 
is assumed that the M-octet truss was composed with ideal struts connected with the ball 
joints and the force is transmitted to the struts only in the longitudinal (axial) direction. No 
bending moment is transmitted. First, regarding the core as a homogeneous material, the 
equivalent normal yield stress, cyV , and the equivalent shear yield stresses, 
c
yW , of the core are 
given as follows: 
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raw material. And tc and tf are the thickness of 
truss core and thickness of the face sheet, 
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A sandwich panel with a low density core 
has five different failure modes under a bending 
load [12], as illustrated in Fig. 5. They are face sheet elastic wrinkling, face sheet yielding or 
plastic buckling, indentation, core shear in mode-A, and core shear in mode-B. For  
estimating the failure loads for each mode, except for face sheet wrinkling and yielding or 
plastic buckling, two different approaches are available, i.e., the force balance based approach 
[13] and the energy balance based approach [12]. The former does not consider either 
indentation or the difference between the core shear in mode-A and the core shear in mode-B. 
Figure 5 : Failure mechanisms of a sandwich  
panels with low density core [12]
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Therefore, the energy balance based approach is adopted in this work. With the equivalent 
yield stresses of the core given in Eqs. (1) and (2), the critical loads for the failure modes are 
expressed as follows; For face sheet wrinkling (elastic), and yielding or plastic buckling, the 
load, Pf , is
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respectively. These equations are from Ashby et al. [12]. But, considering the finite width of 
the lower two contact blocks, a, the critical load for core shear in mode-B is slightly modified. 
In the equations, Ef and vf are the Young’s modulus and Poisson’s ratio of the face sheet, 
respectively. Hc is the core height, S is the span between the two supporting points, tf is the 
face sheet thickness, and D is the overhang. Because there are two kinds of the equivalent 
yield stresses of the core, cyV  and there are two kinds of 
c
yW  for a given orientation, as 
expressed in Eqs. (1) and (2), depending on the two kinds of strut failure, each of the last three 
failure modes has two modes, elastic and plastic. Therefore, there are eight failure modes in 
total. 
3.2 Optimization of sandwich panels with M-octet truss cores 
In order to derive optimal design of the sandwich panel with the M-octet truss core, and to 
evaluate it compared with other sandwich panels, the optimization procedure is similar to 
what Wicks and Hutchison [13] has taken is used. First, six dimensionless geometric design 
variables are defined as 
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where "  is the ratio of the maximum moment, M, to the maximum transverse force, V,
VM " . Then, the equations for the critical load for the eight failure modes are converted to 
the dimensionless forms shown in Table 1, where abbreviations of the failure modes are 
added. In these constraints, there is one dimensionless material parameter, Vo/E, and only one 
dimensionless load parameter,3= EMV . Among the six variables, the 4th, 5th and 6th ones  
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Table 1 : Dimensionless forms of constraints due to several failure modes and abbreviations of the failure modes 
regarding the contact block width, overhang and face-sheet width, respectively, are set fixed 
in this works. For a given set of the 
remaining three variables, i.e., 
  ¸¸¹
·
¨¨©
§
 
"""
ccf tHtxxx ,,,, 321 , the dimensionless 
weight defined as 
2
2
3
2
2
11
1 sinsin
3
cos
22
x
xxW T
TTU ¸
¸
¹
·
¨
¨
©
§
  <
"
 and the 
dimensionless loads for the eight failure 
modes, 3, are calculated for design 
optimization. In Lim and Kang’s article 
[15], three different optimizations were 
presented for a truss cored sandwich 
panel. They were to seek design 
parameters to give a minimum weight 
for a given load, to give a maximum 
load for a given weight, and to give a 
maximum load per weight for a given 
core height. For example, the 
dimensionless failure load per weight, 
<3 2 , was to be maximized for a given 
Hcҏ under the eight constraints. Fig. 6 is 
Figure 6 : Failure maps illustrated as functions of tc and tf
for Hc=16.33mm. The domain boundaries and the 
contours of failure load per weight, <3 2
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a failure map plotted as functions of tc and tf for a given core height, Hc=16.33mm and for a 
given material Hy=0.00089 of the specimens used for the experiments which will be presented 
in the next chapter. 
4 EXPERIMENTS 
4.1 Specimen design 
For case studies, three kinds of specimens were designed as shown in Table 2. Those were 
named Design-1, 2 and 3. All the designs had the similar overall sizes, i.e., the total length, L
(= S+2D) =374mm, the width, B =70mm, the core height, Hc=16.33mm. Also, all the designs 
were supposed to be loaded by one an identical three-point-bend jig with the span, S =265mm, 
the contact block width, a =30mm and the overhang, D =54.5mm. These three designs are 
indicated on the failure map of Fig. 6. Design-1 is located on the triple point among the face 
sheet buckling (FE) domain, face sheet yielding (FP) domain, and core shear-mode B plastic 
(BP) domain,  while Design-2 and -3 are located on the boundary between face sheet yielding 
(FP) domain and core shear-mode B plastic (BP) domain. Design-3 has the thickest truss 
struts and face sheets.
Design No. 
Face sheet 
thickness,
tf
Core height, 
Hc
Truss core 
thickness,
tc
Total length,
L
Width, 
B
1   0.55 1.0 
2 2.0 2.0 
3 3.6 
16.33 
2.5 
374 70 
Table 2 : Dimensions of three designs of three-point bend specimen (unit: mm) 
4.2 Specimen preparation 
Both the cores and face sheets were fabricated from sheets of a low carbon steel JIS SS41. 
Because developing the fabrication process including shearing and expanding machine will be 
another technical challenge, a simplified approach was taken to fabricate the specimen cores, 
temporarily. The M-octet truss sandwich panels are fabricated as follows: First, the cut of 
unique pattern was introduced on the sheet by using YAG laser. The sheet was expanded 
width-wise to be the metal mesh similar to that shown in Fig. 3(c). Then, the mesh was bent 
along the lines connecting the longer ends of the hexagon shapes as mentioned above. Finally, 
the core was bonded with the upper and lower face sheets by brazing with copper filler metal 
(Paste: CTK-C699, CHEM-TECH Korea Co.) which was carried out at 1120°C in de-
oxidation atmosphere of H2-N2 mixture. 
4.3 Experiments and the results 
An electro-hydraulic test machine, SATEC TC-55, was used to measure the material 
properties of the raw material and to evaluate mechanical performance of the M-octet 
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sandwich specimens. Tensile specimens 
of dog-bone geometry with the 2mm 
u 1mm cross sectional area were cut from 
the as-received low carbon steel JIS SS41 
sheets and were subjected to the same 
heat cycle as that brazed to prepare the 
M-octet cored sandwich specimens. It 
was tested under 0.005mm/sec 
displacement control with an 
extensometer of 25mm gage length, 
attached on the surface. The engineering 
stress versus strain response of the as-
received and as-brazed SS41 are shown 
in Fig. 7. The curve indicates a 
distinctive yield point and followed by a 
short load drop and then reincrease. The 
specimen metal behaves in a typical 
elastic-plastic manner with a Young’s 
modulus E=196 GPa, a yield strength and 
ultimate tensile strength were 174.6 MPa and 420 MPa, respectively.  
Initially, two types of tests were conducted on the M-octet sandwich plate: (a) out-of-plane 
compression, and (b) shear in the direction I= 0°. The sandwich core is regarded as a 
homogenous material and its stress versus strain behavior is measured. The optical images in 
Fig. 8 reveal buckled truss cores in the sandwich panels during compression and shear tests. 
The compressive and shear response of M-octet specimens are shown in Fig. 9. The solid 
lines denote the equivalent yield stress estimated by Eqs. (1b) and (2b). A little overestimation 
is observed. Therefore, it is concluded that the equations provide fairly good estimations of 
the equivalent yield stress of the M-octet truss cored sandwich panels.
Fig. 10 shows the performances of  M-octet truss PCM as a function of relative density for 
competing sandwich panel core topologies. The normalized strength of the M-octet truss is 
slightly lower than that of the square honeycomb, but it is similar to that of pyramidal truss 
structures. In addition, the elastic modulus of the M-octet truss is similar or slightly higher to 
that of ideal octet truss under compression and shear load. 
(a)                                                                                      (b) 
Figure 8 : Optical images showing buckled M-octet truss core in the sandwich panels : (a) out-of-plane 
compression, and (b) shear in the direction I= 0° 
Figure 7 : Stress-strain curves of the as-received and 
annealed SS41 during brazing
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                                               (a)                                                                                      (b) 
Figure 9 : Compressive and shear response of M-octet truss PCM measured by the experiment in comparison 
with that estimated by Eq.(1b) and Eq.(2b). (a) out-of-plane compression, and (b) shear in the direction 
I= 0° 
(a)                                                                                        (b) 
Figure 10 : Performances of  M-octet truss PCM as a function of relative density for competing sandwich panel 
core topologies [15, 3] : (a) normalized core strength (b) elastic modulus 
Three-points bend tests were conducted with the sandwich specimens of the three designs. 
Instead of typical roller supports, roller-and-concave-block assembly was used to suppress the 
local indentation at the upper face sheet. Displacement was controlled at 0.005 mm/sec. The 
specimen deformation happening during the tests was monitored by a digital CCD camera. 
Fig. 11 shows the deformed shapes of specimens of Design-1 to 3 after the tests. Design-1 
specimen was obviously failed by buckling of the upper face sheet, and Design-2 specimen 
was failed by yielding of the lower face sheet, while Design-3 specimen was failed by the 
core shear-mode B. 
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Figure 11 : Deformed shapes of Design-1, 2, 3 specimens after the three-point bend tests
Fig. 12 shows the measured load-displacement curves together with those estimated by Eqs. 
4(a) to 4(d). Design-1 specimen reached earliest the peak load and the load level droped in a 
short period of time. In the curve of Design-2 specimen, even after the initial yield point, the 
load level increased steadily for a while, and then decreased slowly. On the contrary, in the 
curve of Design-3 specimen, the load level increased steadily for the longest time after the 
initial yield point, and then it partially and rapidly droped three times. According to the 
images monitored by the CCD camera, 
each sudden partial drop in the load level 
reflects breakaway of a strut from the face 
sheets. The difference among the load-
displacement curves can be interpreted 
from a view point of nature of the 
deformations occurred in the three 
specimens. In Design-1 specimen, the 
failure occured due to the elastic buckling 
of the face sheet, In Design-2 specimen, 
the failure occured by plastic yielding of 
the lower face sheet and partailly yielding 
of core members, and in Design-3 
specimen, however, it occured by plastic 
yielding of the core members 
accompanied with plastic hinges in the 
face sheets.  
Table 3 listed the measured weight and 
critical load capacities of the three 
Design-1
Design-2
Design-3
Figure 12 : Load-displacement curves measured during 
the three-point bend tests of Design-1, 2, 3 specimens 
compared with those estimated by Eqs. 4(a) to 4(d)
Eq.4(d)
Eq.4(a)
Eq.4(a)
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specimens in comparison with those estimated equations described in the section 3.1. In all 
the designs, the estimated critical loads agreed fairly well with the measured ones, which 
demonstrates accuracy of the approaches taken in this work, even though the equations are 
based on elementary mechanics of materials. The significant differences were observed 
among the critical load capacities of the three designs, but the load-per-weight and stiffness-
per-weight ratios are not very different from each others. One might say that all the designs 
have similar performances. However, there is an obvious difference in the performance 
quality among the designs. That is, Designs-1 are substantially inferior to Design-2 and 3 in 
terms of the energy absorption and deformation stability after the peak point. 
Table 3 : Measured and estimated performance of the M-octet truss cored sandwich panels under bending load; 
weight and critical load capacities 
5 CONCLUSIONS 
In this work, a new technique for fabricating a truss PCM has been described. Namely, 
combining the two previous techniques, an octet-like truss PCM named ‘M-octet’ is 
fabricated by folding expanded metals. Its strengths under compression and shear load 
estimated by elementary mechanics were compared with experimental results and those of 
other competing cellular metals. When employed as a core in a sandwich panel, the load 
capacity subjected to bending load were estimated by energy based approach for various 
failure modes. For a given core height, a failure map was constructed with the non-
dimensional parameters: three geometric variables, material parameter (yield strain), load 
index and weight index. By using the map, three designs were chosen for maximum load per 
weight ratio. The predicted failure loads for three designs of geometries were compared with 
the values measured through the experiments which were performed with sandwich 
specimens with the tetrahedral truss cores made of a wrought steel SS41. As the results, the 
following conclusions have been drawn:
i) The measured equivalent normal yield stress and shear yield stress were 7% lower than 
the estimated ones by the analytic solutions, which is regarded as a fairly good agreement.  
ii) In the three-points bend tests, for Design-1 and 2, the critical loads and the 
corresponding failure modes are in good agreement with the estimated ones. But, for Design-3, 
the failure happened by breakaway of struts from the face sheets. The peak point was delayed 
the most, which gives a main benefit in the performance quality, that is, in terms of the energy 
absorption and deformation stability after the peak point. 
Measured Estimated 
Specimen 
Name Weight
(kg)
(A) 
Pmax
(kN) 
Pmax 
/Weight
(kN/kg) 
Stiffness
/Weight 
(kN/mm kg)
(B) 
Pmax
(kN) <
3 2

Pmax
/Weight
(kN/kg)
Stiffness 
/Weight 
(kN/mm kg) 
Error
¸
¹
·¨
©
§ u 100
A
AB
Design-1 0.28 1.59 5.68 9.47 1.72 5105.4 u 7.34 7.75 8.2% 
Design-2 0.96 7.75 8.07 9.61 7.84 5103.5 u 8.85 9.58 1.2% 
Design-3 1.70 15.75 9.26 10.16 14.86 5109.5 u 9.80 10.56 -5.6% 
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Summary: Well educated Architects are able to control the most difficult ‘free form’ 
configurations with the newest design software; however the available structural palette for 
the structural engineer is limited. It is an important objective to design relatively lightweight, 
stiff and strong structures with also other qualities; freedom of design for architect and 
engineer in configuration, rigidity against bending moments which develop due to the 
sculptural design, thermal and acoustic isolation, larger free spans, resistance to fatigue and 
damage and low maintenance. Composites, and especially fibre reinforced sandwiches, have 
all of these qualities potentially.  In this paper the main attention is given to the ‘free form’ 
roofs of the Rabin Centre in Tel Aviv. The principle idea for this roof was put forward in 
discussion with engineers from Aeronautics. The production stage was assisted by the transfer 
of technology from yachting industry, although the architectural application mainly in its size, 
transport, shipment and assembly had to be developed for the building industry’s level of 
technology and pricing. 
1.  INTRODUCTION 
This paper focuses on the structural consequences of free form design and the chances for 
fibre reinforced composite shells in these liquid designs. 
Quote Zaha Hadid (Architect):“In a design environment that is dominated by new software 
that enables us to rethink form and space radically, there is an urgent need for ‘hightech’ 
materials, which match our computer-generated complex shapes and special conditions.” 
Architects are continuously searching for innovative construction methods and 
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inspirational materials which cover the new types of free form architecture. Since the 
introduction of users friendly 3D software a large group of architects is able to control the 
most difficult configurations of buildings. This ‘free form’, ‘fluid’ or ‘liquid’ design demands 
a totally different view on structures than a structural engineer is used to. It is not possibly to 
convert a difficult 3D model into simple 2D systems. In order to come to more efficient 
structures for liquid architecture real 3D structural action is demanded. It creates structural 
possibilities which one will never find when the structure is simplified in to 2D models. 
However, the structural palette for real fluid free form 3D structures is limited.  
2  THREE DIMENSIONAL STRUCTURES; ARCHITECT VS ENGINEER 
In the 1960-ies thin shells of concrete and fibre reinforced plastics, followed the ideal 
spherical, conical, cylindrical or hyperboloidal forms. Results were mostly 50 mm thick 
concrete shells with only one central reinforcement layer of steel bars, working as load 
bearing structure and a physical barrier or skin. Many shells had a Hispanic origin: Eduardo 
Torroja, Spain, and Felix Candela, Mexico were the prominent pioneers. The shells were built 
in countries with high material and low labour costs. In Switzerland, Heinz Isler prolonged 
the life of shells by strongly reducing the problem of local labour with clever wooden 
formwork techniques up to the 1990s. These shells were designed in an open and direct 
collaboration between architect and engineer. Nevertheless the pioneers of the 1970s retired 
and the concrete shell fashion stopped.  
Blob architecture emerged in the late 1990s (Guggenheim Museum Bilbao, Frank O. 
Gehry, 1998) changed these conditions, as the architect designs either directly in models or on 
the computer as if he is a sculptor. The dramatic 3D effect dominates architectural thinking. 
The structural designer has not an equal position, but is asked subsequently after the architect 
has found out a model or geometry which suits him out of visual design considerations. There 
are usually no direct feed-backs. The required forms are now fully arbitrary and have not an 
ideal geometry for a traditional shell, nor for a tensile structure.  Due to the limited structural 
palette load bearing structures do not often match with the configurations of the buildings. 
This led to a smoothly shaped skin which covers the rude polygonal structure, without any 
direct spatial relation between the two, see Figure 1. 
Figure 1 Structure behind the skin of the Guggenheim museum 
Figure 2 I-web at the TU Delft 2006, with new roof 
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The I-web of Cas Oosterhuis is constructed with a spatial load bearing structure which 
does follow the shape. The complete structure was created and designed only from geometric 
considerations and engineered just after that stage with the computer and 3D engineering 
programs. The project was a pilot for the ‘file to factory system’, or as Greg Lynn calls; mass 
customization. For the structural concept beams of steel plates, in fact only a structural web 
was used no flanges, creating a spatial frame which led to not very efficient and very heavy 
structure, see  
Figure 2, 8 times heavier than a single layered space frame which was studied by Eekhout 
at the start of the project. 
What if the structural skin is placed on both sides of the steel plates? This sandwich system 
could be an efficient structure in free formed buildings because it can handle bending 
moments. However, it is not easy to create these kinds of free form load bearing structures 
with steel. 
For roofs the dead load is a major part of the total loads. Decreasing the weight of structure 
is an economic solution. But also other qualities are demanded: freedom of design for 
architect and engineer, rigidity against bending moments due to the non structurally optimized 
sculptural design, resistance to fatigue and damage and low maintenance. Composites, and 
specially fibre reinforced sandwiches, have all of these qualities potentially. An exoskeleton, 
like that of an insect, could work like a skin or a suit of armour for the building. Besides, the 
skins can adapt their stiffness and strength over the surface. Until now 3D-curved fibre 
reinforced sandwich shells are a new and under-exposed area in the building industry. 
Innovation in engineering, prefabricated production and assembly and smart use of materials 
is essential to arrive at a successful result.  
To arrive at this result it is necessary to transfer the knowledge of fibre reinforced 
sandwich structures from other composite industries, like aeroplane and maritime 
engineering, into the building industry. After the transfer an adaptive development has to take 
place on (building) load cases, component sizes, connections, overall smoothness over the 
seams, tolerances of dimensions, transport and structural performance. These will present the 
designer a totally different context at which a different 3D-shell approach is necessary.  
3 HISTORICAL OVERVIEW  
Composites are not new as concept or material in the building industry. In fact thousands 
years ago people already mixed clay and straw to create stiff and strong walls for their houses; 
prehistoric composites. In this paper the focus is on fibre reinforced resins. The development 
of materials and production methods did never go as fast as the last decades. This is 
summarized in the evolution of engineering materials with the time in the graphics of Ashby 
[1].  
For the fibre reinforced plastic composites a few important developments are listed. In the 
1930s epoxies and the first structural glass fibres for the commercial market were developed 
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in America. Only after the development of polyester in the 1940s the first combinations of 
fibre reinforced plastics were made. In 1957 the first fibre reinforced composite sandwich 
house was built; ‘The Monsanto House of the Future’ in Disney World, a cooperation 
between the Monsanto chemical Company and the Massachusetts Institute of Technology 
(MIT). The ideas and knowledge to combine structure and skin came from the airplane and 
boat industry. It is known as the first free form structural fibre reinforced composite sandwich 
used in the building industry. Each wing forms a cantilever of 4,88m. The top and bottom are 
composed of two sandwiches forming a box beam. The skins of each sandwich are made of 6-
9mm glass fibre reinforced polymers and the core of 60-100mm PUR foam [2].  However the 
production was still a very labour-intensive process with hand made moulds and lay up 
processes to produce the composites. 
Figure 3 Monsanto House of the Future 
In the 1960s carbon fibres came onto the market which made it possible to create much 
stiffer and therefore lighter structures. Only these carbon fibres are at least 10 times more 
expensive then glass fibres, depending on their strength and stiffness. Or these fibres will 
become economic depends on the limitation of the glass fibres and the developments in prices 
of the carbon fibres. 
After developing several pilot projects during the 1950s, 1960s and 1970s of glass fibre 
reinforced polyester houses the development stopped not only due to the oil crisis. In the 
building industry many people are involved which all must be convinced of the new 
materials, while steel and reinforced concrete are familiar. But perhaps the largest advantage 
of the material is directly the largest obstacle; the freedom of creating your own composition 
and material. There is hardly any standardization for fibre reinforced structures. For each 
project the composite and their details are custom made for the unique situation. For this 
reason it is important to change the traditional way of thinking for load bearing structures for 
liquid architecture.  
Since the seventies progress is booked in the fibre reinforced plastic composite industry. 
New combinations of fibre and resins are possible, and the bonding is improved. For the 
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resins an important progress is booked on fire-resistance, smoke and toxic emissions. 
However, the most progression has been made during the 1990s in the production methods. 
With ‘vacuum injection’ and ‘resin transfer moulding’ methods it became possible to create 
relatively fast large accurate composite components. It is a labour-extensive process and the 
styrene emission is very low. While the fibre volume percentages are much higher compared 
with hand lay up. This offers possibilities to create lighter and less expensive load bearing 
structures. With carbon-epoxy the strength and stiffness of the composite sandwiches is 
higher, however the carbon fibres are due to the high energy production process still 
expensive. Moreover an essential problem of sandwich composite shells in architecture is the 
overall site of the shells, which is usually larger then the curing oven allows. 
Figure 4 Time line; developments in the fibre reinforced plastic composites [3][4] 
4 RABIN CENTER 
4.1 The transfer of technology 
In November 2002 Octatube received the tender drawings of the Yitzhak Rabin Center, Tel 
Aviv, designed by Moshe Safdie Architects. The drawings for the 3D roofs, resembling peace 
doves, were made by ARUP and analyzed as an arbitrary steel structure with a layer of 
concrete. The roof cladding was left open to the contractor, yet the architect had given the 
preference to a seamless solution. After a brainstorm session of the engineering department of 
Octatube the following idea was conceived: the roofs would be made as giant surfboards of 
foam with GRP skin, creating 5 different GRP sandwich roof wings with a maximum length 
of 30m and a maximum width of 15 to 20m. The principle idea was put forward in discussion 
with colleagues from Aeronautics. The process of design & engineering, made use of state-of-
the-art design and engineering software, but relied even more on the abilities and imagination 
of the technical designer. The production stage was greatly assisted by the transfer of 
technology from yachting industry, although the architectural application, mainly in its size, 
transport, shipment and assembly had to be developed for the building industry’s level of 
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technology and pricing. 
Naturally assembly & erection was the third phase (after design & engineering and 
production & logistics), but its influence already played a big role during the concept, design, 
engineering and production.  
The composite segments or components, produced in the Netherlands, had to be 
structurally connected on site to each other in order to hoist them in place. Each wing is 
subdivided in long curved segments of 3,5m width, divided at the place of the stringers, in 
order to reduce the number of seams that had to be finished on the building site. Since the 
curves of the roof proved to be quite large at certain points, some segments had to be 
subdivided in the length direction as well, because otherwise an economic and feasible 
transport would prove impossible.  
From January 2005 onwards the production went into operation and the third year of 
experimental production and assembly started with experimental production of the 
components on the negative moulds milled by Nedcam from CAD/CAM files. The production 
technique used in this case had been taken from standard production techniques of producing 
sailing ship hulls. Experimental vacuum injected productions meant a clever step. However, 
the production proved to be very engineering intensive. Using vacuum-injection, glass fibre 
weaves were laid in the mould and impregnated with polyester resin. Since the resulting layer 
of GRP described the desired shape in the best possible way, this side of the mould became 
the upper layer of the roof. After this layer the fire-resistant polyurethane blocks were applied 
to the GRP roof layer. The foam blocks were subsequently covered with more glass fibre 
weaves and a foil for the next vacuum-injection. The integrated stringers, of 4-8mm thick 
glass fibre polyester resin, are positioned more or less perpendicular to the main span of the 
shells. They should eventually increase the stiffness of the shells, since bending and fatigue 
tests showed that the connection between foam and the polyester skin could delaminate rather 
quickly.  
Figure 5 Inserts in order to make a connection between the roofs and the columns, transport and test-assembly 
The connections between the individual segments can be divided in connections in the 
length and connections in the width of the segments. Both have a structural function. On the 
side of the segments a rabbet has been made of 220mm with and 15mm depth. In this rabbet a 
prefabricated reinforcement of 200mm with and 10mm depth, of high density glass fibre 
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meshes that has been vacuum injected with resin, was placed. This reinforcement is glued and 
clamped by screws for curing purposes only. 
After the final layer of finishing an UV resistant polyurethane top coating was applied. 
This layer more or less sacrifices itself by degrading under influence of UV light, leaving the 
structural parts intact. The lower side is protected with a fire retarding layer. 
4.2 Tolerances 
Due to the experimental character of the production process and the unfamiliarity with the 
consequences of vacuum deformation coupled with many one-off segments that had to be 
fitted together, it was decided to perform a test-assembly or pre-assemblage on the premises 
of Holland Composites in Lelystad of all the wings. The fitting took place on a positive steel 
frame. One of the conclusions was that the wings would be assembled inversely, so the 
downward curve would face upward for safety reasons. All the segments were produced on 
individual foam moulds and all had their own shrinkage and shrink-direction.  
In general the segments proved to be somewhat smaller than intended. They had shrunk 
because of the vacuum injection, causing the seams to be 20-25mm, instead of the anticipated 
12-15mm. When filling up the seams during assembly a bigger seam meant more fibre and 
more resin and thus causing a larger deadweight of the shell.  
Figure 6 Preparation and hoisting 
The shell was positioned on a steel flat truss sub-structure, which in its turn rests on a 
concrete wall with a much larger tolerance difference. The connection between the columns, 
concrete wall and the roof was a challenge. During the production at Holland Composites 
steel inserts were placed within the sandwich which were eventually bolted with the specially 
developed ball-and socket-connections on top of the columns. 
Positioning directly from the crane onto the column heads, or wing-connectors with its 
adjustable shaft and connection plates, could only take place accurately by following the 
theoretical drawings. Until the end theoretical drawings remained the decisive factor. In all 
phases of engineering, production, assemblage up until the hoisting and positioning 
theoretical drawings were always present and compared, as this was the only assurance that at 
the end the wings would fit into position.  
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The concrete had the biggest tolerances, up to 100mm. The seams of the roof segment 
12mm and the seams between the glass panels 10mm. And all these different tolerances have 
to be neutralized in their detail design. The geodetic supervision during the process of 
production and installation will always be important for a successful result. 
Figure 7 Interior view of the building in April 2006 
Figure 8 Finishing of the top layer of the roof by “airborne builders” 
Due the lack of experience with free form composite sandwiches there is a large difference 
between the theory and practice in the building industry. For the Yitzhak Rabin Center the 
weight of the more than 800 m2 shells in calculations was 41 kg/m2 [5], but after production it 
approached the 70 kg/m2 [6] including inserts, filling of the seams and coatings. The 
expectation is that with more experience and other detailing the final sandwich can approach 
this 40 kg/m2. With CFRE lighter structures and larger spans should be available. 
5  THE FUTURE 
These blob shells are governed by bending moments due to their dictated unfavourable 
form and supports, rather than by normal forces and shear forces in the plane of the shell as 
the first generation of shells. The constructional solution of the new shells is in principle the 
one developed for the Rabin project: a double stressed skin sandwich construction in free 
form with a structural core. The next step in development is caused by the differences in 
loading behaviour between conventional structures in steel of concrete and glass fibre 
reinforced polyester shells. Blob shells, made of glass-fibre reinforced polyester are usually 
much more flexible, and cannot reach the stiffness and rigidity of conventional structures. For 
sailing yachts, often post-stressed by its masts and riggings, rigidity is a relative connotation. 
As long as the doors and cabinet doors in the yacht still close and open only a few sailors 
would mind the distortion in the hulls of their yachts. However, buildings components like 
windows and doors, often have glass components directly attached to the roof structure. These 
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are influenced by the stiffness of the load bearing structure. Depending of the details, this 
requires the engineering attention.  
Cantilevering blob-shells can be more flexible than a span in conventional structures. The 
cantilever of the tip of the largest wing at Rabin was analyzed as 100mm upwards and 210mm 
downwards. The total sandwich thickness was 310 mm. This fits in the general shell theory of 
Timoshenko, so that the shell still behaves as a shell. Alternatives in steel and in concrete 
were analyzed to show deformations of only 200, respectively 100 mm. The engineering line-
of-thought was that as long as the movements of the roof under loading do not cause brittle 
fracture, delamination or other handicaps in the blob-shells internally and as long as the 
flexibility of the blob-shell does not lead to problems in the technical composition of the 
building around the blob-shells, larger movement would be acceptable. So no rules yet, but 
intelligent and responsible building technical engineering, characterizing the experimentation 
phase. The standardization and normalization phase will follow after 5 to 10 years only. But 
new projects involving blob-shells in future will show up with no doubt more strict 
requirements as to the anticipated deformations in GRP. We have to look into other materials 
as well. Epoxy and carbon-fibre is the alternative usually used in the production of high-tech 
sail yachts. The next generation will be blob-shells in carbon-fibre reinforced epoxy. This 
material is much more rigid, does hardly expand as the thermal expansion coefficient of 
carbon-fibre reinforced epoxy is very low, or even negative, compared with glass fibre 
polyesters. These advantages are accompanied by a much more strict production process 
including curing in a tempering oven, which limits the sizes of components. For transfer of 
technology from the yacht building industry, the costs play an important role. As the 
thresholds in the buildings industry are quite low and the price of carbon-fibre reinforced 
epoxy shells are high. 
Figure 9 Drawings of the shape of the roof for the Mediatheque in Pau, designed by Zaha Hadid and interpreted 
by Octatube [7] 
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The famous London-based architect Zaha Hadid designed a ‘free form’ Mediatheque in 
Pau, France, near the Pyrenees, see Figure 9. Her first design images show the ‘Mediatheque’ 
in white, but the tender documents show a continuous black design with carbon-fibre as the 
basic material without seams. In the development of the tender design the proposal was to 
produce the segments of the carbon-fibre epoxy blob shell segments locally in a temporary 
factory shed, a re-assembled curing oven, next to the site. The tender price was 4 times that of 
the client’s budget for this extremely experimental project on a giant scale. The project 
champion, Pau’s mayor André Labarrère, died the day before the tender date. The project was 
cancelled. The Octatube design drawings indicate the design proposals in carbon-fibre epoxy 
blob shells. 
6 CONCLUSIONS 
From the experiences, acquired over the last years by architects who work in the relatively 
thriving sector of utility building, the current use of computer programs at architectural firms 
seems irreversible. The ease, with which architects conjure up complex shapes of buildings 
and their lay-outs on their computer and win design contests, is an indication of the total 
revolution of the spirit of the times. Structural designers have to anticipate answering 
architects with surprising structural designs for 'free form' designs. The shapes of free form 
buildings are of such complexity that all the familiar and forgotten know-how has to be 
recalled. Therefore, mobilise all sleeping, of the 1st  pioneers knowledge, and all active 
knowledge on 3D structural technologies. The resulting design of this contribution shows that 
building technical design can lead to integrated and innovative structures. 
Cladding is as important as the structure: therefore one should develop multi-material 
design solutions on both cladding and structural levels, where every material has its own 
function, and designed in an integrated way.  
The results of this process have to be integrated into one technical artefact that satisfies all  
requirements and gives efficient answers or compromises in all of its life phases, be it 
conceptual design, material design, detail design, engineering, productions, assembly, 
installation, loading behaviour, functional use as a building, meaning of the artefact as a 
building, even as Architecture.  
It may be true that the well-known restrictions in the volume prices of the building 
industry, as posed by the clients in the building industry, lead to traditional and well known 
technologies. Sometimes experiments are persistent, initiated by designers who are willing to 
wander though the entire experimental development processes and are able to solve all 
foreseen and unforeseen problems. In this case the interdisciplinary collaboration with 
Industrial Design Engineering, the Marine Industry and Aeronautics proved to be essential 
and enrichment in the field of Architecture.  
Standardization in detailing, moulding processes and engineering is necessary to avoid 
many expensive tests for each individual project. The fibre reinforced sandwich shells will be 
developed on production, detail and global level. A balance between standardization and 
creating your own customized material must be found yet. 
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Summary. This study investigates the face/core fracture behavior of sandwich specimens with
different designs. The traditional interface with a quadraxial mat directly adhered to the foam
core is compared to interfaces where an additional mat with randomly oriented fibers is in-
serted between core and face. The extra mat affects the crack propagation path in the sandwich
specimen, and makes it more likely for the crack to propagate at or near the interface, instead
of kinking into the laminate or core. Further, the extra mat acts as a source for fiber bridging,
and hereby the fracture resistance is increased as bridging fibers shield the crack tip from the
loading. Results show that the increase in fracture resistance due to fiber bridging is significant.
Cohesive laws regarding cracking of sandwich interfaces are extracted.
1 INTRODUCTION
1.1 Background and motivation
In sandwich structures face/core debonding is a common flaw that may form during produc-
tion if there is a lack of resin adhesive. In service, impacts can damage the core and hereby
generate a debond which might act as a starting crack propagating throughout large parts of
the structure when exposed to moderate loading. This can reduce the load carrying capability
drastically, and it is important to gain experience and develop tools for predicting the damage
tolerance of sandwich structures. It is a goal to be able to assemble an optimal sandwich inter-
face through knowledge of the individual fracture behavior of core, face and additional interface
layers. With regards to damage tolerance one should be aware of the weakest link in the chain,
since the crack tends to propagate where the resistance is the least. Hence, the interface region
should be carefully tailored in accordance with the fracture properties of the face and core.
If the crack propagates at the face/core interface the fibers in the face laminate can form a
bridging zone behind the crack tip. This can contribute significantly to the fracture resistance
of the crack since the bridging fibers provide closing tractions between the separated crack
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surfaces [1]. In Figure 1 a photo from [2] illustrates the large scale fiber bridging that might
develop in a sandwich structure.
Figure 1: Large scale fiber bridging observed for cracking of a sandwich structure
1.2 Cohesive zone approach
In the case of large scale bridging tractions are being transferred between the separating
surfaces in an area called the failure process zone. If the process zone is large compared to some
relevant dimensions of the specimen e.g. the crack length, Linear Elastic Fracture Mechanics
(LEFM) is not accurate and the effects caused by the large process zone should be taken into
consideration. The Cohesive Zone Model (CZM) is widely used to simulate specimens where
the process zone size has a significant influence on the fracture behavior. Consider a cracked
sandwich specimen with a large process zone in Figure 2.
L
δ∗n
δ∗t
δ
∗ = δ
0
x
y
Γpz Γtip
Figure 2: Process zone of a crack in a sandwich specimen subjected to mixed mode loading
The opening displacement of the pre-crack tip δ∗ can be projected in normal and tangential
opening displacement components, δ∗n and δ∗t , see Figure 2. A schematic graph of the fracture
resistance, JR, as function of pre-crack tip opening is sketched in Figure 3 (a). The fracture
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process can be separated in two different branches. Initially the pre-crack tip opens very little
due to deformation or micro-cracking of the adhesive bonding layer at the interface and during
this stage JR increases rapidly. As the fracture resistance reaches a certain material specific
value J0, the interface separates and the crack tip opens more rapidly. With fibers bridging in
between the separating crack faces JR increases further, since fiber bridging in the process zone
contributes to the crack growth resistance. Eventually JR reaches a steady state plateau Jss =
J0 + Jbridging where J0 and Jbridging are contributions to the fracture resistance from the crack
tip and fiber bridging respectively. The pre-crack tip opening δ∗ = δ0 as JR reaches a plateau
is considered a material property for a fixed normal/shear opening ratio δ∗n/δ∗t . Conversely, the
length of the process zone at steady-state L is not a material property since it depends on the
specimen geometry and loading [4].
δ
JR
Jss
δ
0
J0
σ
δ
J0
Jbridging
Jbridging
σ^
(a) (b)
δ
0
σ = ∂JR
∂δ
Figure 3: Schematic graph of JR as function of pre-crack tip opening (a) and derived cohesive law (b).
The J integral as given by [5] can be derived for a multilayered sandwich specimen using
laminate beam theory to describe the stress and strain distribution in the different layers. This
will not be closer described here, but can be found in [3]. The cohesive law is derived from the
J integral value by differentiating JR with respect to the opening displacement of the pre-crack
tip, see illustration in Figure 3 (b) and [3].
2 TAILORING THE SANDWICH INTERFACE
The objectives of this study are (1) devise a simple method to increase the fracture resistance
of the interface due to fiber bridging and (2) design the interface so the crack does not kink into
the adjacent core or laminate.
2.1 Crack kinking
When considering the propagation of an existing face/core debond, the crack can propagate
in three basic ways; 1) propagate self similar in the face/core interface, 2) kink into the core, or
3) kink into the face, see the schematic in Figure 4.
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1)
2)
3)
Figure 4: Schematic illustration of possible crack propagation paths in a sandwich specimen
The crack path is influenced by the stress state at the crack tip, e.g. described by the mode-
mixity of the crack, and the resistance to crack propagation caused by the face, core and adhe-
sive [7]. If the interface is weak and brittle compared to the core and face laminate, the crack
may propagate in the interface regardless of the mode-mixity. If on the other hand the interface
is very tough, the crack will propagate in the core or face laminate.
Under the assumption of LEFM it was proposed by [8] that the crack will kink out of the
interface and into the core if
G/Gtmax < Γ(Ψ)/Γc (1)
where G/Gtmax is the ratio between the energy release rate at the crack tip and maximized
energy release rate with respect to the kink angle and Γ(Ψ)/Γc is the ratio between interface
fracture toughness and the mode I fracture toughness of the core.
As described above, the interface fracture toughness is given as a sum of energy dissipated
at the crack tip and the process zone behind the crack tip, i.e. Jss = J0 + Jbridging. Regarding
the kinking criteria in (1) it is assumed that the energy release rate of the interface Γ(Ψ) is the
energy dissipated at the crack tip, thus Γ(Ψ) = J0, whereas the energy dissipated in the process
zone will only have a minor influence on the crack path.
It is desired to reduce the tendency for crack kinking by minimizing the right hand term in
(1), i.e. J0 should be small. On the other hand it is desired to increase the energy dissipated as
the crack grows in the interface, i.e. maximize Jss = J0 + Jbridging. It is therefore believed that
an interface with small J0 and large Jbridging will satisfy the two criterions that the crack should
stay in the interface and simultaneously posses a high resistance towards fracture.
2.2 Layer with randomly oriented fibers
In several applications a mat with randomly oriented fibers is inserted between the core and
face. The purposes of this mat are (1) to increase the resin flow near the core during production
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and hereby avoid any dry areas and (2) obtain a more gradually changing stiffness from the
compliant core to the stiff quadraxial face. Two different mat types are used for this purpose:
Chopped Strand Mat (CSM) and Long Strand Mat (LSM), where the CSM consists of 4-6 cm
long fibers bundled together and the LSM are very long fiber bundles. In both cases fibers
are oriented randomly in the plane of the mat. In this study the CSM and LSM are used to
intentionally create a relatively weak layer where the crack is likely to propagate. It is further
believed that a mat with randomly oriented fibers is an effective source for fiber bridging, since
fiber bundles are relatively easy being pulled out of the mat.
Fracture resistance curves for interfaces without and with CSM are schematically illustrated
in Figure 5.
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R
d
J0
core
face laminate
Pre-crack
J
R
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J0
J
ss
face
Core
CSM
Core
Jss
Jcore
Jcore
core
CSM
face laminate
Pre-crack
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(b)
Figure 5: Possible fracture resistance curves for (a) interface without CSM and (b) interface with CSM. The red
circle marks the steady state fracture toughness which is equal to the crack driving force necessary to propagate
the crack when the process zone has evolved
As described previously the crack path is dictated by the local fracture toughness values at
the interface and the core material along with the energy release rates for crack propagation in
the interface and in the core material, see (1). For the interface without CSM, see Figure 5 (a),
J0 is larger than Jcore and it is likely that the crack will propagate in the core, with the energy
release rate equal to Jcore. Regarding the other interface illustrated in Figure 5 (b) J0 is smaller
than Jcore and it is likely that the crack will propagate in the CSM layer. This entails large scale
fiber bridging and the total fracture resistance increases to Jss = J0 + Jbridging. It is therefore
possible that the weaker CSM layer causes a more damage tolerant interface, and it is desired
to investigate this further.
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3 EXPERIMENTS
3.1 Test method
The Double Cantilever Beam loaded by Uneven Bending Moments (DCB-UBM) was previ-
ously used for fracture testing of monolithic composites [6]. The test-rig consists of a roller-wire
system, that applies a pure bending moment to each of the two beams M1 and M2, and the ratio
between moments is held fixed throughout one experiment. The ratio can be varied by chang-
ing the distance between rollers on each of the two arms, and the sign of the moment can be
reversed by changing the mounting direction of the wire. A schematic illustration of the test-rig
is shown on Figure 6.
P
l2
l1
M2
M1
x
y
Figure 6: Schematic of the loading principle of a DCB-UBM sandwich specimen.
One important advantage of loading the specimen by moments (instead of edge forces) is that
the J integral is independent of crack length, and depends only on geometry, elastic properties
and applied moments [4].
3.2 Materials
Sandwich panels were manufactured using vacuum injection moulding with the glassfiber
faces being approximately 3.5 mm thick with three different lay-ups.
1. [DBLT4/Core/DBLT4]
2. [DBLT4/CSM/Core/DBLT4]
3. [DBLT4/LSM/Core/DBLT4]
All specimen have four mats of quadraxial Devold Amt DBLT 850-E10-I. The mats with ran-
domly oriented fibers are either Chopped Strand Mat (CSM) 450 g/m2 or Long Strand Mat
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(LSM) 450 g/m2. All faces are assumed in-plane isotropic and the elastic properties of the
individual layers are found in data sheets and calculated into overall elastic properties using
classical laminate theory with an effective E-modulus of approximately 14 Gpa and a Poisson’s
ratio of 0.3.
The epoxy resin is Polylite R© 413-575, which is specially suited for vacuum injection due to
low viscosity. The 20 mm thick Divinycell H200 PVC foam core has a density of 200 kg/m3
and is manufactured by DIAB. The core material is assumed linear elastic and isotropic and
elastic properties are found in a manufacturer data sheet with an E-modulus and Poisson’s ratio
of 240 MPa and 0.32 respectively. The sandwich faces are relatively thin and the specimen will
undergo large deflections during loading, which is prevented by adhering a 6 mm thick steel bar
to each face. A description and analysis of the steel reinforced sandwich specimen is found in
[3].
70 mm
450 mm
6 mm
3.5 mm
20 mm
3.5 mm
6 mm
Teflon film
Figure 7: Sandwich specimen with pre-crack (dimensions in mm). The specimen is stiffened by 6 mm steel bars
adhered to the faces.
4 RESULTS
The following describes and discusses some general results concerning the variation in frac-
ture behavior for the different tested lay-up types. Examples of results for three different rep-
resentative specimens are shown and further it is described how these results are processed. In
this paper only a small selection of results are included.
4.1 Crack path
As described previously the crack propagation path is highly influenced by the moment ratio
M1/M2 applied to the specimen since this affects the mode-mixity at the crack tip. The crack
can either propagate in the interface or kink into the core or laminate, and the behavior depends
on the lay-up. In Figure 8 an estimate of the results regarding crack kinking are given. The
considered specimens are; no intermediate layer, CSM and LSM.
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Figure 8: Crack path map for different lay-up configurations. The terms core, laminate and interface refers to
where the crack propagates for a particular range of moment ratio M1/M2.
It is observed for specimens without any CSM or LSM layer that the crack will not propagate
in the interface, but instead propagate either in the core or in the quadraxial laminate. It is as-
sumed that the interface for this configuration is very tough compared to the adjacent materials,
and that the crack therefore will not propagate here, cf. (1). For specimens with CSM or LSM
laminate in the interface the crack will propagate in the interface for a certain range of applied
moment ratio M1/M2. This range is considerably larger for the CSM layer compared to the
LSM configuration.
4.2 Observations
The following describes visible observations from the experiments regarding fracture be-
havior of the different lay-ups. There is a considerable difference between the CSM and LSM
configurations regarding large scale bridging developing in the interface, see Figure 9 (a) and
(b). The LSM configuration shows heavy fiber bridging whereas the amount of fibers for the
CSM configuration is relatively limited. Additional fracture tests were conducted in order to
investigate the pure mode I fracture toughness of the core material. In this case the steel bars
were adhered directly to the foam material and the specimen tested with a moment ratio of
M1/M2 = −1 (i.e. pure mode I). The crack then propagates at the center of the core in steps of
3-4 cm, see Figure 9 (c)
(a) (b) (c)
Figure 9: Photos of DCB-UBM specimens with the crack propagating in a) CSM, b) LSM and c) the core. The
observed fiber bridging is much heavier for specimens with LSM compared to CSM.
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4.3 Fracture resistance
The fracture resistance JR is measured by use of the J integral described previously. The
fracture resistance is plotted as function of pre-crack tip opening δ∗ and examples are given for
cracking in the CSM and LSM configuration and for the core.
Consider the measured fracture resistance of the LSM interface as function of pre-crack tip
opening in Figure 10. The JR-curve increases initially rapidly until JR = 810 J/m2 where the
pre-crack tip opens and the crack starts propagating. As the process zone evolves, the fracture
toughness increases due to fiber bridging The crack propagates in small jumps of 2-3 cm thus
the curve is not smooth but consists of several peaks which represents the crack driving force at
the time of crack propagation i.e. the fracture resistance of the material. The local peak points
are identified and extracted from the full data set.
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Extracted data
Figure 10: J − δ∗ curve with measured data and extracted data for the LSM interface and M1/M2 = 0. J0 is
found to be approximately 800 J/m2
The extracted data points are fitted with a piecewise second order differentiable spline using
the least squares criteria, see Figure 11.
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Figure 11: The extracted data are fitted with piecewise 2nd order polynomial splines
The above described data reduction is performed for all considered interface configurations.
The results are presented in Figure 12.
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Figure 12: Selected results for the investigated configurations in the form of fitted polynomials. The fracture
resistance of the LSM configuration increases during crack propagation, whereas the increase is considerably
smaller for the CSM configuration.
As the crack starts propagating (curve deviates from linear) the CSM configuration show
modest increase in fracture resistance due to scattered fiber bridging, whereas the LSM con-
figuration show large increase due to a more dense fiber bridging. Results are given in Table
1.
Interface configuration J0[kJ/m2] Jss[kJ/m2]
CSM 0.469 0.640
LSM 0.810 3.02
Table 1: Fracture resistance J0 and Jss for the CSM and LSM configuration.
It is illustrated by the results given in Table 1 that fiber bridging may contribute significantly
to the fracture resistance of the sandwich structure. The experimental results show that the
increase in fracture toughness from J0 to Jss due to fiber bridging is approximately 50% for the
CSM configuration and 400% for the LSM. For comparison, as the crack propagates in the core
the fracture process zone is very small, and it can be assumed that all energy is dissipated near
the crack tip (J0 equals Jss, see Figure 12). The fracture toughness of the core tested in pure
mode I is 2.51 kJ/m2.
4.4 Cohesive laws
The cohesive law is derived by differentiating JR with respect to δ∗, as described in a previous
section. Results are plotted in Figure 13.
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Figure 13: Derived cohesive laws for the CSM and LSM interface configuration.
The cohesive law for the LSM configuration consists of two branches: separation of the
interface under large stress, and post-separation behavior, where bridging fibers transfer stresses
between the separated faces. The stress at separation rises to a peak at 7.6 MPa. For δ∗ = 0.3
mm the interface has separated and stress has reduces to 0.4 MPa. The stress decreases slowly
to 0 as the displacement increases to 7 mm. The curve for the CSM configuration shows that
the interface separates at a stress of approximately 4.5 MPa and bridging is limited compared
to the LSM.
5 CONCLUSION
The fracture behavior of a sandwich interface with two different randomly oriented mats
(long and short fibers), is investigated and compared to a traditional sandwich interface without
any extra mat. The additional mat acts as a source for fiber bridging which shields the crack
tip for the applied load, and increases the fracture resistance with up to 400% of the energy
dissipated at the crack tip. It is believed that this behavior might have a considerable potential
regarding increasing the fracture toughness without risking that the crack either kinks into the
core or load carrying laminates. Both scenarios will decrease the global load carrying capacity
of the structure, and are therefore considered unwanted.
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Summary. The crack propagation in a sandwich panel containing core junction is investigated.
Experiments show that it is possible to change the crack path by changing the geometry of the
core junction. The stress state in the vicinity of the crack tip at the core junction is investigated
by eigenfunction analysis.
1 INTRODUCTION
A typical sandwich structure is made from a number of different core materials. This is done
to optimize the structure of lowest possible weight. Hence, a sandwich structure will often have
a number of core junctions.
A common failure mode of sandwich structures is delamination of the interface between core
material and one of the face sheets. Cracks are often initiated somewhere in the core material,
and will propagate towards the interface and subseqently along the interface. Changing the
direction of crack growth is a first step in introducing damage tolerance.
Cracks propagete along the interface quite easily, so it is desireable if the crack may be
diverged away from interface some means. Core junctions may be designed to do this.
Just recently a new concept where face sheet peeling is stopped by embedding a special
designed core component has been proposed by Jakobsen et al. [1, 2]. The idea of the concept
is to force a face-core interface crack to propagate away from the face-core interface and follow
a core-core interface instead. By the introduction of new core component into a sandwich
structure a tri-material corner is created and stress singularities appears. The nature of the
singularity and the corresponding eigenfunctions will govern the stress state in the vicinity of
the tri-material corner are therefore important for the design of the core component.
In the present paper experimental results that demonstrate the effect of core junction design
on the interface crack propagation is presented. Analysis of the stress singularities at the critical
moment where the crack has reached the core junction is presented. The results of the analysis
will be compared with the experimental results that give the actual crack path.
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Figure 1: The geometry of the test specimens.
E modulus [MPa] Poissons ratio
Face sheets: GRFP (0, 90)4 Ehomogeneous 25050 0.3
Stiff core: Divinycell H200 250 MPa 0.32
Compliant core: Divinycell H60 42 MPa 0.32
Table 1: The elastic material properties for the sandwich beam constituents are given in this table. However, it
should be noted that the face sheet laminate may be simplified to a homogenous layer with the properties given in
this table.
2 EXPERIMENTS
An experimental setup of three sandwich beam configurations subjected to a three point
bending load condition illustrates partly the concept. The sandwich panels were loaded by
three point bending, and had 5 sections of alternating core material.
For a crack approaching the tri-material corner (i.e. core junction) it is observed that for
some geometrical configuration the interface crack is rerouted at the tri-material corner. This is
illustrated in Fig. 3 and 2. While for other core junction geometries the crack propagate along
the interface regardless of the core junction.
The sandwich beam specimens were made of PVC foam core materials H60 and H200 sup-
plied by DIAB. The face sheets were made from GFRP by a resin infusion process and layed
up in a alternating 0/90 configuration, see table 1 for details.
The configuration is a common sandwich configuration, and the modification to the core
junction is quite modest. This could be made in using the standard tools that are used for
producing these structures.
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Figure 2: The crack paths for two cases. Left is the 60 degree case were the crack propagates along the face-core
interface. Right is the case of 30 degrees were the crack propagate along the core-core interface before it kinks.
Figure 3: Shows the test setup used for the three point bending load condition.
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Figure 4: A representative high speed image sequence of the failure process for a test specimen with 90 deg core
junction angle.
Figure 5: A representative high speed image sequence of the failure process for a test specimen with 60 deg core
junction angle.
3 Experimental results
The failure initiated in the bulk of the compliant core and continued as delaminations along
the upper and lower face-core interface. This was observed as a failure event for all three
configurations. Representative failure initiation and progress of the three configurations may
be seen in Fig 4, Fig 5, and Fig 6. The high speed images shown, in those figures, covers a
period of time of only a few milliseconds. This very short period of time for the failure process
is normal for sandwich beams loaded quasi statically and for this type of support condition.
4 DAMAGED PANEL STRESS STATE
The stress state in the vicinity of the crack tip is analysed subsequently. The geometry is
locally defined by three radial lines that separate the three materials, i.e. the two core materials
and the face sheet. All materials are assumed to be isotropic and linearly elastic.
Figure 6: A representative high speed image sequence of the failure process for a test specimen with 30 deg core
junction angle.
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Figure 7: The local geometry at the tri-material-wedge.
The two core materials are assumed to be perfectly bonded, hence continuity of stresses and
displacements may be assumed. Similarly for core 2 and the face sheet. The crack is on the
other hand assumed to be stress free, see figure 7.
A solution that govern the stress state in the vicinity of the crack tip may be contructed using
on a series expansion of the Mushelishvilii potentials, which was given by e.g. Pageau and
Biggers [3].
φk = a1kz
λ + a2kz
λ
ψk = b1kz
λ + b2kz
λ (1)
where k = {1, 2, 3} refer to the material number. This problem yield a nonlinear eigenvalue
problem which is defined as follows.
A(λ)x = 0 (2)
where A(λ) is a matrix with nonlinear functions of λ, and x is a vector of constants a1k, a2k, ....
The eigenvalue problem defined above is solved numerically for the eigenvector pairs, which
along with eq. 1, define eigenfunctions for the stress and deformation state.
Following Mushelishvilii the stresses in polar coordinates may be defined as:
σrr + iσθθ = 2
(
Φ(z) + Φ(z)
)
(3)
σθθ − σrr + 2iσrθ = 2 (zΦ′(z) + Ψ(z)) e2iθ (4)
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where Φ and Ψ are the derivatives of φ and ψ, respectively. Hence, if (λ) < 1 the stresses
will be singular. It may also be found that (λ) < 1/2 then the strain energy density will be
unbounded at the crack tip. Hence, solutions associate with 1/2 ≤ λ ≤ 1 will be of primary
interest, since these will lead to singular stresses that dominate the region near the crack tip.
The first three eigenvalues (λ) that were found for the current geometry and material proper-
ties are listed in table 2. The geometry defined in Fig. 7 is used for the analysis and the material
properties defined in Table 1 were used for analysis along with plane strain assumptions.
Eigenvalue 30 deg 60 deg 90 deg
λ1 0.58600+0.0745 I 0.63848 0.6420+0.07899I
λ2 0.9971 0.67862 0.9998
λ3 1.0 1.0 1.0
Table 2: The first three eigenvalues for the three cases.
For the case α = 30 there is a strong first singularity, while the second eigenvalue yield
only weakly singular behaviour. Hence, it may be assumed that the stress state close to the
vertex is dominated completely by the first eigenfunction provided that it is active. Note also
that the eigenvalue is complex, which define an oscilating behaviour of the stresses, i.e. σij ∝
cos(ω ln r). This define oscilating with increasing frequency as r approaches zero.
The eigenfunction define the distribution of circumferential displacements in a circle of ra-
dius 1 mm shown in figure 8. Here it is seen that the displacements are contineous across
material boundaries as required and that there is a discontinuity at the crack θ = 0. It may be
seen that the crack is in an opening mode here.
The shear stresses σrθ may be seen in Fig. 9. These are zero at θ = 0 by definition, and
are quite high at the face-core interface θ = π. The circumferential normal stresses σθθ are
shown in Fig. 10. These are also zero at θ = 0 and are nearly zero at the face core interface
θ = π. There is, however, a maximum close to θ = π/2, and still significant tensile stresses at
the core-core interface, θ = 5/6π. The test results showed a crack that propagated along the
core-core interface, which has significant shear stresses σrθ and tensile normal stresses σθθ, but
not the maximum of either one.
The situation α = 60deg showed two eigenvalues that had nearly the same singularity strength.
The stress state at the vertex is thus expected to be dominated by a combination of the two first
eigenfunctions.
The distribution of circumferential displaments corresponding to the first eigenfunction are
shown in Fig. 11. The stress distributions are shown in Fig 12 and 13. Note that the shear
stresses are quite high at the face-core interface α = π, while the normal stress σθθ is com-
pressive. The experiments showed crack growth along the face-core interface, hence it may be
possible that the shear stresses are responsible for crack propagation. The second eigenfunction
can also be important for this case, since it also has a strong singularity. This has not been
investigated further in the present paper, however.
688
Anders Lyckegaard, Johnny Jakobsen, Jens Andreasen and Elena Bozhevolnaya
− 20
10 − 3
1
0
− 5
3− 2
5
− 15
− 3 − 1 0
theta
− 10
2
Figure 8: The circumferential displacement uθ versus θ for the first eigenfunction for the case α = 30. Here
plotted along r = 1mm.
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Figure 9: The circumferential displacement σrθ versus θ for the first eigenfunction for the case α = 30. Here
plotted along r = 1mm.
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Figure 10: The circumferential displacement σθθ versus θ for the first eigenfunction for the case α = 30. Here
plotted along r = 1mm.
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Figure 11: The circumferential displacement uθ versus θ for the first eigenfunction for the case α = 60. Here
plotted along r = 1mm.
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Figure 12: The circumferential displacement σrθ versus θ for the first eigenfunction for the case α = 60. Here
plotted along r = 1mm.
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Figure 13: The circumferential displacement σθθ versus θ for the first eigenfunction for the case α = 60. Here
plotted along r = 1mm.
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Figure 14: The circumferential displacement uθ versus θ for the first eigenfunction for the case α = 90. Here
plotted along r = 1mm.
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Figure 15: The circumferential displacement σrθ versus θ for the first eigenfunction for the case α = 90. Here
plotted along r = 1mm.
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Figure 16: The circumferential displacement σθθ versus θ for the first eigenfunction for the case α = 90. Here
plotted along r = 1mm.
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The case for α = 90 has one strongly singular eigenvalue, while the second is only weakly
singular. The first eigenfunction show a similar situation as the previous case. The displacement
Fig. 14 show opening of the crack. The stresses corresponding are shown in Fig. 12 and 13.
The experiment showed crack propagation along the face-core interface, and this correspond to
the location where shear stresses are large, but normal stresses are sligtly compressive. Along
the core-core interface there are some tensile stresses while shear stresses are nearly zero.
A final interesting fact is that all three cases has an eigenvalue of one. This eigenvalue
correspond to the case of constant stresses. The eigenvalue analysis show, however, that the
stress function potentials are zero in all cases. Hence, a state of constant stress cannot exist in
the vicinity of the tri-material corner.
5 CONCLUSIONS
The present paper present experiments of three point bending of sandwich beams contaning
two different cores. The experimental evidence showed that once the limit load was exceeded -
a crack grew from the core and into the face core interface. The shape of the core-core interface
could in some cases diverge the crack from the face-core interface to the core-core interface.
The situation of a crack propagated up to the tri-material corner formed by the two cores and
the face sheet is analysed. It is assumed that the crack front has reached the tip of the tri-material
corner. The eigen functions that dominate the stress state nearby is analysed, and comparision
with the experimental results is done.
Presently, there is no criteria to determine the final crack propagation direction.
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Summary. Finite element analyses have been carried out for fractured sandwich
composites loaded in flexure. Core skin debonds parallel to the beam axis are considered at 
different distances from the upper skin interface. Static non-linear elastic two-dimensional
finite element analyses of cracked sandwich beams are accounted for the evaluation of stress 
intensity factors at the crack tips.
1 INTRODUCTION
In sandwich structures, low density foam core are receiving increasing attention.
Mechanical properties of cellular foams have been summarized by Gibson and Ashby [1]. 
Ashby et al. [2] investigated the fracture mechanisms of linear elastic foam. Zenkert and 
Backlund [3] studied the mode-II and mixed-mode crack propagation of PVC cellular foam. 
Harte and Fleck [4] investigated failure modes in aluminium foam core sandwich panels 
loaded in cyclic flexure fatigue. Burchardt [5] numerically and Burman and Zenkert [6] 
numerically and experimentally have investigated fatigue characteristics of foam. Noury et al. 
[7] studied fatigue crack growth in rigid PVC cellular foam under combined mode-I and 
mode-II loadings.
In sandwich structures the foam is typically the weakest part and is the first to fail under 
static or cyclic loading because it transfers the applied loads as shear stresses. Interface
debond damages between the face and the core can originate either from the manufacturing 
process or during service. In sandwich structures interfacial defects have been studied by 
Triantafillou and Gibson [8], Carlsson et al. [9-11] and Zenkert et al. [12,13]. Berggreen [14] 
and Berggreen et al. [15] have studied the ultimate failure of debond damaged sandwich 
panels loaded with lateral pressure.
In this paper a core-skin debond 1a  parallel to the beam axis is considered (Fig. 1), in 
accordance with experimental data [16,17]. When subjected to flexural loading, this debond 
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will propagate slowly along the top interface and eventually kinked into the core as a shear 
crack. Stress intensity factors are calculated using the Finite Element Method and assuming 
linear fracture mechanics and plane strain, plane stress conditions for the cracked sandwich 
beam. Results from the finite element analysis show the influence of the upper face sheet to 
the value of the stress intensity factors when the distance of the crack from the upper skin 
interface diminishes.
2 NATURE OF THE PROBLEM
The sandwich considered is depicted in Figure 1. It is composed from PVC-core, R-75
with properties given in Table 1. (Technical data from DIAB Inc.) and face sheets from 240F 
S2-glass fiber with epoxy resin.  Face sheet was separated from the sandwich beam using 
cutting and polishing machine. The face sheet was loaded at different support spans and its 
tensile modulus was found MPa16300  with Poisson’s ratio 0.3 in the longitudinal direction 
[17]. The dimensions of the test specimen were =L 228.6 mm (support span) and =b 63.5
mm (width). The core thickness was =2t 12.7 mm and the face sheet thickness was =1t 2.28
mm. The overall thickness was 17.26 mm.
In the experimental investigation [16,17], the specimens were supported on two rollers 
with appropriate overhang. A crack initiated on the compression side just below the top face 
sheet/core interface. It was noticed that the crack always initiated at the sub-interface created 
by the resin soaked, and dry cells, below the actual top core-skin interface. This debonding 
crack was about 1-1.5mm below the interface. The crack runs parallel to the beam axis from 
the point of initiation towards the end support (Figure 1).
Figure 1 A cracked sandwich beam under flexural loading
3 NUMERICAL INVESTIGATION
The cracked sandwich beams are analyzed using the finite element method. Because of 
high stress gradients around the interface, different finite element meshes consisting of two 
dimensional plane strain and plane stress elements are used.
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The finite element analysis is performed by the use of the general purpose finite element 
program ANSYS [18]. The 6 node two-dimensional plane strain triangular elements (PLANE 
82) were used in order to model the beam. The frictionless contact area at  the crack surfaces 
in the cracked sandwich beam, was modeled with 2-node linear contact elements (CONTACT
178) [18], in order to prevent one surface from entering into the other in the load transfer 
region. The contact friction is assumed zero since the friction properties on the crack surfaces 
can not be reliably measured  and since the effect of friction on the closed part of crack 
surfaces is small [13,6,15,17].  Singular elements (mid-side nodes at ¼) were used at the two 
crack tips in order to simulate the singular stress behaviour.
In order to analyze the event-1 crack propagation, a small crack is considered at 
different distances d (Figure 1) below the interface immidiately under the central load
introduction and parallel to the beam axis. This small crack is considered propagating under 
the interface. For the different crack lengths and for the applied load
943.27ultP rP N= = ,                                                              (1)
where ( )1347.52ultP N=  the average static failure load [16,17] of the sandwich beam and 
( )0.70r =  the lower stress level from the experimental ivestigation (the stress level r  for a 
particular set of cycling loading defines the values of the maximum and minimum stresses).
The opening IK  and shear IIK  mode stress intensity factors calculated from the nodal 
displacement on the crack lips, are [18]:
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where u  and υ  the sliding and opening displacements respectively, ( )θ,r  the polar-
local coordinate system at the crack tip, G  the shear modulus and νκ 43−=  for plane strain, 
( )( )ννκ +−= 13  for generalized plane stress.
In case that  there isn’t any symmetry in the cracked model and 180±=θ , we have:
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where uΔ , υΔ  the difference in displacements on the crack lips.
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A very fine finite element mesh is considered in order to simulate the crack lengths. The 
finite element mesh consists of about 82000 elements PLANE 82 in the case that 1.5d mm= ,
64000 elements in the case that 1.0d mm=  and 42000 elements in the case that 0.5d mm= .
We have used different finite element meshes in the core as the distance of the crack from the 
upper skin interface changes but without changing the number of elements in the upper and 
lower skin laminate (about 4782 elements in the top laminate and 2290 elements in the 
bottom laminate). In order to build the finite element meshes in the core we have considered 
different parameters concerning the crack length, the “fine” mesh around the crack tip and the 
distances of the crack from the upper skin interface. Twelve singular elements have been used 
around the crack tips for every crack length. The number of contact elements changes 
according to the crack length and in the finite element program ANSYS a code in APDL [18], 
is created in order to insert the contact elements for every crack length.
4 NUMERICAL  RESULTS
After the formation of a small crack, the cracked sandwich beam is studied. The crack is 
considered at different distances ( )1.5 ,1.0 ,0.5d mm mm mm= from the upper skin interface and 
just below the concentrated force. The position of the right crack tip is considered constant, 
immediately under the concentrated from whereas the left crack tip moves to the left, as it was 
observed from the experimental investigation [16,17]. The results for the opening mode IΚ
and the shear mode IIΚ  stress intensity factors based on relations (2) and (3) and for the plane 
strain and plane stress conditions, are given in Figures 2-7 for the left and the right crack tips.
From the numerical investigation it is seen that as the crack propagates, IΚ   and IIΚ
values increase at the left crack tip (Figures 2,3). IIΚ  increases very faster when comparing
with IΚ . It is observed that the value IΚ -stress intensity factors are very lower comparing 
with the IIΚ -stress intensity factors. It is also observed that as the distance between the crack
and the upper skin interface decreases the value of the IΚ  and most apparently of the IIΚ
also decrease but the percentege differences between the values of IIΚ  for 1.5d mm=  and 
1.0d mm=  and for 1.0d mm=  and 0.5d mm=  are rather small. This is due for IΚ  to the 
fact that the stress field in the core, where the shear stresses are dominated, between the crack 
and the interface is rather complex because of the small distance from the interface to the 
crack. On the other hand for IIΚ  the shear stresses in the core become higher as we move 
from the upper skin interface (see also [14,15]). In case that plane stress is considered instead 
of plane strain for 1.0 ,d mm= there are differences between the values of IΚ  and IIΚ
(Figures 4,5). These differences increase as the crack lenght increases. At the right crack tip 
the IIΚ  and IΚ values (Figures 6,7) increase in a slow rate when comparing with the left 
crack tip. In particural the IΚ values are very high for 1.5d mm= comparing with the values
of IΚ  for 1.0 ,0.5d mm mm= , which are close to zero (Figure 6). This is due to the fact that 
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the right crack tip is immediately under the load introduction and the stress field close to the 
interface is singular. On the other hand the IIΚ values for the different distances d  (Figure 7) 
increase similarly but in a slow rate when comparing to the left crack tip. For the right crack 
tip it is observed that, the percentage differences between the plane stress and the plane strain 
cases,  are rather small.
From the above analysis it results that a crack propagating into the core close to the 
upper skin interface, is subjected to mixed-mode loading conditions where Mode II is the 
dominating mode. 
Density ( )3mkg 75.2
Compressive strength ( )MPa 1.1
Compressive modulus ( )MPa 38.0
Tensile strength ( )MPa 2.0
Tensile modulus ( )MPa 62.0
Shear strength ( )MPa 0.9
Shear modulus ( )MPa 29.0
Table 1. Mechanical properties of R-75 [17]
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Figure 2 Values of the stress intensity factors KI for the left crack tip and for different distances d from the upper 
skin interface.
Figure 3: Values of the Stress Intensity Factors KII for the left crack tip and for different distances d from the 
upper skin interface.
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Figure 4:Differences between the plane strain and plane stress cases for the values of the left crack tip stress 
intensity factors KI and for d=1mm.
Figure 5:Differences between the plane strain and the plane stress cases for the values of the left crack tip stress 
intensity factors KII and for d=1mm.
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Figure 6: Values of the stress intensity factors KI for the right crack tip and for different distances d from the 
upper skin interface.
Figure 7: Values of the stress intensity factors KII for the right crack tip and for different distances d from the 
upper skin interface.
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5. CONCLUSIONS
The behavior of fractured sandwich composites loaded, in three-point flexure was 
examined numerically. An “extra fine” finite element mesh was used in this study better than 
those used in [19-21].
The crack propagation process was simulated numerically via the finite element method 
using different finite element meshes for the different crack lengths, in the core of a sandwich 
beam very close to the upper core-skin interface and parallel to the beam axis. The finite 
element ana lyses were static and non- linear elastic. The non- linearity concerns contact 
elements used at the crack surfaces. The results for the stress intensity factors have big
deviations from those derived in [19] using a “coarse” finite elements mesh. The results for 
the left and right crack tips are comparable with those derived in [21] for 1.5d mm= .
The stress intensity factors at the vicinity of the crack tips were calculated for the 
different crack lengths using the linear fracture mechanics approach. The crack lengths 
considered in the core were in accordance with the crack initiation and propagation in the core 
of the sandwich beam just below the top face in the sub-interface, observed in the experiments 
[16,17]. From the numerical investigation it follows that the core is mainly subjected to shear. 
The crack propagation on the compression side is generally mode II dominated. The
differences in the IΚ values at the right crack tip and for the different distances d  from the 
upper skin interface, were due to the complex stress situation immediately down the
concetrated load [22-25].
The above numerical investigation gives a first indication of the crack growth behaviour 
in sandwich beams under flexural loading. Although the percentage differences between the 
plane strain and plain stress cases in the value of stress intensity factors were rather small, a
three dimentional finite element analysis is further needed in order to verify our results
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Summary
An investigation was conducted to study the in-plane tensile properties of adhesively bonded 
tubular polypropylene (PP) honeycombs. The adhesion level between the PP tubes was 
altered by varying the corona surface treatment time. In-plane tensile tests on the honeycomb 
cores were carried out to determine their mechanical properties and also to study the  failure 
modes of samples. In addition, two-dimensional linear elastic finite element analyses (FEA) of 
representative models were undertaken using the ABAQUS software. The experimental results 
showed that the in-plane tensile properties of PP honeycombs increased with increasing 
surface energy of the PP substrates. The core delamination samples made with  well-surface-
treated tubes showed a relatively ductile behaviour whereas weakly-treated specimens failed 
in a brittle manner. 
INTRODUCTION
Man-made honeycombs are being increasingly used in a variety of new commercial 
products due to their low density and high specific mechanical properties [1-2]. In the past 
few years, thermoplastic honeycombs have been introduced which are used in boat building 
and transport industries and are finding increasing applications in other engineering fields [3-
4]. In general, thermoplastic honeycombs are intrinsically tough but their specific stiffness 
and strength properties are low in comparison with those of fibre-reinforced plastic 
honeycombs. However, the properties of these materials compare favourably with structural 
polymeric foams. 
These honeycombs are manufactured by either heat fusing or adhesively bonding 
thermoplastic sheets or extruded profiles. A survey of published literature reveals that there 
are few publications dealing with the mechanical properties and processing of thermoplastic 
honeycombs [5-8]. Some researchers have used thermoplastic honeycombs as models to study 
the mechanical properties of cellular structures under compressive loading conditions [9-10]. 
Apart from a recent published paper on the in-plane tensile behaviour of Nomex honeycombs  
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there is no cited publication addressing the in-plane tensile behaviour of thermoplastic 
honeycombs [11]. 
Accordingly, the main objective of this study was to determine experimentally the effect 
of adhesion level between PP tubes on the in-plane core delamination strength of honeycomb 
specimens. In addition finite element analyses were carried out to study the deformation 
characteristics of representative honeycomb models. In-plane tensile testing of honeycomb 
cores yields useful design data such as tensile modulus and strength, strain-to-failure and also 
valuable information about failure modes of these materials. 
EXPERIMENTAL 
The honeycomb core samples used in this study were made in-house by adhesively 
bonding extruded PP tubes using a two-part room temperature cure epoxy adhesive. The 
extruded PP tubes had an inside diameter of 6 mm and average wall thickness of 200 ȝm. The  
PP tubes prior to bonding procedure were surface treated using a Tantech corona discharge 
(CD) equipment.  
Wettabilities of the substrates were evaluated as static contact angles using a  Kruss  
G2/G40 contact angle measuring system. In order to determine the surface energy of the 
treated PP samples, water and di-iodomethane were used as probe liquids. Water being a 
highly polar and di-iodomethane representing a highly dispersive liquid. 
Following the bonding procedure, the fabricated honeycomb core samples were sliced into 
required thicknesses using a hotwire technique. The core delamination tests were carried out 
using an MTS universal testing machine in accordance with ASTM C 363-94 standard. 
Rectangular honeycomb specimens, measuring  approximately 254 by 127 mm, were 
subjected to in-plane tensile tests (figure 1). The thickness of honeycomb specimens was 
varied from 10 to 40mm. The tests were carried out at a cross-head speed of 5mm/min under 
ambient laboratory conditions (23 ± 3º C, 50 %rh). 
NUMERICAL MODELLING 
A typical two-dimensional FE model developed for the analysis of the honeycomb cores 
is shown in figure 1. The representative model was completely symmetrical about the y-axis 
and thus only half of the honeycomb was modelled and symmetry condition was imposed 
along the boundary. The tubes were modelled with the B21 beam elements. Each tube was 
modelled with 18 elements evenly distributed along the circumference of the cells. In total 
about 13000 elements were used to model the honeycomb core delamination sample. The 
bond between each tube was assumed to be perfect. The Young’s modulus and Poisson ratio 
of the PP were taken to be 1250 MPa and 0.4 respectively. 
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Figure 1 : Honeycomb core delamination sample and representative fe model 
RESULTS AND DISCUSSION 
A summary of the surface contact analysis study is shown in table 1. As expected, the 
contact angles decreased and the surface energy values increased with increasing corona 
surface treatment time.  
Contact angle (°) (1) Owens surface energy 
parameters (mJ/m2)
Substrate
water di-iodomethane ȖsP ȖsP Ȗs
As received PP 92.7 56 0.9 30.9 31.8 
Lightly-surface treated PP 45.7 47 20.9 35.9 56.8 
Well-surface treated PP 25.3 45 31.3 37 68.3 
Notes: (1) Owens surface energy values [12] 
(2) At least 5 specimens were tested for each test variable 
Table 1 : Contact angle measurements and surface energy values of polypropylene substrates 
Figure 2 shows the core delamination test results in which the performance of three 
different PP substrates is compared. The core delamination strength of these samples were 46, 
58 and 104 kPa respectively. The tensile modulii of these samples were 1.2, 2.3 and 3                       
MPa for the weak, moderate and strongly treated tubes respectively. The strain-to-failure of 
samples increased with increasing surface treatment time and it reached a peak value of 
around 7% for the well-surface-treated sample.  The difference in tensile properties is mainly 
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attributed to the variation in adhesion level as a result of surface treatment. The non-linearty 
at the start of load-extension curves is due to various factors including the specimen settling 
down in the multi-pin grips. Table 2 also shows the energy-to-failure of these samples which 
were calculated from the area under the load-extension curves. The failure energy of well-
surface-treated samples at 0.971 J was almost three times that of samples with no surface 
treatement.  
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Figure 2 : Effect of polypropylene corona surface treatment on load-extension behaviour of honeycomb core 
samples 
Core adhesion Parameter 
Weak Moderate Strong 
Honeycomb core 
delamination strength (kPa) 
45.55  (3.06) 58.29  (1.22) 103.59  (6.73) 
In-plane tensile modulus of 
honeycomb core (MPa) 
1.17 2.31 3 
Strain-to-failure (%) 5 5.5 7.4 
Energy to failure (J) 0.363 0.421 0.971 
Notes: (1) At least five specimens were tested for each variable 
  (2) Numbers in parantheses represent standard deviations. 
Table 2 : Summary of in-plane tensile properties of honeycomb cores 
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Figure 3 shows a core delamination sample under tensile load. Under load, the 
honeycomb core initially deformed elastically and with increasing load the PP tubes deformed 
into elliptical shapes. As the load increased, the adhesion between the PP tubes started to fail 
and in some cases rupture of tube walls occurred. It should also be noted that viscoelastic 
deformation of polypropylene is also likely to occur under loading. Experimental observations 
revealed that debonding between the tubes started at the edges and propagated across the 
width of the samples. This study also showed that it is vital to achieve optimum hexagonal 
packing condition otherwise misaligned nodes act as stress raisers and reduce core 
delamination strength. 
Figure 3 : Typical failure initiation pattern in tubular cell polypropylene honeycomb under tensile load 
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A representative finite element analysis result is shown in figure 4. The undeformed 
tubes (continuous lines) and the deformed tubes (dashed lines) are superimposed for clarity. 
The predicted load for an applied displacement value of 5 mm was 53 N compared to a value 
of 12 N for the experimental value of the well-treated sample. However, if we disregard the 
initial part of the load-extension curves (figure 2) until the slack is taken up, we observe a 
much better correlation between the fe and experimental result. It is important to note that the 
real joints are adhesively bonded and during loading condition the bonded tubes progressively 
undergo debonding process. The present fe models do not take into account the 
adhesion/debonding phenomena and are therefore inherently more rigid at higher loads. It 
should also be noted that the real honeycomb cells are not perfectly circular due to the 
processing conditions during extrusion and packing stage. 
Figure 4 : FE results - deformed geometry and predicted displacements
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CONCLUSIONS 
Based on the particular programme of work undertaken involving in-plane tensile testing 
of polypropylene honeycombs, the following conclusions were reached: 
x The tensile properties of PP honeycomb cores increased with increasing corona 
surface treatment time of tubes. 
x The failure mode of honeycomb samples was dependent on the PP surface treatment 
level:- brittle failure for as-received samples (i.e. no surface treatment) and relatively 
ductile for well-surface-treated samples. 
x In general, the present 2D finite element model seemed to perform reasonably well in 
predicting certain features of the honeycomb cores subjected to in-plane tensile load.
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Summary. An experimental study of the in-plane compressive behaviour of both aluminium 
and nomex composite sandwich panels with 8 ply carbon/epoxy skins was conducted. All 
sandwich panels were impact-damaged at impact energy ranging from 2 J to 55 J. Dominant 
damage mechanisms were found to be core crushing, skin delamination and fracture with the 
former two absorbing most impact energy. While undamaged panels failed in region close to 
one loaded end, all impact-damaged nomex panels failed around the mid-section region. Two 
thirds of aluminium panels also failed in the mid-section region and one third failed in the 
loaded end region. The presence of the core played a unique role in in-plane compression and 
counteracted the deleterious effect of impact damage. The in-plane compressive behaviour has 
shown combined effects of impact damage and the core in a complex manner.
1   INTRODUCTION 
Composite sandwich constructions are widely used in aerospace structures due to their light 
weight, high strength-to-weight and stiffness-to-weight ratios, very good buckling resistance 
and good energy-absorbing capacity. A major concern with the mechanical performance of 
these sandwich structures is their susceptibility to localised manufacturing defect and/or impact 
damage; the latter could be caused by tool dropping, hail stones, or runway debris. As a result, 
a multitude of damage mechanisms such as skin-core debonding, core crushing and/or shear 
failure in addition to skin delamination and fibre fracture could occur. To maintain the 
aforementioned advantages in the case of any of these impact events, both mechanical 
properties from skins and core and geometric properties must be tailored in a design analysis 
such that the sandwich structures are damage tolerant. This requires a thorough understanding 
of how the damage mechanisms affect the reduction of the in-plane compressive strengths of 
the damaged sandwich structures. 
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A great deal of research has been carried out to investigate residual compressive or 
compression-after-impact (CAI) strength in damaged sandwich structures [1-2] involving very 
different approaches. Since the only standard related to the topic is ASTM C 364 [3] for the in-
plane compressive strength of unsupported intact sandwich coupons and standard for sandwich 
panels is yet to be developed, most research works adopted wide column compression 
approach [4-5], in which the unloaded edges of sandwich specimens were left free. Very few 
[6-10] had the unloaded edges of sandwich specimens simply supported in in-plane 
compression. Although their compressive failure mechanisms might look similar, the 
respective contributions of skins and core to the reduction of compressive strengths could be 
very different. At present, there is little understanding of these differences, which is vitally 
important to the assessment of impact damage tolerance. The present work reports results of an 
investigation into the in-plane compressive behaviour of intact and impact-damaged composite 
sandwich panels using both aluminium and nomex honeycombs. 
2   SANDWICH MATERIALS AND PANEL MANUFACTURE 
Composite skins were made of unidirectional carbon/epoxy T700/LTM45 prepreg with a ply 
thickness of 0.128 mm. A symmetric cross-ply lay-up of (0/90)2s was selected due primarily to 
strength considerations. Although various skin thicknesses have been made, only the skins of 8 
ply thick were used in fabricating in-plane compression panels. Two types of honeycomb cores 
used are 5052 aluminium with a density of 70 kg/m3 (4.4-3/16-15) and nomex with a density of 
64 kg/m3 (HRH-3/16-4.0). The core depth of both aluminium and nomex honeycombs was 
12.7 mm and a nominal panel thickness was 14.7 mm. The nomex honeycomb was dried in an 
oven overnight at 65°C before being bonded to the skins to remove any moisture absorbed 
from the atmosphere. Adhesive VTA260 was selected for interfacial bonding.  
Skin laminates of 300 × 200 mm were laid up and cured first in an autoclave at 60qC under a 
pressure of 0.62 MPa (90 psi) for 18 hours. To aid adhesion, the skins were degreased before 
bonding. The 0° direction of the carbon fibres within the skins was aligned with the ribbon 
direction of the honeycomb core. For aluminium panels, each skin was separately bonded to 
the core in an oven at 80qC for 5 hours under a pressure of 0.1 MPa (15 psi). For nomex 
panels, skins were bonded to the core in an autoclave under the same conditions. Because of 
the condensation of nomex cells (a couple of cells around the panel edges), the pieces of 
nomex core used were slightly larger than that of the skins so that the condensed cells could be 
trimmed off. The sandwich panel was then cut into two nominal 200 mm × 150 mm specimens 
with the longer side aligned with the direction of compressive loading. Back-to-back strain 
gauges were bonded on the panel surfaces at selected locations in both the longitudinal and 
transverse directions (see in Fig. 2(a)) to monitor mean or membrane and panel bending strains. 
These strain data allowed both the local and global behaviour of the panels to be examined. 
3   IMPACT AND IN-PLANE COMPRESSION EXPERIMENTAL PROCEDURES 
Low-velocity impact tests were carried out on a purpose-built instrumented drop-weight 
impact rig in Fig. 1 by using a hemispherical (HS) impactor of 20 mm diameter with a 1.5 kg  
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mass. Impact energies were regulated by selecting desired 
drop heights and ranged from 2 J to 55 J in this 
investigation. Each rectangular carbon/epoxy plate of 200 
mm by 150 mm with a circular testing area of 100 mm in 
diameter was clamped by using a clamping device. Both 
impact and rebound velocities were measured respectively 
by two counters recording times over the distance fixed by a 
pair of photodiodes. This allows absorbed energies to be 
calculated directly. Both impact force and strain gauge 
responses could be recorded by a Microlink 4000 data 
acquisition system with a sampling rate of 50 Ps. At each 
selected impact energy level, three impact tests were 
conducted with one being diametrically cut up for 
examination of damage mechanisms and the remaining two 
being reserved for in-plane compression test. Absorbed 
energy was also calculated via the closed area under load-
displacement curves. All impact test results along with the 
extents of crushed core and skin delaminations are 
summarised in Table 1. 
                                                                                                                         Figure 1  Drop-weight impact test rig 
Table 1   Summary of impact and CAI tests 
Panel ID IKE Absorbed 
energy
Percentage
absorption
Delamination
extent
Core damage 
extent
CAI
strength
CAI retention 
factor
Failure  
location 
J J % mm mm MPa % - 
 Al control 1 0 0 0 0 0 270.6 0.93 Loaded end
 Al control 2 0 0 0 0 0 322.0 1.10 Loaded end
 Al 3.7J 1 2.60 1.75 0.67 - - 207.0 0.71 Mid-section
 Al 3.7J 2 3.66 2.44 0.67 30 32 190.7 0.65 Loaded end
 Al 3.7J 3 3.62 2.39 0.65 30 32 219.0 0.75 Mid-section
 Al 5J 1 5.20 3.49 0.67 42 39 221.8 0.76 Loaded end
 Al 5J 2 5.40 3.55 0.66 42 39 195.3 0.67 Mid-section
 Al 9.5J 1 9.54 6.11 0.64 - - 243.9 0.83 Mid-section
 Al 9.5J 2 9.51 6.60 0.69 - - 190.3 0.65 Loaded end
 Al 13J 1 13.68 9.19 0.67 53 57 203.8 0.70 Mid-section
 Al 13J 2 13.76 9.22 0.67 53 57 215.2 0.74 Mid-section
 Al 25J 1 24.34 24.24 1.00 66 74 187.6 0.64 Mid-section
 Al 25J 2 25.54 24.15 0.95 66 74 150.4 0.51 Loaded end
 Nom control 1 0 0 0 0 0 283.9 0.97 Loaded end
 Nom control 2 0 0 0 0 0 293.1 1.00 Loaded end
 Nom 5J 5.13 2.83 0.55 35 33 162. 4 0.56 Mid-section
 Nom 9J 9.23 5.45 0.59 44 49 205.6 0.70 Mid-section
 Nom 16J 16.29 10.03 0.62 59 64 187.0 0.64 Mid-section
 Nom 28J 28.20 26.54 0.94 66 101 134.1 0.46 Mid-section
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As part of the compression specimen preparation, the core at the panel ends intended for 
applying compressive load was removed to a depth of about 5 mm (slightly more than one cell 
size). Epoxy end pots were cast between the two skins to prevent an end-brooming failure and 
the two potted ends were machined to parallel. In each in-plane compression test (popularly 
known as compression-after-impact (CAI) test), a panel was placed in a purpose-built support 
jig, as illustrated in Fig. 2(b). The jig provides simple support along the unloaded edges, which 
were free to move in the width direction during loading. Quasi-static load was applied to the 
panel at the machined ends via either a universal testing machine at less than 1 mm/min. 
Although the loaded ends were not clamped, they were effectively close to the clamped 
condition but without clamping surface pressure. Load, strain and cross-head displacement in 
all tests were recorded through the same data acquisition system at a sampling rate of 0.5 Hz. 
All tested panels were cut up for study of damage mechanisms. All in-plane compression 
results for both intact and impact-damaged panels are summarised in Table 1.  
(a)
100mm
33.33mm
SG 2 
SG 1 
45mm
~15mm
SG 3 
150mm
Loading end
region
Mid-section region 
Far end region 
Mid-section
Epoxy end-pot 
Compression loadUnloaded 
simple support  
Adjustable bolt 
Specimen 
Epoxy 
end-pot
(b)
Figure 2 (a) Specimen dimensions and strain gauge locations and (b) experimental set-up for in-plane compression 
4  CHARACTERISTICS OF DAMAGE MECHANISMS AND ENERGY ABSORPTION 
As the assessment of the compressive strength reduction of impacted sandwich panels 
required quantitative information on a range of damage states with varying severity, the 
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initiation and propagation of induced damage mechanisms must be characterised in terms of 
impact energy and damage extent. This effort was facilitated significantly when combined with 
much more cost-effective quasi-static bending and indentation tests companied by systematic 
microscopic inspections of cut cross sections in [11-12] on the assumption that the aluminium 
honeycomb was not considered rate-sensitive up to an impact velocity of 6 m/s.  
For the aluminium sandwich panels, the initial damage threshold was exceeded at the lowest 
impact energy of 3 J and corresponded to a combination of core crushing and small 
delaminations in the shape of a cone towards the skin-core interface. At the apex of the contact 
area of the HS impactor the estimated contact pressure of about 11 MPa [13] exceeded the core 
stabilised compressive strength of 4.2 MPa, confirming the initiation of core crushing. As 
impact energy was increased, the damage mechanisms were characterised by continued core 
crushing and by propagation of top skin delaminations. A cross-sectional view of impact-
damaged aluminium panel (Al 13J 2) is shown in Fig. 3. At about 25 J, top skin fracture 
occurred and the extent of damage in both the skin and core was very significant. In all tests, 
the extent of crushed core was generally greater than the extent of skin delamination. The gap 
between the two became greater for the given greater impact energy. The surface indent was 
also greater with the greater impact energy, as expected. There was no local skin-core 
debonding found before the ultimate load. The maximum depth of the crushed cells at impact 
energy of 25 J reached only about the middle of the cores and the bottom skin remained intact. 
The damage characteristics of nomex panels were more or less the same as the aluminium 
ones, though the fractured nomex cells with a lesser degree of cells folding showed substantial 
spring-back upon unloading. A cross-sectional view of impact-damaged nomex panel (Nom 
16J) is shown in Fig. 4. Furthermore, the flexural rigidity of undamaged nomex panels (within 
the elastic range) was significantly lower than that of the aluminium ones due to their relatively 
low shear strength and modulus. In addition, the local indentation in the nomex panels was 
found to be substantially more than the latter due to the slight lower compressive properties. 
 Figure 3  An aluminium sandwich panel impacted at 13 J      Figure 4   A nomex sandwich panel impacted at 16 J 
The energy absorption characteristics were established over three regions in Figs 5 and 6 in 
terms of damage extent and absorbed energy. As can be seen in Fig. 5, the increase in both the 
skin delamination and crushed core extensions is nonlinear at the low end of energy range and 
is roughly the same in Region 1 and up to the middle of Region 2. From the middle of Region 
2 that approximately corresponds to about 12 J, the respective extents of skin delamination and 
crushed core starts separating, with the former being substantially less than the latter. These 
trends more or less continue into Region 3 when fibre fracture in the impacted skin started 
occurring. It is interesting to note that the gap between the two extents is much wider for the 
nomex panels due likely to the relatively low flexural rigidity associated with low through-the-
thickness shear properties of the nomex. In Fig. 6, the energy absorption characteristics of the 
damaged panels are seen to be steady and linear in Region 1 and 2, with a constant absorption 
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of about 67%. These characteristics confirm that the continuation of core crushing was the 
major damage mechanism for absorbing impact energy. The increase in energy absorption 
went up to over 90% with still a constant rate, once fracture of the impacted skin occurred.  
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Figure 5  Extent of delamination and crushed core in (a) aluminium and (b) nomex honeycomb sandwich panels
5   RESIDUAL IN-PLANE COMPRESSIVE BEHAVIOUR 
The in-plane compressive behaviour of the damaged sandwich panels was very complex due 
primarily to two factors in addition to the damage characteristics as discussed above. One is 
that sandwich construction itself was a complex structure on its own during in-plane 
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compression because the two skins were stabilised and supported, to some degree, by the core 
in the through-the-thickness direction. Unless impact damage involving both the skin and core 
was very extensive with respect to panel width, the substantial damage alone within the 
impacted skin may not have been enough to degrade the compressive strength of the panel, if 
the shear rigidity of the core was relatively high with respect to the thickness and lay-up of the 
skins. As a result, interpretation of the in-plane compressive strength data became very difficult 
as the stabilising and supporting effect of the core could cancel out the effect of the impact 
damage with a substantial size. Thus, much of knowledge and understanding established from 
the compression of monolithic panels [14-15] could not necessarily apply to sandwich panels. 
The other is that the damaged region of the impacted panels lacked symmetry with respect to 
the compression loading and supporting conditions as the impacted skin was damaged with 
crushed core underneath with the distal skin remaining undamaged after impact. Therefore, the 
in-plane compressive strength reduction of damaged sandwich panels was attributed not only 
to impact damage and associated loss of symmetry but also to the relative magnitude of the 
shear rigidity of the panels.
The compressive responses of undamaged panels for the both longitudinal and transverse 
directions were examined in [17]. A tilting of one panel end was spotted at the early stage of 
loading via the bending strain response of the far-field strain gauges (SG1). As the local strain 
gauges (SG2) on the mid-section exhibited very small bending strain with large mean strain, 
these responses provided no indication of local buckling and thus the panel failed in the region 
close to the loaded end as shown in Fig. 7. The compressive response of undamaged nomex 
panels was very similar in terms of both strain response and failure characteristic. 
Once impact damage was inflicted in panels, about two thirds of the aluminium panels failed 
around the mid-section region, as one example shows in Fig. 8, and all the impact damaged 
nomex panels failed in the same way. The remaining third of the impacted aluminium panels  
failed in a similar way to the control panels with the failure being close to one loaded end. 
Moreover, this result did not appear to be affected by the severity of the impact damage, as 
impact energies applied to those four panels spread from 3.7 J to 25 J. In the last case with the 
impact energy of 25 J, the respective extents of delamination in the impacted skin and crushed 
core were close to half the panel width. A further examination of the aluminium panels 
revealed that there was little difference in CAI strength between those with the mid-section 
failure and those with the end failure. However, the majority of the impact damaged nomex 
panels did show classic strain reversal, which immediately triggered catastrophic failure [17].
The presence of the core between the two skins provided a stabilising support to the skins in 
the through-the-thickness direction in terms of both transverse shear and normal compression. 
Hence the damage in the impacted skin could have been made difficult to propagate 
transversely, especially if the shear rigidity of the core was relatively high. In particular, the 
shear rigidity of the honeycomb cores in the width (or W) direction is even higher than that in 
the ribbon direction. On the one hand, the aluminium honeycomb had much greater transverse 
shear properties than the nomex. On the other hand, the tensile strength of adhesive of about 
5.5 MPa was substantially greater than the stabilised compressive strength of 4.2 MPa for 
aluminium and 4.0 for nomex. As a result, the undamaged (distal) skin had to crush core first 
(see Fig. 8). The zone of crushed core in the aluminium panels was close to the distal skin, 
while the fractured cells in the nomex panels were close to the mid-plane of the panels. 
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Therefore, the likely reason for the inconsistent failure locations was due to a combination of 
the supporting effect and relatively high shear rigidity of the core. This seems to suggest that 
the denser core and/or core with greater transverse shear stiffness provides the sandwich panels 
with stronger compressive resistance, which is in agreement with some results in [16].  
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Figure 6  Absorbed energy of  (a) aluminium and (b) nomex honeycomb sandwich panels 
6   IMPACT DAMAGE TOLERANCE 
A moderate reduction of CAI strength was immediate once the panels were impact-damaged 
in Fig. 9. From 3.7 J to 13 J, however, the variation of CAI strength was limited. Over this 
region, a state of damage in the panels was dominated by a steady growth of core crushing and 
skin delaminations. Although the corresponding increase of both the crushed core and 
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delamination extents was about 75% over the impact energy range, it did not lead to the further 
reduction of CAI strength. This seems to suggest that the stabilising support of the core 
reduced the likelihood of local buckling development so that much of the effect of impact 
damage was cancelled out. Until impact energy level reached over 20 J, a further reduction of 
CAI strength became noticeable because of the fracture of the impacted skins. At the highest 
impact energy, the reduction of compressive strength was about 50% for the honeycomb 
sandwich panels. In addition, it is noted that the different failure locations among the CAI 
tested panels are not distinguished over the values of CAI strength. This suggests that the 
relative magnitude of the shear rigidity of the aluminium honeycomb was at the critical state 
such that a reduction of the shear properties could lead to the consistent mid-section failure, or 
vice versa. 
   Figure 7   Photographs of an    
             undamaged aluminium  
         sandwich panel after  
    compression test 
   Figure 8  Photographs of an  
      impact-damaged  
             aluminium sandwich  
            panel after CAI test 
Tolerance of sandwich panels to impact damage is assessed through the retention of CAI 
strength as presented in Fig. 10 with the compressive strength retention factor (CSRF) plotted 
against damage extent (or impact energy in [17]). The damage tolerance of impact-damaged 
panels can also be assessed through residual mean compressive strains obtained from the far-
field strain gauge locations as in [17].
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Figure 9   Variation of CAI strength with IKE for (a) aluminium and (b) nomex honeycomb sandwich panels 
7   CONCLUSIONS 
Both the aluminium and nomex composite sandwich panels were impact damaged with 
energy ranging from 2 J to 55 J. Dominant damage mechanisms were found to be core 
crushing, skin delamination and skin fracture with the former two absorbing most impact 
energy. As the initial damage occurred at relatively low load, energy absorption up to skin 
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fracture was dominated by cell crushing. Different core materials with a similar density made 
little difference on either the damage or energy-absorbing characteristics. 
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Figure 10   Compressive strength retention factor with damage length for (a) aluminium and (b) nomex 
honeycomb sandwich panels 
Both intact and impact-damaged composite sandwich panels were in-plane compressed. 
While the undamaged panels failed in region close to one loaded end due to high flexural 
rigidity of the panels, all impact damaged nomex panels along with two thirds of aluminium 
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panels failed around the mid-section region. However, one third of aluminium panels failed in 
the loaded end region. The presence of the core enhanced the shear rigidity and normal 
compression of the panels such that it seemed to counteract the deleterious effect of impact 
damage. As a result, these core properties played such a significant role in in-plane 
compression that they, along with the impact damage, affected the way in which the panels 
failed. Therefore, a further investigation over the role of the core in the in-plane compression 
of sandwich panels is essential to impact damage tolerance assessment. 
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Summary. This paper deals with the mechanical investigation of 3-D reinforced CFRP foam-
core sandwich structures. Whereas the not reinforced sandwich carries ideally in plane loads, 
out of plane loads are critical. Therefore reinforcement elements like CFRP hollow profiles, 
CFRP double T-beam and CFRP pins in thickness direction are integrated in the sandwich 
and have to be benchmarked for effectiveness. For analyzing the material behaviour of the 
reinforced sandwich it is necessary to know the material behaviour of the not reinforced 
sandwich. Therefore firstly bending tests were conducted and the deformation and failure 
behaviour were investigated. Several failure criteria were tested by finite element calculation 
to describe the foam-core failure. It was possible to show, that the consideration of residual 
stresses increases the accuracy of failure prediction. For the investigation of the effectiveness 
of the reinforcement elements, special tests were defined and adapted for reinforced sandwich 
respectively: out of plane compression test, out of plane shear test and 4-Point-bending test. 
The test results have shown, that both the stiffness and strength related to weight can be 
increased significantly with the reinforcement elements. Cracks in the sandwich are critical 
because they are not visible, if they are located in the foam or in the interface foam-skin. To 
decrease crack propagation crack stopper can be integrated in the sandwich. The potential of 
the load introduction (reinforcement) elements as crack stoppers needs to be analyzed. 
Therefore fracture mechanic tests like ENF and DCB were defined for the investigated 
sandwiches with and without reinforcement elements.
1 INTRODUCTION 
Sandwich structures offer a good ratio of bending stiffness and strength to weight. The 
application of carbon fibre reinforced polymers for the face sheets in combination with 
lightweight core materials provide potential for optimization. Using closed cell foams 
complex core preforms can be manufactured; therefore it is possible to produce high integral 
sandwich components. These can especially be used in structures which have a high ratio of 
strength and stiffness to weight and are at risk to fail by buckling. Hence those sandwich 
739
Martin Rinker, Pierre C. Zahlen and Ralf Schäuble 
structures qualify for application in planes for commercial aircrafts [1].  
Compared to monolithic structures, the behaviour is more complex due to the combination of 
various materials and demands investigations of both, the single components and the whole 
composite. It has to be analyzed whether the use of failure criteria for the components is 
sufficient and which effects have to be investigated furthermore. Deformation and failure 
behaviour are for example influenced by thermal stresses.  
Sandwich structures are ideally able to withstand in plane and bending loads but not out of 
plane loads due to the low stiffness and strength of the foam core. In real sandwich structures, 
out of plane loads mainly arise at load introduction points and joints to ribs or spars. To carry 
these loads from one face to the other, it is useful to integrate reinforcement concepts into the 
sandwich. 
Remark: The investigations and results presented in this paper are complementary to the 
work presented during the ICSS 8 by Zahlen et al. in the paper “Advanced Manufacturing of 
Large, Complex Foam Core Sandwich Panels “ [3]. 
2 STIFFNESS AND STRENGTH BEAHVIOUR OF CFRP FOAM SANDWICH 
For Investigation of stiffness and strength behaviour of non reinforced CFRP sandwich 
structures the 4-Point-Bending test is used. With this test a complex stress condition can be 
induced to sandwich specimen. Firstly two theories have to be distinguished: shear weak and 
shear stiff bending. The shear stiff theory implies, that the base materials only have elastic 
properties in and infinite high stiffness out of plane direction.  It is also assumed, that core 
and skin are tightly interconnected so no interlaminar deformation is allowed. These 
assumptions comply with the Classical Laminate Theory (CLT). Because of the very small 
foam shear modulus compared to the skin it may be expected, that too small bending will be 
calculated with this theory. The sandwich theory [2] is an amelioration of the CLT. This 
theory implies, that the skins only withstand in plane loads whereas the sandwich core carries 
out of plane shear loads from one skin to the other. In the bending test the displacement in 
thickness direction results from the bending and additionally from the shear deformation of 
the core. It should be clear, that the sandwich theory with rising different of material 
properties of core and skin becomes more exact.  
Compared to 3-Point-Bending test the 4-Point-Bending test has an important benefit. The 
specimen carries between the two middle load introduction points only a constant bending 
moment without shear loads. This results in a constant compression load in the upper skin and 
in a constant tension load in the lower skin in this area. When laminar measurement systems 
like strain gauges are used to define skin tension or compression, it is important to have 
adequate great areas with homogenous stress conditions. Core shear deformation is measured 
between load introduction point and point of support just like 3-Point-Bending.  
Knowing core shear strength, skin compression and tension strength, the sandwich failure 
scenario can systematic be varied. The distance between load introduction point and support 
point is the shear carrying length. Increasing the ratio of shear carrying length to the length 
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between the two middle load introduction points while applying the same test load, results in 
a greater carried shear load, thus increasing tension and compression load of the skin. By 
adequate choice of shear carrying length the sandwich specimen will fail by core shear failure, 
skin compression- or tension failure ore by debonding of the skin. The ratio of skin tension 
and compression strength to core shear strength of the investigated sandwich is very high, so 
the core strength behavior was most of interest. By assumption of core shear failure, the most 
simple failure prediction is the calculation of the transverse force and comparing it with the 
shear strength of the core. This criterion is described in the test norm ASTM C 393. If the 
core not only carries shear loads but also normal loads (for example residual stresses), this 
criterion can not predict the failure exactly. This paper deals with the investigation of several 
foam failure criteria to find out, which of them describes the failure load most exactly. 
2.1 Base materials and manufacturing 
The sandwich core consists of the closed cell PMI (Polymethaacrylimid) foam Rohacell 
51WF, with a density of 52 kg/m³ and a cell diameter of 0,5 - 0,7 mm. The face sheets are 
composed of six uni-directional CFRP layers, three of them are bindered to a dry triax lay-up 
for better handling. Each unidirectional layer consists of rovings with 12000 carbon filaments. 
The epoxy resin is used as both the matrix of the CFRP and as adhesive for the interface core-
skin. Figure 1 shows the sandwich layup and the engineering constants of the base materials. 
The mechanical properties are provided by the manufacturer and are to be validated by the 
experiment.      
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Figure 1: Sandwich layup and engineering constants 
The sandwich was manufactured by using open mould liquid composite molding (LCM) 
technology [3].  Therefore the dry fibres and the foam core were applied on an open mould 
and then evacuated by vacuum bagging. The resin infusion is only conducted by the vacuum 
in front of the flow front. With this infusion technology the CFRP skin and the bonding core-
skin are manufactured in one step. It provides potential for saving production costs of CFRP 
and CFRP sandwich structures [1].  
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2.2 Experimental setup 
Figure 2: Experimental setup of 4-Point-Bending test with dimensions and measurement systems (left) and 
ARAMIS shear deformation exposure shortly before specimen failure (right)  
Firstly eight specimens were sawn and tested non destructive by ultrasonic method.  The 
specimen geometry was defined in consideration of ASTM C 393-00 for quarter point 
loading. The variation of the specimen measurement, especially of the sandwich thickness, 
was small, so the specimens can be assumed unique. Concomitantly to the experiment several 
measurement systems were used. The flexure of the specimen was measured by the testing 
machine, by an inductive displacement transducer and by the contactless deformation 
measurement system ARAMIS. Also the shear strain of the core as most important indicator 
and the strain of the skin were measured by ARAMIS (Figure 2).   
2.3 Experimental results 
The experimental measured deformation behavior was compared to the Classical Laminate 
Theory and the Sandwich Theory. It turned out that the measured bending is nearly 10% 
greater than calculated by the sandwich theory, what indicates that the sandwich bending 
stiffness is lower than assumed. The bending calculated by CLT is nearly 20% lower than the 
measured bending because of the unaccounted shear deformation of the foam core. The shear 
strain of the foam core shows a linear behavior until failure. The measured shear modulus 
conforms well to the value provided by the manufacturer. The measured results were also 
compared to Finite Element Analysis. Both, the bending of the sandwich and the core shear 
deformation are nearly unique for FEA calculation and sandwich theory. So the difference 
between measured bending and calculated bending by FEA and sandwich theory is founded in 
the skin stiffness. To validate this assumption, tensile tests with skin only were made. It 
turned out that the measured CFRP skin Young’s Modulus in longitudinal direction is nearly 
12% lower than calculated (CLT) with the provided engineering constants. Using the “new” 
skin Young’s Modulus bending calculations were redone with the result, that the measured 
bending now conforms well to the calculated bending. 
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With increased loads the experiments were conducted until specimen failure, which 
occurred generally by core shear fracture. So the failure scenario corresponds to the 
assumption because of the high skin compression and tension strength compared to the core 
shear strength. The core shear strength provided by the manufacturer (0,81 MPa) was nearly 
exactly validated by the calculated transverse force with the measured fracture load (1358 N). 
During the inquest to assess the damage not only shear fracture (45° of thickness direction 
crack in the foam), but also a local compression damage (core crushing) under the load 
introduction point was found. Because of the abrupt shear failure and so the abrupt end of test, 
the local damage must have arisen before global specimen failure. These local damages can 
not be determined with the shear failure criterion but only with the following numerical 
calculations. 
2.4 Comparison of foam failure criteria 
For comparison of foam failure criteria several approaches were investigated: Rankine (Eq. 
1), Tresca (Eq. 2), Beltrami (Eq. 3), Sandel (Eq. 4), Von Mises (Eq. 5) and ROHACELL®-
Failure-Criterion (DKI/Röhm) (Eq. 6) [4,5]. All these equations calculate the comparison 
stress. To assess the efficiency ratio, the comparison stress has to be divided by a reference 
potential. For the criteria 2-6 this is the tension strength of the investigated material, only for 
the Rankine criterion two strengths have to be considered: If the maximum principal stress is 
a tension stress, it has to be divided by the tension strength, else by the compression strength 
of the investigated material. If the efficiency ratio reaches the value 1, the material will 
theoretically fail.    
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To determine the efficiency ratio it becomes necessary to use the Finite Element Analysis 
method because of the stress condition they need as an input. Most of them are invariant 
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based and all six stress components of the general stress condition are needed. To calculate 
these stresses, a three dimensional FEA model was built. Determining the efficiency ratio 
automatically is necessary for easy handling and usage in an industrial environment, like a 
company building commercial aircrafts. Therefore the criteria were implemented in the FEA 
Postprocessor MSC.Patran using the programming language PCL. 
FEA calculations show, that in the area between load introduction point and support point 
the out of plane shear stress dominates in the foam core like the sandwich theory predicts. In 
the area under the load introduction point the normal stress in thickness direction dominates 
as compression load and also as compression load in longitudinal direction. The compression 
load in longitudinal direction results of the sandwich bending and is not negligible. So under 
the load introduction point a multiaxial stress condition occurs, which is not predicted by the 
Sandwich Theory or the Classical Laminate Theory.  
Postprocessing with the experimentally determined middle fracture load (1358 N) shows 
no theoretical shear failure of the core (area between load introduction point and support 
point). All investigated criteria compute higher loads for failure in this area, so they are not 
conservative. Best results reach Tresca and ROHACELL®-Failure-Criterion (DKI/Röhm), 
which determine nearly 20% higher fracture loads for this area. Looking at the area dominated 
by compression loads (under the load introduction point), two failure criteria are conservative: 
Rankine and ROHACELL®-Failure-Criterion (DKI/Röhm) compute lower fracture loads 
than experimentally investigated. All other criteria calculate failure loads which are too high. 
The theoretical compression failure loads computed by Rankine (844 N) and ROHACELL®-
Failure-Criterion (DKI/Röhm) (676 N) seem to be very small compared to the experimental 
determined failure load. So either the local damage arises at low level or both criteria are too 
conservative. This could result in a higher structure weight by dimensioning a component in 
consideration of the First Ply Failure Criterion. However the experiments have shown, that 
the global failure occurs abrupt with reaching the fracture load, supposable uninfluenced of 
the local compression damage. In consideration of all facts, the ROHACELL®-Failure-
Criterion (DKI/Röhm) computes the best results.  
2.5 Influence of residual stresses 
Thermal stresses are caused by the different coefficients of thermal expansion of the 
sandwich components face sheet and foam core. The thermal expansion of a quasi-isotropic 
CFRP laminate is close to zero because of the transversal isotropic thermal expansion 
coefficient of the carbon fibre. It is negative in fibre direction and positive perpendicular to 
fibre direction. The ROHACELL foam core shows isotropic thermal behaviour with positive 
coefficient of thermal expansion. The sandwich curing temperature normally ranges from 
160°C to 180°C. With cooling down to room temperature or to service temperature, the foam 
would contract while the CFRP face sheets show no thermal expansion. Because of the very 
high face stiffness compared to the foam stiffness, the core can not contract and residual 
stresses occur. Assuming that the curing temperature is 180°C and the material behaviour of 
the foam is linear elastic, residual stresses in the foam core rise up to 0,5 MPa by cooling 
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down to room temperature (25°C). Considering foam strength (1,8 MPa) the thermal stress 
amounts to nearly 30%. 
Figure 3: Efficiency ratio of the foam core determined by FEA with the ROHACELL®-Failure-Criteria 
(DKI/Röhm) without (left) and with (right) temperature load and experimental measured fracture load (1358 N) 
at 4-Point-Bending test. The CFRP skins are removed for plot.   
Finite element calculations were done again for the ROHACELL®-Failure-Criterion 
(DKI/Röhm) with two loads: The bending load of 4-Point-Bending test (like before) and 
additionally a temperature load of cooling down from 180° to 25°. The influence of 
temperature load of the foam core is shown in Figure 3: The efficiency ratio now increases in 
the area of global shear fracture to a value nearly 1. So the theoretical failure load amounts to 
98% of  the one experimentally determined. It means both, a very good conformity of analysis 
and experiment and a conservative calculation. In the area under the load introduction point 
now higher failure loads are computed. This results from the temperature tension load, which 
is superposed to the compression loads in this area and decreases the efficiency ratio. Since 
the real fracture load of local damage under load introduction point is unknown, it can not 
conclude the efficiency ratio is right, but it seems more realistic. However the failure 
prediction was enhanced with consideration of thermal stress.  
3 OUT OF PLANE LOAD INTRODUCTION IN SANDWICH STRUCTURES 
Introducing loads into sandwich structures is generally complicated because of the great 
difference in the properties of the composed materials. For the investigated materials the 
tension stiffness and strength of the core are nearly 1000 times lower than the ones of the 
CFRP skin. So the skin can carry much higher loads compared to the core, which becomes in 
good dimensioned sandwich components only a spacer between the skins. In Figure 4 on the 
left a representative sandwich element is shown with the corresponding stress condition. The 
sandwich withstands ideally in plane loads which are carried almost entirely by the skin (blue 
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/ plus sign), while the out of plane normal and shear loads (red / minus sign) are carried by 
both, skins and weaker core. So the out of plane loads have to be kept low to prevent core 
failure. In real sandwich components these stresses can not be avoided, especially at load 
introduction points and lines like brackets, spars and ribs in aerospace structures. Also the 
local damages under the load introduction points measured in the prior 4-Point-Bending tests 
show the sensitivity of foam core to out of plane loads. To increase stiffness and strength in 
sandwich thickness direction, several load introduction elements are used. This can be 
punctiform, linear or laminar concepts. However this paper deals with the investigation of 
linear transmission of force into the assembly.  
3.1 Investigated load introduction concepts 
The range of integrated reinforcement elements in sandwich structures is wide. The 
demand on a high ratio of stiffness and strength to weight qualifies CFRP elements for usage 
in aerospace application. Also the use of the same material for sandwich skins and 
reinforcement elements provides potential for saving manufacturing steps and costs [3]. 
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Figure 4: Good and unfavourable carried loads for sandwich without reinforcement (left) and investigated 
reinforcement elements to increase out of plane strength and stiffness (right) 
Figure 4 (right) shows the three investigated load introduction elements. Their 
manufacturing is optimised for sandwich infusion process [3]: The hollow profiles are made 
of a dry carbon fibre tyre-tube, which is filled with a foam square profile and then placed in 
the sandwich. The infusion and curing of both, reinforcement elements and sandwich occur in 
one manufacturing step. The manufacturing of the double-T beam based on the same concept: 
Dry carbon fibre textiles are composed to a double-T beam and the infused together with the 
skin. The CFRP Pin was already cured before sandwich infusion, so they are only bonded to 
the skin and core. 
3.2 Mechanical benchmark of load introduction effectiveness 
Benchmark effectiveness of the sandwich load introduction elements the enhancement of 
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out of plane stiffness and strength compared to not reinforced sandwich have to be 
investigated. In Figure 4 to the left the three stress components in thickness direction, which 
are critical for sandwich without reinforcement, are stated: 33σ , 3113 ττ =  and 3223 ττ = . For 
each component a separate test was defined. Reis [6] enforced out of plane shear and 
compression tests to investigate laminar GFRP pin reinforced sandwich structures. These tests 
are used in this investigation with some differences as well: Only linear load introduction 
elements are used and the tests are based on the German standard DIN 53291 for out of plane 
compression test (Figure 5 left upper) and DIN 53294 for out of plane shear test (Figure 5 on 
the right). 
F
F
C C
280
m
m
3x
2x
C - C
1x
3x
50mm
1x
2x3
x
50mm
50mm
F
F
250mm
275mm
125mmF
1x
3x
Figure 5: Mechanical Tests to benchmark effectiveness of sandwich reinforcement elements: out of plane 
compression test (left upper), 4-Point-Bending test (bottom left) and out of plane shear test (right) 
With the out of plane shear test (Figure 5 to the right) the shear stiffness and strength in 
longitudinal direction of the reinforcement element was investigated, for the transverse 
direction the 4-Point-Bending test was used again. Figure 5 bottom left shows this test setup: 
The reinforcement element is placed between load introduction point and support point, the 
area were the transverse shear stress 13τ dominates. Hasebe [7] did 3-Point-Bending tests with 
reinforced sandwich beams, but like Reis with laminar reinforcement elements.  
3.3 Effectiveness for out of plane compression load
 Because of the limited amount of space, only some results of the benchmark of out of 
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plane compression load introduction can be presented here. With every reinforcement 
concept, 6 tests were conducted and the mean with their standard deviations were calculated. 
In Figure 6 the experimental results of the compression tests are stated: the effective middle 
strength and stiffness. For determining the middle stress, the force of testing machine was 
divided by the specimen cross section. The strain was determined with the stroke of the 
testing machine. First of all, the tests measured repeatable results because of the small 
standard deviations, especially of the not reinforced sandwich. This means both, a good 
homogenous foam quality and a reliable manufacturing process [3]. The measured foam 
stiffness (197 MPa) and strength (4,3 MPa) are much greater than the values provided by the 
manufacturer (105 MPa and 1,7 MPa), but they are used for the comparison with the 
reinforcement concepts because this is conservative for benchmark of reinforcement 
effectiveness.  
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Figure 6: Experimental measured effective strength and stiffness of reinforced and not reinforced sandwich 
The effective Young’s Modulus increases with using the reinforcements CFRP hollow 
profile, CFRP double-T beam and CFRP Pin significant: factors 3,6 , 5,3 and 7,0.  Comparing 
the stiffness related to their weight, the increase is a little bit lower. Also the sequence is 
different: The double T-Beam increases the stiffness more than the hollow profile, but the 
weight too. So the hollow profile seems more effective. The Pin reinforcement increases the 
stiffness related to weight with factor 6,0 and is compared to the hollow profile (2,9) and 
double-T beam (2,7) the most effective reinforcement concept (for out of plane compression 
stiffness). 
The increase of the strength related to weight is much greater than the increase of stiffness. 
The factors compared to the weight related strength of not reinforced sandwich amount to 2,9 
(hollow profile), 5,8 (double-T beam) and 9,0 (pin). Finally, the CFRP pin reinforcement 
results in the best increase of stiffness and strength related to their weight. It seems to be the 
best concept considering out of plane compression. Now these examinations have to be 
conducted with the 4-Point-Bending and out of plane shear test.  
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4 CRACK PROPAGATION IN CFRP FOAM SANDWICH STRUCTURES 
Another failure scenario is the occurrence of cracks in the sandwich structure. Mostly 
cracks are located either in the foam core or in the interface between face sheet and core. 
These cracks are often caused by impact by tool drop or bird strike. In the last resort the 
impact damage is non visible and grows in service under cyclic loads [8]. To decrease crack 
growth or to restrict crack growth to a defined area, crack stopper elements can be integrated 
in the sandwich structure. The concept is using the load introduction elements as crack 
stoppers. Therefore the crack growth in fatigue loading with and without sandwich 
reinforcement has to be investigated. 
4.1 Mechanical benchmark of crack stopper effectiveness 
To investigate the effectiveness, methods based on fracture mechanics are used. A general 
overview about fatigue investigation methods of sandwich structures can be found in Sharma 
[10]. To determine crack growth under Mode I and Mode II loads, DCB (Double Cantilever 
Beam) and ENF (end Notched Flexure) Tests were carried out by Burman [9] with GFRP 
foam-core sandwich. He modified the Cracked Sandwich Beam test (CSB), which was firstly 
defined by Carlsson [11] but originally an ENF test is implemented with sandwich beams. 
However these tests were defined for the sandwich investigated in this research: with and 
without reinforcement elements. 
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Figure 7: Adapted ENF (left) and DCB test (right) for sandwich with reinforcement  
Figure 7 shows the defined fracture mechanic tests for this sandwich with reinforcement 
elements. The core has a thickness of 25,7mm, so the reinforcement elements all have a 
square area. The CFRP skin consists of the same base materials like the ones for the 
investigation of foam failure criteria but they are three times thicker: [ ]S135/0/453× . The 
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investigated foam core is Rohacell 71Rist, only for reinforcing the load introduction area a 
higher density foam is used (Rohacell 110Rist) because of its greater stiffness and strength. 
4.2 Mode II crack propagation in sandwich without reinforcement elements 
Firstly static ENF tests were enforced to determine the static fracture load. This amounts to 
4202N with a standard deviation of 3,4%. Following cyclic tests were conducted with a load 
ratio ⎟⎟
⎠
⎞
⎜⎜
⎝
⎛
=
o
uR
σ
σ
of 0,1 , an upper load of 30, 50, 70% of the prior determined static fracture 
load and a test frequency of 2Hz. The test with the 30% upper load did not result in specimen 
failure and no crack propagation could be measured until 6106,2 × load cycles (when the test 
was aborted). The tests with 50 and 70% of upper load reached 1794782 and 150949 load 
cycles until fracture but no stable slow crack propagation could be determined. Indeed, there 
was a cyclic crack propagation for both 50% (73mm, shown in Figure 8 to the left) and 70% 
(12,5mm), but it was to fast to determine the crack prediction by the Paris law. So more tests 
with upper loads between 30 and 50% of fracture load should be conducted shortly. However, 
these test will be continued, but they already show the expected benefit of crack stoppers in 
sandwich structures: Preventing skin debonding of large areas in the sandwich in service. 
Figure 8: Mode II crack propagation under cyclic ENF test (left) and specimen curvature after debonding of the 
skin through specimen middle coming from residual stresses (right)   
Another interesting result of the ENF test is the clearly visible curvature of the debonded 
sandwich plate. This confirms the assumption of prior calculations. The debonded sandwich 
now has an asymmetric laminate, where different thermal expansion coefficients result in 
curvature of the plate. 
9 CONCLUSIONS 
The bending deformation behaviour of the investigated CFRP foam-core sandwich can be 
well described with both the analytical sandwich theory and numerical calculations. The 
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analytical solution agrees accurately with the numerical calculation. The classical assumption 
of the sandwich theory, that the skins have much greater stiffness and strength, applies well 
on this sandwich. The failure behaviour can become more complex, especially if out of plane 
loads occur. Such loads arise at load introduction points or lines like ribs ore hinges of 
airplane structures. In this case, analytical dimensioning with sandwich theory is not 
conservative, special foam failure criteria have to be used. Calculations have shown, that the 
ROHACELL®-Failure-Criterion (DKI/Röhm) determines the best results for this sandwich. 
Residual stresses are caused by the different thermal expansion coefficients of the foam 
and the CFRP skin and by the difference of sandwich curing temperature and in service 
temperature. They are superposed to the service loads and affect the failure behavior positive 
and negative. The consideration in dimensioning calculations increases the accuracy of failure 
prediction. 
To increase the out of plane strength and stiffness, integrated reinforcement elements were 
investigated: CFRP hollow profile, CFRP double T-beam and CFRP pin reinforcement. 
Therefore sandwich tests were adapted to investigate the effectiveness for all three out of 
plane stress components: out of plane compression, sandwich shear and 4-Point-Bending test 
Due to the restricted scale of paper, only results of out of plane compression test could be 
presented here. For this load case, the CFRP pin reinforcement results in the best ratios of out 
of plane compression stiffness and strength to weight. 
Cracks in the foam-core or between skin and core can be critical if they grow through the 
whole structure, before they are visible. The reinforcement elements can be used as crack 
stoppers. For investigation of their crack stop effectiveness, fracture mechanic tests were 
conducted. ENF tests have shown, that the crack propagation is mostly fast after a long time 
with no crack growth. Therefore it is useful to have crack stop elements in large sandwich 
plates to decrease the crack propagation.  
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Summary: The behaviour of a repaired sandwich beam subjected to four point bending is 
investigated numerically using the ABAQUS® software and special developed interface 
elements including a cohesive mixed-mode damage model based on the indirect use of 
Fracture Mechanics. The two major repair configurations for sandwich structures namely 
overlap and scarf repair, are studied. The interface elements placed at the middle of the 
adhesive, parent laminate/adhesive and adhesive/patch interfaces allow to obtain stress 
distributions at these locations as well as to simulate damage onset and growth. The influence 
of several geometrical parameters, such as overlap length and patch thickness, in the case of 
overlap repair, and scarf angle, in the case of scarf repair, is evaluated in terms of stress 
analysis and strength predictions. Conclusions were drawn about design guidelines of the 
sandwich composite repair. 
1.  INTRODUCTION 
Sandwich structures are widely used nowadays in transportation industry such as 
aerospace, aeronautical, railway, automotive and marine industry where special properties 
such as high flexural stiffness, high impact strength, high corrosion resistance, fatigue 
resistance and low thermal and acoustics conductivity are necessary and recommended [1]. 
The most frequent case of in-service damage for sandwich structures is delamination caused 
by low velocity impact. Delamination can occur within one of the skins of the sandwich 
material or at the interface between one skin and the core. This phenomenon can highly 
reduce the ability of the material to withstand structural loading. Under special in-plane 
loading conditions (a well-known example is the in-plane compression) the crack may 
become unstable and propagate considerably even under very low stress levels [2, 3]. 
Moreover, the high replacement cost of composite materials along with current ecological 
requirements makes repair a beneficial option towards enhancement of composite products 
life. The repair of sandwich structures suffering delamination can be executed with an 
application of a composite patch since no replacement of the core is taking place. Adhesive 
bonding of the patch is one of most common repair techniques carried out, either in the 
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condition of temporary repair or permanent repair. Adhesive bonding is preferable than 
mechanical fastening because of the well known advantages of the technique such as less 
sources of stress concentrations, more uniform distribution of load, and better fatigue 
properties. Considering the repair techniques used in the case of composite laminates, in 
sandwiches, there are two major options available to bond the patch, namely overlap and scarf 
joining. In the overlap joining, a circular patch is applied external over the damaged zone, 
while in scarf joining, a tapered circular patch is inserted in the damaged area and adhesively 
bonded. The later repair technique proved to be more structurally efficient for composite 
laminates but is more expensive and time consuming. In all of the types of repair the main 
concerns are the prediction of the residual strength of the initially damaged composite and the 
durability of the repaired one.  
The work in this paper is dedicated to the study of overlap and scarf repairs of sandwich 
structures loaded under four point bending using the commercial software ABAQUS®. The 
objective of the simulations is to obtain stress distributions at critical regions and to evaluate 
the residual strength of the repaired beams using a cohesive mixed-mode damage model. This 
model is incorporated in the ABAQUS® software via interface elements. The interface 
elements are placed along all the bondlines (Fig. 4) and specifically at the middle of the 
adhesive, parent laminate/adhesive, adhesive/patch and also adhesive/core interfaces allowing 
to simulate damage initiation and propagation. The main geometrical parameters concerning 
the good performance of the repair which are the overlap length and patch thickness, in the 
case of overlap repair, and the scarf angle, in the case of scarf repair, are studied in terms of 
stress analysis and strength predictions. 
2.  COHESIVE DAMAGE MODEL 
A cohesive mixed-mode damage model based on interface finite elements was considered 
to simulate damage onset and growth. A linear constitutive relationship between stresses (V)
and relative displacements (G) is established (Fig 1). The model requires the knowledge of the 
local strengths (Vu,i, i=I, II) and of the critical strain energy release rates (Gic). Damage onset 
is predicted using the following quadratic stress criterion  
2 2
I II
I
u,I u,II
II u,II I
1 if 0
if 0
V V V
V V
V V V
§ · § ·
  ¨ ¸ ¨ ¸¨ ¸ ¨ ¸© ¹ © ¹
 d
t
(1)
whereVi, (i=I, II) represent the stresses at a given integration point of the interface finite 
element in each mode. Mode I represents the local opening mode and mode II the shear one at 
the interface. Crack propagation was simulated by the linear energetic criterion
1
IIc
II
Ic
I  
G
G
G
G . (2)
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The area under the minor triangle of Figure 1 represents the energy released in each mode, 
while the bigger triangle area corresponds to the respective critical fracture energy. When 
equation (2) is satisfied damage propagation occurs and stresses are completely released, with 
the exception of normal compressive ones. The subscripts “o” and “u” refer to onset and 
ultimate relative displacement, respectively, and the subscript “m” denotes mixed-mode case. 
A detailed description of the model used is presented in [4]. 
Vi
Vu,i
Vum,i
Gom,i Go,i
Gum,i Gu,i Gi
Pure mode 
  model
Mixed-mode 
model
Gic
Gi
i = I, II 
Figure. 1: The linear softening law for pure and mixed-mode cohesive damage model. 
ıi, stress in mode i; ıu,i, local strength in mode i; ıum,i, stress component (i) leading to damage initiation in mixed 
mode; įi, relative displacement in mode i; įo,i, damage onset relative displacement in pure mode i; įu,i, ultimate 
relative displacement in pure mode i; įom,i, damage onset relative displacement (i) in mixed mode; įum,i, ultimate 
relative displacement (i) in mixed mode; Gi, strain energy release rate in mode i; Gic, critical strain energy release 
rate in mode i.
3.  ANALYSIS 
The presented work consists of a two-dimensional nonlinear material and geometrical 
analysis of a repaired sandwich beam subjected to four point bending. Plane stress conditions 
and rectangular 8-node and triangular 6-node solid finite elements available in the ABAQUS®
library were considered. Overlap and scarf repair configurations were simulated (Fig. 2). The 
skins and the patches of the repaired sandwich beams are unidirectional carbon-epoxy 
laminates with 0º orientation, the core in the form of foam and the adhesive a high resistant 
resin. Their properties are presented in Table 1 [4, 5]. Geometrical details for both repair 
configurations are given in Figure 2. Symmetry conditions were used in the middle of the 
joint (line A-A in Fig. 2). Details of the mesh at the overlap and scarf region are shown in 
Figure 3.
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The location of the interface finite elements is shown in Figure 4. These elements were 
places along all the adhesive bond lines and specifically at the interface between the 
composite (skin and patch) and the adhesive, at the interface between the core and the 
adhesive and also atthe middle of the adhesive. Interlaminar failure was not considered in the 
analysis. The objective of the simulations is to define the influence on the repair efficiency of 
the main geometrical parameters concerning the good performance of the repair which are the 
overlap length and patch thickness for the overlap repair and the scarf angle for the scarf 
repair.
b)a)
Lt
x
y
LP
Figure 4: Location of the interface finite elements in the numerical a) overlap and b) scarf model. 
P1, interface between the parent laminate (skin) and the adhesive; P2, middle of the adhesive; P3, interface 
between the adhesive and the patch along the Lp and Lt bond lines 
3. 1.  Overlap repair 
Stress analysis was performed initially for an overlap repair of 15 mm using a 0.6 mm 
thick patch, equal to the thickness of the skins of the sandwich beam. Figures 5 and 6 present 
the shear- and peel-stress distribution profiles at three specific locations in the joint, the 
skin/adhesive interface, P1, the middle of the adhesive, P2, and the adhesive/patch interface, 
P3, (Fig. 4). They are normalized by Ĳavg, the average shear stress at the middle of the 
adhesive. Both stress profiles correspond to the typical ones obtained for this kind of joints [4, 
6, 7]. The shear stresses present two high pronounced peaks at the extremities of the overlap 
at the skin/adhesive interface, P1. Negligible stress concentrations are observed at the ends of 
the P2 and P3 interfaces. The inner region of the adhesive is almost unloaded. 
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Figure 5: Normalized shear-stress distributions at locations P1, P2 and P3 (Fig. 4). 
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The peel stress distributions exhibit also peak stresses at the ends of the overlap. A high 
positive value is present at the beginning of the overlap and at the skin/adhesive interface, P1. 
At the end of the overlap, the values of peek stresses are much lower and negligible compared 
to the one at the opposite side. It is evident that failure will occur at the beginning of the 
overlap and at the skin/adhesive interface, P1. It must be noted that the high values of peel-
stresses at the beginning of the P1 interface could also induce delamination between adjacent 
layers of the laminates. 
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Overlap length
The first parameter to be studied in the case of an overlap repair in order to define its 
influence on the joint’s residual strength was the overlap length. Four different overlap 
lengths were considered in the analysis: 5, 10, 15 and 20mm. In Figure 7 the failure load (Pf)
and the efficiency of the repair (Ș) as a function of the overlap length LP are presented. Pf
represents the load leading to the debonding onset at the critical regions of the repair while Ș
is considered to be the ratio between Pf of the repaired specimen and the failure load of an 
equivalent undamaged one. 
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Figure 7: Failure load, Pf, and repair efficiency, K, for different values of overlap length. 
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It is observed that the increase of the failure load and subsequently of the efficiency of the 
repair is higher for the smaller overlap lengths, decreasing for overlaps higher than 15mm. 
This phenomenon can be explained by the shear stress distribution at the adhesive presented 
in Figure 8 since, as the overlap length increases, the inner region of the adhesive becomes 
almost unloaded. 
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Figure 8: Normalized shear stress distributions at the adhesive for different values of overlap length. 
Patch thickness
The patch thickness does not seem to have any influence on the repair efficiency (Fig. 9). 
This phenomenon can be explained by observing the failure mechanism of the joint while 
moving from a thin (e.g. 0.3mm/2-plies) to a relatively thick (e.g. 1.2mm/8-plies) patch. It is 
obvious that when the patch thickness decreases, the deformability of the joint increases and 
failure occurs prematurely in the vertical adhesive region B (Fig. 2) due to elevated normal 
stresses. On the other hand, it was observed in the analysis and also verified by previous 
studies [4] that as the patch thickness increases, the peel- peak stresses at the beginning of the 
overlap increase as well. Although failure always initiates at the vertical adhesive region B, 
(Fig. 2), high values of peel stresses lead to prior disbond of the patch. Very high values of 
peel stresses in the beginning of the overlap could also induce delamination between adjacent 
layers of the patch before failure of the adhesive takes place, which could limit even more the 
repair strength [4]. 
Damage growth
The damage onset was identified by simply observing the occurrence of softening onset at 
the nodes of the interface elements located at the region of the repair joint. In the overlap 
repair, it was observed that failure initiates in the vertical adhesive bonding region connecting 
the skin with the filler plies (region B, Fig. 2) and specifically at the interface between the 
skin and the adhesive due to high pronounced normal stresses. The crack grows along the 
interface and towards the patch and the core. Another crack also starts at the left bond edge of 
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the overlap at the skin/adhesive interface, P1, and grows along the overlap. This kind of 
failure was observed for all the overlap repairs studied. It could be noted that in real case the 
crack, after the failure of the B region, would probably continue propagating into the core. 
Indication of this are extensively distorted elements of the core in the basis of the B region. 
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Figure 9: Influence of the patch thickness on the repair efficiency, K, and failure load, Pf.
3. 2.  Scarf repair 
Stress analysis was performed using a 3o scarf angle. Figure 10 presents the shear-stress 
distributions at locations P1, P2 and P3 (Fig. 2) normalized by the average shear stress in the 
middle of the adhesive thickness (tavg). These stresses are almost constant and very similar 
along the bond length for the three locations considered. In the middle of the adhesive, P2, 
slight stress concentrations exist near the ends, with the ends being practically unloaded. At 
the P1 and P3 interfaces, two highly pronounced stress peaks in the lower and the upper bond 
edge respectively are present, while along the rest of the bond line the stresses follow the 
same trend as in the middle of the adhesive. It was observed that in the middle of the 
adhesive, the stress concentrations near the upper and lower bong edge, are located 
respectively under and above the ends of the P3 and P1 interfaces where the pronounced shear 
peaks are present. The normalized peel-stress distributions (Fig. 11) at the three 
aforementioned locations in the scarf joint are also nearly constant between both ends with 
peaks present at specific locations. At the skin/adhesive interface, P1, a highly pronounced 
peel peak is observed at the upper bond edge, reaching 80% of the average shear stress within 
the adhesive. This peak is located under the beginning of the P3 interface. In the middle of the 
adhesive, P2, peel-stress peeks are observed at both edges of the bond length. A pronounced 
peak is located right under the beginning of the P3 interface and a lower peak right above the 
end of the P1 interface. At the adhesive/patch interface, P3, a peel-stress peak is located 
exactly at the opposite side relatively to the one observed at the P1 interface. The magnitude 
of the peaks at the end of the scarf are much lower compared to the ones observed in the 
beginning of the scarf signifying a potential region of damage initiation. Comparing with 
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shear- and peel-stresses in the case of overlap repair, it can be noted that in overlap joints 
stress concentrations are markedly higher. Both shear- and peel-stress distributions show an 
agreement with numerical results obtained in Ref [8]. 
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Figure 10: Normalized shear-stress distributions at locations P1, P2 and P3 (Fig. 4) along the normalized bond 
length. 
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Scarf angle
A stress analysis was performed for scarf angles of 3, 6, 9, 15, 25 and 45º. Normalized 
shear- and peel- stress distributions at the middle of the adhesive, P2, are presented in Figures 
12 and 13 for the six values of scarf angles considered. It is observed that peel-stresses are 
much lower than shear-stresses for smaller scarf angles, and increase up to a scarf angle of 
761
Dimitra A. Ramantani, Raul D.S.G Campilho, Marcelo F.S.F Moura and Antonio T. Marques 
45ƕ, at which both stress components present approximately the same magnitude. These 
results are in agreement with the analytical results presented by Objois et al [11]. Both shear- 
and peel- stress profiles are influenced by the change of the scarf angle. As the scarf angle 
increases, the stress peaks observed at both edges of the bond length have a tendency to 
become flatter. In fact, for a 45ƕ scarf angle, it was observed that specifically the shear 
stresses become almost constant. The low stresses at the edges of the bond length also tend to 
disappear with the increase of the scarf angle. 
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Figure 12: Normalized shear-stress distributions for different scarf angles at location P2 along the normalized 
scarf length. 
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Figure 13: Normalized peel-stress distributions for different scarf angles at location P2 along the normalized 
scarf length. 
Figure 14 presents the failure load (Pf) and the efficiency of the repair (Ș) as a function of 
the scarf angle. For scarf angles between 15 to 45º, only a small difference is observed in 
terms of Pf and Ș. For scarf angles below 15º, these two parameters increase exponentially 
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with scarf angle reduction. This fact is related to the increase of the bond length and the 
reduction of peel-stresses (Fig. 13), as the scarf angle is reduced. 50% efficiency is recorded 
for a 3º scarf angle, corresponding to a failure strength of 391 MPa. The trend observed in 
Figure 14 is consistent with that found in Refs [8-10] where experimental, numerical or both 
results are presented for scarf repaired laminates. 
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Figure 14: Failure load, Pf, and efficiency, K, for the different scarf angles considered.
Damage growth
In scarf repairs damage initiates at the upper bond edge of the scarf and specifically at the 
adhesive/patch interface, P3, where high pronounced shear stresses are present (Fig. 10), and 
grows towards the lower scarf bond edge. A crack also starts at the bottom of the scarf , as it 
is a strong singularity point, and propagates towards the core. It should be noted that in real 
case the crack would probably continue propagating inside the foam core and not at the 
interface between adhesive and foam as it was observed in the analysis.  
4.  CONCLUSIONS 
In this work, overlap and scarf repairs on composite sandwich materials were studied. A 
cohesive mixed-mode damage model was implemented in the model via interface elements 
placed along the adhesive bond lines and at three locations; the interface between the 
composite plates (skin and patch) and the adhesive, the interface between the core and the 
adhesive and also the middle of the adhesive (Fig. 2.). These interface elements allow 
obtaining stress distributions at critical locations and performing strength predictions. The 
objective of this work was to analyze numerically the effect of main geometric parameters for 
overlap and scarf repairs.
One of the main findings of this work was related to the influence of the overlap length on 
the failure load of the repair joint. It was verified that above a certain value of overlap length, 
there is no strength advantage, since from a certain overlap length the central region of the 
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repair joint becomes unloaded. It was also verified that the thickness of the patch does not 
have an influence on the repair efficiency, a fact closely related to the failure mechanism of 
the joint. For thin patches failure occurs prematurely in the vertical adhesive B region (Fig. 2) 
connecting the skin to the filler plies. High values of normal strains are induced in this region 
due to the higher deformability of the joint. For patches with high stiffness, although failure 
initiates at the B region, elevated values of peel stresses at the beginning of the overlap lead to 
prior detachment of the patch. These elevated values could also induce delamination between 
adjacent layers in the composite reducing even more the repair efficiency of the joint. The 
strength of the undamaged beam was recovered for a patch having the thickness of the skins 
of the sandwich beam and an overlap length of 20mm.
In the case of scarf repairs the strength increases with lower scarf angles because of the 
respective increase of the bond length, leading to an enhancement of the joint strength. For 
lower scarf angles, failure of the adhesive is dominated by shear. Peel-stresses increase with 
the scarf angle. The strength of the undamaged beam was not obtained for any scarf angle. 
Finally a combination of the aforementioned repair geometries was evaluated.  
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Summary: The aim of this study is to manufacture polypropylene based honeycomb cored 
composite sandwich structures with prescribed core thicknesses and to evaluate mechanical 
properties. The experimental results will be correlated with the finite element analysis results. 
1 INTRODUCTION 
Sandwich composite structures have been applied in aerospace applications and civil 
infrastructures due to their low weight, high flexural stiffness, high transverse shear stiffness 
and corrosion resistance [1-2]. In addition, these materials have high structural 
crashworthiness because in a sudden crash they are capable of absorbing large amounts of 
energy. In general, two thin stiff facesheets and a thick lightweight core bonded between them 
are the components of the sandwich structures. The mechanical properties of the sandwich 
structure and their components have great importance in terms of industrial applications.  
According to the design needs, optimum material types can be employed [3-5]. Various 
combinations of core and faceplate materials are utilized by researchers worldwide in order to 
achieve improved crashworthiness [6].  
In a sandwich structure, strong and stiff facesheets carry the bending loads where the low 
density core material carries the shear loads [3-6]. The core material has a purpose to keep the 
facesheets separated in order to maintain a high moment of inertia, also it has relatively low 
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density (e.g., honeycomb or foam), which results in high specific mechanical properties of the 
panel under loadings. Therefore, sandwich panels are efficient in carrying bending loads. 
Additionally, they provide increased buckling resistance to shear panels and compression 
members [6]. When the structure is subjected to bending, the laminates act together, resisting 
the external bending moment so that one laminate is loaded in compression and the other in 
tension. The core resists transverse forces, at the same time, supports the laminates and 
stabilizes them against buckling and local buckling [3]. 
Composites are more difficult to model than an isotropic material such as iron or steel 
because each layer may have different orthotropic material properties, therefore while 
defining the properties and orientations of the various layers, great attention must be paid and 
element type, layer configuration, failure criterion must be defined properly for the purpose of 
accurate modeling [7-8]. Composite sandwich structures have also the problem intrinsic 
anisotropy and non-homogeneity that complicate their correct modeling [2]. 
In this work the main objective is to improve the understanding of the failure mechanisms 
of the composite sandwich structures. Therefore, glass fiber reinforced/PP based honeycomb 
cored composite sandwich structures were developed by hand lay-up lamination technique 
and in order to understand the mechanical and energy absorption behavior of the sandwich 
structures as a function of core thickness, flatwise compression (FC), edgewise compression 
(EC) and three point bending (3PB) tests and the PP based core material flatwise compression 
tests were conducted on the corresponding specimens for various core thicknesses,. 
The modeling of these sandwich structures are being carried out with three dimensional 
finite element (FE) models. Commercial ANSYS 11 finite element analysis software is being 
used for utilizing the test data in order to predict the mechanical behaviors of the sandwich 
structures. In the finite element analysis, the test results of each constituent are being 
evaluated as the input data for ANSYS and the linear elastic material properties are being 
used. The experimental data are being compared with numerical results.
2 EXPERIMENTAL 
2.1 Materials 
E-glass non-crimp fabrics, epoxy thermosetting resin and polypropylene based honeycomb 
core materials were used to fabricate composite sandwich panels (Fig.1). As the 
reinforcement constituent of composite facesheets, E-glass 0°/90° non-crimp fabrics were 
provided by Telateks Inc., østanbul, Turkey. Resoltech™ epoxy resin with an amine hardener 
was used as the matrix polymer. PP based core material with hexagonal cell configuration and 
five different core thicknesses (5, 10, 15, 20 and 40 mm) were used in the fabrication of the 
sandwich panels. 
2.2 Composite fabrication 
The sandwich structures were laminated by hand lay-up technique in which, glass fabrics 
were wetted by epoxy resin and the core material was laminated with the upper facesheet of 
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the sandwich structure in a mold, coated with a mold release agent. After the lamination 
procedure, composites were cured at room temperature under the pressure of 50 kPa. A post 
curing for 2 hours at 100°C was applied in an oven after curing. 
Figure 1: Core material and sandwich structure samples fabricated in this study. 
2.3 Mechanical property characterization 
To determine the mechanical properties of the fabricated sandwich structure, Schimadzu™ 
AGI universal test machine was used according to the ASTM specifications and for each 
testing at least five specimens were tested. Test techniques, ASTM numbers and measured 
properties can be seen in Table 1. 
Test Standard Testing Speed Measured Properties 
Flatwise compression 
test ASTM C365-00 0.5 mm/min 
Compression strength 
Compression modulus 
Energy absorption characteristics 
Edgewise
compression test ASTM C364-99 0.5 mm/min 
Energy absorption characteristics 
Collapse modes 
Facing compressive stress 
Three point
bending test 
ASTM C393-00 3 mm/min 
Core shear stress 
Facesheet bending stress 
Panel bending stiffness 
Table 1: Test methods that were used in order to determine the mechanical properties of the sandwich 
structure
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2.3 Finite element analysis 
Numerical simulations are being conducted by using ANSYS (2007) finite element 
software. An 8-node finite strain element (SHELL 281) is being used for the purpose of 
modeling the constituents and the whole sandwich structure. The finite element parameters 
(number of nodes, elements) vary according to the thicknesses of the core material. In order to 
obtain reliable data, the aspect ratio of the elements stayed within 1:3. 
Experimental results were used as material data and composite modeling was done for the 
non-crimp E-glass fibers. The post-elastic analysis is neglected in order to achieve a 
numerical solution rather simple and applicable to characterize the composite sandwich 
structure by a numerical procedure in the elastic region.
The numerical analysis are being carried out to compare the theoretical model with the 
experimental results, therefore the structural behavior of the sandwich structure with different 
core thicknesses can be predicted before application. 
3 RESULTS AND DISCUSSION 
3.1 Behavior of sandwich structure 
The mechanical behavior of the sandwich structures was tested. Flatwise compression test 
was applied to the sandwich structures and the typical mechanical behavior of the composites 
is exhibited in Figure 2. As seen in the load-deformation curve, elastic deformation is 
observed in the first linear region, after this region a drop of the load occurred due to the 
buckling deformation of the cell walls. In Fig 2-a, at the initial linear region, bending was not 
observed at the cell walls. After the first drop, the load increased slightly with a low slope and 
densification occurred at the folded cell walls. In Fig 2-b, specific crash energy absorption 
(Es,a) is also illustrated. When collapse occurs in the sandwich structure, energy absorption 
rate changes, slope of the Es,a curve decreases. After the densification region, load starts to 
increase linearly. This increase is due to the densification of the sandwich structure and it 
increases the energy absorption. 
In Fig. 3, the flatwise compression modulus values are given as a function of core 
thickness. As seen from the figure, the compression modulus values are increased with the 
core thickness increment. This is because the FWC properties of the sandwich structures are 
dependent on the core material behavior [2]. The increase of the modulus with the increase of 
cell wall thickness is given in Fig 4 and Table 2.
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Figure 2: Behaviour of composite sandwich structures with honeycomb core material and 
glassfiber/epoxy facesheets under flatwise loading: (a) collapse sequence images and (b) load-deformation 
graph of the test specimen and the specific crash energy absorption, Es,a graph during the test. 
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Figure 3: Flatwise compession modulus change as a function of core thickness of honeycomb cored, E-
glassfiber/epoxy composite sandwich structures under flatwise compression loads  
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Figure 4: Polypropylene based honeycomb core representation 
Core Thickness (h) 
(mm)
Cell Wall Thickness (a) 
(micrometer) 
5 209.90 (r15.39)
10 220.83 (r18.96)
15 233.3 (r17.25)
20 262.44 (r13.67)
40 260.00 (r18.74)
Table 2: Honeycomb core cell wall thickness values for various thicknesses. 
Edgewise compression test was applied for the sandwich structures and their mechanical 
behavior was evaluated for varying core thicknesses. Typical load-deformation graph, specific 
absorbed crash energy variation and collapse sequence images of the sandwich structure with 
20 mm core material is given in Fig. 5. Absorbed crash energy was calculated from the area 
under the load-deformation curve. Specific crash energy absorption (absorbed energy/weight 
of the composite) determines the influence of core thickness for the energy absorption 
capacity. Under the edgewise compression loading, facesheets are the load carrying members 
and the core material does not have significant contribution on the strength. Under this 
loading configuration, the first linear part of the load-deformation curve indicates the elastic 
deformation of the sandwich structure. Sandwich panel buckling initiated with the de-bonding 
of the core and facesheets at the edge of the panels. The shear failure occurred at the interface 
between the core and the stiffer facesheet laminate. Failure occurred in the compressed side of 
the core, the opposite side, remained perfectly bonded to the facesheet. The deflection of the 
panel increased as the compression continues and this causes high frictional resistance. At the 
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large deformation ratios, facesheets fractured. The fracture of the facesheets started from the 
tensioned face and continued through the thickness. This mode of collapse is called 
“sandwich panel column buckling” as also reported in the literature [3]. In this stage, bending 
resistance of the sandwich structure decreases, therefore, crash energy absorption decreases. 
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Figure 5:  Behaviour of composite sandwich structures with honeycomb core material and glass 
fiber/epoxy facesheets under edgewise loading: (a) collapse sequence images of the specimen and (b) load-
deformation graph of the test specimen and the specific crash energy absorption, Es,a during the test. 
Three point bending test was applied to the sandwich structures and core shear stress and 
facesheet bending stress variation in accordance with the core thickness increment was 
evaluated. As it can be seen from Figure 6 (a) and (b), these values decreased with the core 
thickness increment. This results show that, core shear stress decreases while the core 
thickness is increased. As it can be observed from Figure 7, panel bending stiffness increased 
with the core thickness increment. 
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Figure 6: Behaviour of composite sandwich structures with honeycomb core material and 
glassfber/epoxy facesheets under three point bending loading (a)core shear stress, (b)facesheet bending 
stress variation with the core thickness increment  
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Figure 7: Variation of the panel bending stiffness of composite sandwich structures with honeycomb 
core material and glassfber/epoxy facesheets under three point bending loading in accordance with core 
thickness increment 
3.3 Finite element analysis
In order to analyze composite sandwich structures by finite element analysis technique, 
polypropylene based honeycomb core was analyzed for the compression test first. For this 
analysis, the cell walls of the 5 mm honeycomb core (Fig. 4) were considered as one element 
and the material properties of the bulk material were taken from literature. For the second 
step, each cell wall was considered as composed of 4, 9 and 16 elements. Each model was 
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analyzed under the same load and the deformation values were evaluated. As a result, the 
optimum element number for the honeycomb core material was obtained as 9 elements for 
each cell wall (Fig. 8).  
Figure 8: Flatwise compression test sample of a PP based honeycomb core modeled with optimum element 
number 
Additional finite element analysis is being carried out for the purpose of comparison 
between experimental and numerical data as well as to provide an improved model of the 
composite sandwich structures. The obtained results will be presented within the study. 
9 CONCLUSIONS 
In this study, the mechanical properties of composite sandwich structures fabricated with 
E-glass fiber/epoxy facesheet and polypropylene (PP) based honeycomb core were evaluated.  
Application of the flatwise compression test to the sandwich structure showed that, 
compression strength and modulus increased with the core thickness as a result of honeycomb 
cell wall thickness increase. During the test, honeycomb core cell walls buckled and 
densificated. This caused a continuous increase of the load following the sudden decrease of 
the maximum load level. In addition, it was observed that only the core material influences 
the flatwise compressive properties of sandwich panel. 
 Under the edgewise compression loading of sandwich structures, facesheets bended and 
failure occurred at large deformation values. In the edgewise compression test, mostly 
“sandwich panel column buckling” collapse mode was observed.  
Three point bending test results showed that core shear stress and facesheet bending stress 
decreased while the panel bending stiffness increased with the core thickness increment.  
774
M. Tanoglu, F. E. Sezgin, S. B. Bozkurt, O. O. Egilmez and E. Aktas 
REFERENCES 
[1] K. Shivakumar, H. Chen and S. A. Smith “An evaluation of data reduction methods for 
opening mode I fracture toughness of sandwich panels”, Journal of Sandwich Structures 
and Materials, 7, 77-90 (2005). 
[2] C. Borsellino, L. Calabrese, A. Valenza, “Experimental and numerical evaluation of 
sandwich composite structures”, Composite Science and Technology, 64, 1709-1715 
(2004).
[3] W. J. Cantwell, R. Scudamore, J. Ratcliffe, P. Davies, “Interfacial fracture in sandwich   
laminates”, Composite Science and Technology, 59, 2079-2085 (1999). 
[4] A. W. van Vuure, J. Pflug, J. A. Ivens, I. Verpoest, “Modelling  the core properties of 
composite panels based on woven sandwich-fabric preforms”, Composite Science and 
Technology, 60, 1263-1276 (2000). 
[5] A. Ural, A. T. Zehnder, A. R. Ingraffea, “Fracture mechanics approach to facesheet 
delamination in honeycomb: measurement of energy release rate of the adhesive bond”, 
Engineering Fracture Mechanics, 70, 93-103 (2003). 
[6]  A. G. Mamalis, D. E. Manolakos, M. B. Ioannidis, P. D. Papapostolou, “On the crushing   
response of composite sandwich panels subjected to edgewise compression: 
experimental”, Composite Structures, 71, 246–257 (2005). 
[7] Release 11.0 Documentation for ANSYS 
[8] R. R. Tanov, A Contribution to the Finite Element Formulation for the Analysis of 
Composite Sandwich Shells, PhD Thesis, University of Cincinnati, 2006 
775
8th International Conference on Sandwich Structures 
ICSS 8 
A. J. M. Ferreira (Editor) 
 FEUP, Porto, 2008 
EFFECT OF THE FORMING PROCESS OF THE FOAM CORE ON 
THE MECHANICAL PROPERTIES OF A CURVED SANDWICH BEAM 
Pascal Casari, Frédéric Jacquemin and Annick Perronnet 
Institut de Recherche en Génie Civil et Mécanique (GeM) 
Université de Nantes 
2 rue de la Houssinière, 44300 Nantes, France 
e-mail: Pascal.Casari@univ-nantes.fr, Frederic.jacquemin@univ-nantes.fr, 
web page: http://www.univ-nantes.fr 
Key words: Sandwich structure, curved beam, bending, PVC foam, gradient, manufacturing. 
Summary. The focus of this work is put on the thermoforming process applied on a foam 
core in order to manufacture a curved sandwich structure. This step induces a density 
gradient across the width, and consequently an effect on the mechanical behavior of the 
sandwich structure. 
1 INTRODUCTION 
Actual publications model the behavior of a sandwich structure considering a core material 
without any gradient across the width, or just a pre-existing gradient. It has been shown in [1] 
that the core was affected by a density gradient across the width. All this was not considering 
curved structures and especially the thermoforming process of the core. In fact, this 
manufacturing step induces a density gradient followed by an evolution of the mechanical 
properties. Moreover, some residual stresses are created and may affect the geometrical 
stability of the structure [2]. These components have been assessed in order to provide both a 
highlight on the manufacturing process of PVC foam cores and a set of experimental results 
to be included in thermo mechanical modeling of sandwich structures. 
2 MATERIALS AND METHODS 
The experiments are conducted on a sandwich curved beam (Figure 1). A foam core flat 
panel (a) (Airex C70 – 200 kg/m3, 50 mm thick) is curved under vacuum (b) in a climatic 
chamber at 130°C. The skins are manufactured by wet layup (c) of 8 E-glass fabrics 
comprised of balanced woven roving (350g/m²) and chopped roving (300g/m²) stitch-bonded 
together with an epoxy resin. The skins of the sandwich part are joined at the ends as 
monolithic laminates and clamped to the testing machine (d) by means of eye-shaped heads 
ensuring free rotations. 
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a) 
b)
c) 
Beam dimensions and mechanical properties: 
x Internal radius: 380 mm 
x External radius: 442 mm 
x Width of the beam: 110 mm 
x Skin thickness: 6 mm 
x Foam thickness: 50 mm 
o Distance from the loading axis to the 
internal skin: 150 mm. 
x Elastic modulus of the foam: 200 MPa 
Figure 1. Foam core process and curved beam under tensile test
d) 
2.1 Initial foam core properties 
The foam density profile has been measured by means of a procedure explained in [1]. 
Density across the width is obtained by matter removal. Some coarse parallelepipedic foam 
samples are cut from a raw foam panel and the shape of the remaining piece is corrected by 
means of a polishing operation. Then, the samples are weighed before and after the removal 
of thin layers of approximately 2 mm by a mechanical polishing. Specific care is brought in 
order to keep the surfaces plane and parallel. The density is then estimated by measuring the 
weight and the dimensions of the body as shown in Figure 2.
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Figure 2. Architecture of the microstructure of the PVC foam core.
The next step is the thermoforming of the foam core before laminating the skins. The 
specimen is marked on both sides, heated up to 130°C and bended into a female mould with 
an internal radius of 430 mm. Some marks have been previously put on the faces of the foam 
panel in order to estimate the strains of the expanded and the shrunk sides. An overview of the 
result and the corresponding elastic Young’s modulus is given in Figure 3. The evolution of 
this modulus is assumed to be fully correlated to the density across the width, with an average 
of 200 MPa. 
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Figure 3. Strains due to the thermoforming step under vacuum against a mould and corresponding stiffness. 
This result suggests that the density profile should be updated in order to take both the 
gradient of density and the thermoforming step into account. The density increases in the 
inside of the curve and decreases in the outside. 
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2.2 Microstructure 
A set of pictures is taken in order to highlight a difference in the microstructure across the 
width (Figure 4). 
a)
b)
The first picture (a) is located on 
the top of the sample and reveals the 
effect of the expansion of 7% 
associated to a density above the 
average.
The second picture (b) shows quite 
big cells provided by the initial 
foaming process. 
The third picture (c) gives a set of 
cells shortened in the horizontal 
direction. The cell walls look creased. 
The pictures width represent 
2.2 mm of the foam core 
c)
Figure 4. Microstructure of the PVC foam core. 
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Foam core manufacturers often provide manuals in order to adopt the right parameters for 
PVC foam core thermoforming. It consists in applying a temperature in combination to 
weights or vacuum. Here, the foam core is thermoformed at 125°C under vacuum. The key 
point of the process consists in maintaining the foam specimen at high temperature; otherwise 
the surfaces of the panel cool down rapidly, which leads to crack and failure. 
3 MECHANICAL TESTING 
A tensile test is conducted on the curved sandwich beam (Figure 1) in order to apply a 
bending load in combination to shear and transverse deformations. Here the effect of the 
supports is not significant compared to the one of bending tests [3]. Indeed, the load is applied 
at the ends of the specimen. 
Strains are measured by means of pictures taken from the side of the beam; a reference 
picture before loading and a deformed picture once load is applied. Then they are analyzed by 
means of a Digital Image Correlation technique [4]. This kind of investigation is now well 
known, and provides a full displacement field which can be derived in order to get the strains 
of the observed surface. The size of a pixel is approximately 0.05 mm. The natural roughness 
of the core provides a satisfactory random pattern is size and in gray level. A typical strain 
field is given in Figure 5. The peaks are produced mostly by a random noise and the absence 
of smoothing of the results. 
Figure 5. Strain field from Digital Image Correlation
The method is applied to the specimen (Figure 6). Two areas (a) or (c) have been selected 
in order to quantify strains by deriving displacements. A mesh is defined across the width of 
the foam core (b) or (d) and each square is statistically analyzed on the deformed picture in 
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order to find the displacement of its center which provides the best correlation with a square 
from the reference picture, and displacements can be drawn over the analyzed surface. 
Finally, strains are given across the width and reveal scatter which is mostly due to some 
defects in the random pattern of the picture. 
a) b)
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Figure 6. Digital Image Correlation overview and strains across the width. 
 2 
1
     2 
1
4 MECHANICAL MODELING 
The beam is modeled with Finite Elements under plane strain state and two hypotheses are 
assessed: the first one with constant elastic stiffness for the core, and the second one with a 
variable elastic stiffness across the width. Here the focus is put on the effect of a gradient of 
mechanical properties in the core on the mechanical response of the sandwich structure, even 
if some studies provided efficient tools for the calculation of the mechanical response of 
sandwich curved structures [5, 6]. The evolution of the variable Young’s modulus was drawn 
in Figure 3 and the strain profiles are drawn in Figure 7.
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Figure 7. Strain profiles across the width with or without stiffness gradient in the core. 
The strains estimated by the model (Figure 7) are far from the ones measured during the 
tests (Figure 6). This mismatch could be due to an edge effect which leads to invalidate the 
hypothesis of plane strains or to a symmetry defect. 
5 CONCLUSION 
The application of sandwich structures under curved shapes leads to a specific analysis 
because of the foam core thermoforming process. It has been shown that the core undergoes a 
significant variation in morphology, and therefore in density and stiffness across the width. 
Firstly, this effect has been shown by means of a micro structural observation. The cell size of 
the core looks bigger outside the curved shape and smaller inside the curve. 
Secondly, the thermoforming step shows a variation of maximal and minimal strains with 
an increase of 7% of elongation on the extended side, and 5% of shrinkage on the compressed 
side of the foam panel. This significant variation has been chosen to define a linear stiffness 
variation across the width, which is added to the one from the initial foam core process. Then 
the impact of such density variation is assessed by means of a test on a curved sandwich 
beam. A tensile test is conducted and a corresponding mechanical model is defined in order to 
evaluate the strain profiles. There is a mismatch between the model and the test results which 
could be assessed by improving the representation of the structure through a 3D effect. 
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Summary. This article introduces the development on a new high performance sandwich 
foam core based on Polymethacrylimide (PMI). The new PMI Grade shows significant 
improvements regarding ductility, specific mechanical properties and specific resistance to 
compressive creep. The new Grade thus leads towards additional weight saving potential and 
better impact resistance.  
 
1 INTRODUCTION 
Due to high strength- and stiffness-to-weight ratio compared to monolithic structures, 
sandwich constructions are widely used in aerospace, marine and other transport applications 
Sandwich structures consist of an upper and a lower face sheet bonded to a low density 
lightweight core material. The stiff and strong face sheets carry the in-plane stresses while the 
core carries the shear stresses produced by transverse loads. Sandwich structures are 
particularly suitable for bending and in-plane compression load cases. 
ROHACELL® is a family of closed-cell PolyMethacrylImide (PMI) foams that are ideally 
suited for strong and lightweight sandwich construction. PMI structural sandwich foam cores 
offer the highest level of specific stiffness and strength, good fatigue properties, high 
temperature resistance (up to 230°C) and unsurpassed resistance to compressive creep. Over 
the years, 9 different Grades have been developed to meet specific demands in specific fields 
of applications, ranging from sports applications to aerospace applications. 
Driven by the constant demand for improvement, a new generation of even more advanced 
and higher performance PMI foam, has been successfully developed. This new PMI foam is 
called ROHACELL® HP. 
The paper will summarize the property profile of the already existing product range and will 
introduce this new Grade. It will be shown that significant improvements regarding specific 
resistance to compressive creep could be achieved, leading towards significant part weight 
savings. 
Furthermore it will be shown that the new Grade is more ductile, compared to the already 
existing Grades, but still offers unsurpassed specific material properties.  
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Sandwich technology contributes significantly to solving weight problems in many fields of 
application, in particular in transportation. If we focus on the manufacture of aircraft 
components, mostly NOMEX® and aluminium honeycombs are used as core materials. They 
offer excellent strength-to-weight and modulus-to-weight ratios. 
On the other hand, the non-isotropic and open-cell character of honeycombs causes some 
problems during core shaping and curing of sandwich components. Honeycombs do not 
withstand lateral forces/pressures and tend to collapse during core shaping and sandwich cure. 
They do not fully support prepreg layers during cocuring operations, which results in surface 
imperfections, zones of poor laminate consolidation and fibre disorientations, leading towards 
the necessity to introduce knock-down factors into the design calculation. [1, 2, 3]. Fig. 1 
 
 
 
 Figure 1: dimpling and laminate imperfections of HC sandwich skins 
 
Another major problem is extensive moisture absorption and corrosion, which limits the 
performance of the component and causes increased expenditure for repair and higher service 
life costs [4]. 
 
2 HISTORY OF PMI FOAMS – ACTUAL PRODUCT PORTFOLIO 
 
    In 1967 the first generation of PMI sandwich foam cores was introduced at the K-
Exhibition in Düsseldorf. Already in 1971 the material was successfully introduced as 
structural sandwich core for helicopter fuselage panels. Today PMI foams are called out in 
more than 190 specifications worldwide, 96% being aerospace specifications.  
 
Beside a range of products for industrial applications such as sporting goods, wind turbine 
blades, medical equipment, railcar structures, ship, antennae, electromagnetic and automotive 
applications, a range of different PMI Grades suitable for aerospace applications have been 
developed over the years.  
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These can be subdivided as follows: 
 
     - PMI for autoclave cure 
 
• ROHACELL ® A   suitable for autoclave cure up to 125°C at 0,3 MPa pressure 
               
• ROHACELL ® WF   suitable for autoclave cure up to 180°C at 0,7 MPa pressure 
 
• ROHACELL ® XT   suitable for autoclave cure up to 190°C at 0,7 MPa pressure 
              post cure temperature up to 230°C 
 
- PMI for RI (Resin Infusion) and RTM (Resin Transfer Molding) 
 
• ROHACELL ® IG-F   suitable for RI, VARI – processing up to 125°C  
 
 
• ROHACELL ® RIST   suitable for RI (Resin Infusion) and RTM (Resin Transfer 
              Molding) - processing up to 180°C curing 
 
• ROHACELL ® RIMA  suitable for RI (Resin Infusion) and RTM (Resin Transfer 
              Molding) - processing up to 180°C curing, minimized surface 
  resin absorption 
 
Over the years the development of mew PMI Grades has always been prompted by new or 
increasing demands from the market. The development of the XT (eXtended Temperature) 
Grade marked a mile stone as resistance to creep compression in comparison to the already 
existing A and WF Grade could be significantly improved. The material is also suitable for 
BMI prepreg cure cycles and can take post curing temperatures of up to 230°C. The engine 
cowling of the Tiger helicopter is a good example for such a PMI/BMI sandwich application. 
Fig 2 
 
 
 
 
 
 
 
 
 
  
                                   Figure 2: engine cowling of Tiger helicopter 
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3 TAILORING THE CELL SIZE OF PMI FOAMS 
      As a result of a comprehensive R&D project Evonik Röhm developed a method to tailor 
the cell size of PMI foams. Again, demands from the markets respectively the spread out of 
resin infusion and RTM processes initiated the research. The goal was to develop structural 
foams having the same level of strength-to-weight ratio and resistance to creep compression 
as the A, WF and XT grade but a much smaller cell size. Smaller cell size means lower 
surface resin absorption. As PMI foams are the only 100% closed cell foams minimizing 
surface resin absorption was key to weight saving. Surface resin absorption is simply a 
function of the cell diameter. Fig. 3 
 
 
Fig. 4 shows the difference in cell size of the WF Grade, RIST and RIMA Grade at the same 
magnification.  
 
 
The cell size of WF Grade is suitable for prepreg type resin viscosity. Even resins with a poor 
flow can penetrate the cut open cells at the surface and thus realize a good skin-to-core 
adhesion. Based on a procedure developed and approved by the German RIM Committee (Fig 
5) it could be shown that RIST Grade realizes a 50% reduction in cell size and RIMA offers 
another 50% reduction in cell size.  
Smaller cells mean lower surface resin absorption
 
Figure 4: tailoring the cell size for RI and RTM processing 
100% closed cellular structure
                                                d{
skin
Figure 3: surface resin uptake = f(d/2) 
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Although the cells of the 2 RI Grades are significantly smaller, good adhesion characteristics 
could be maintained at minimal surface resin absorption. Fig 6. 
 
 
 
  
 precisely machined cavity 
 
 precisely machined foam test specimen 
 
 
 
 
 
 
 
 
 
determination of resin amount infused by vacuum 
 
 
Figure 5: test equipment to determine surface resin absorption 
 
 
                  
 
 
  
  surface resin absorption 
 
       peel force (ASTM C297) 
 
 
 
 
 
 
 
Figure 6: surface absorption vs. peel force, comparison of WF, RIST and RIMA 
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The 100% closed cellular structure of PMI foams makes them the ideal sandwich core 
material for any kind of Resin Infusion (RI) or RTM (Resin Transfer Molding) processing. 
Excellent results could also be obtained in the so called SLI (Single Line Injection) process, 
developed by DLR (German Aerospace Research Institute) [5], [6], [7] 
  
4 EFFECTS OF SMALLER CELL SIZE ON PROPERTIES 
      It is already known, that the stability of polymer-based cellular structures in general is 
increasing if the cell size is decreasing. This is valid for PMI foams in particular, as they 
represent the only commercially available 100% closed cell foams. This increasing stability of 
the structure results in improvement of mechanical properties and also in a more ductile 
behavior of the foam, meaning e.g. higher elongation at break. Fig. 7, Fig. 8, Fig. 9 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
Figure 7: stress / strain diagram for IG Grade 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
Figure 8: stress / strain diagram for XT Grade 
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Both PMI Grades show a similar stress / strain behavior with about 3 % elongation at break, 
while XT shows higher tensile strength and young´s modulus.  
 
Fig 9 shows the stress / strain diagram for the RIMA grade having a significantly smaller cell 
size. Elongation at break is about 10%, while the young´s modulus is only 8% below the 
value for the XT grade. 
        
 
 
 
 
 
 
 
 
 
 
 
 
Figure 9: stress / strain diagram for RIMA Grade 
 
 
5 DEVELOPMENT OF NEW PMI GRADE ROHACELL® HP  
The goal of the project was to realize a new PMI Grade integrating the following 
 properties: 
 
1. maintain level of young´s modulus of the XT Grade 
 
2. maintain excellent resistance to compressive creep of the XT Grade 
 
3. significantly improved ductility 
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Presentation of results: 
 
• Tensile properties 
Fig. 10 shows the stress / strain diagram of the newly developed PMI Grade. Elongation at 
break is 7% while weight specific tensile strength and young´s modulus are exceeding 
those of the XT Grade. 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
Figure 10: Stress / strain diagram of new HP Grade 
 
 
• Resistance to creep compression 
Fig. 11 compares creep compression results of XT Grade and new HP Grade after testing 
at different autoclave pressures at a temperature of 180°C, duration of cure cycle 2 hrs. 
 
PMI foams need to be dried and or heat treated (HT) to ensure the appropriate resistance 
to creep compression under the given curing conditions during part manufacturing. HT 
means enhanced drying and does not mean any kind of additional post expansion chemical 
reaction. 
In service, PMI-cored sandwiches show significantly less moisture absorption compared 
to honeycomb-cored (HC) sandwich components. It is well known, that significant 
amounts of water can occur in HC-cored components. This water leads towards freeze-
thaw problems, respectively to skin-to-core delamination. [4] 
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The following graph refers to creep compression testing of the –HT version of the XT and the 
new HP grade. 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
 
Figure 11: creep compression – comparison of XT-HT to HP-HT 
 
It becomes obvious, that the new PMI Grade HP even exceeds the excellent resistance to 
creep compression of the XT grade. Fig. 12 concludes the improvement obtained regarding 
creep compression and density/weight reduction compared to other high-temperature capable 
PMI 
                                       
 
Figure 12: comparison of weight specific creep compression 
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6 CONCLUSION 
       The new PMI Grade ROHACELL® HP is setting new standards regarding weight specific 
mechanical properties and resistance to creep compression. 
The improvements compared to the XT Grade are summarized in Fig. 13. 
 
 
 
 
Figure 13: summary of improvements HP Grade versus XT Grade 
 
A new, even more advanced PMI Grade has been successfully developed. It´s outstanding 
specific mechanical properties and resistance to creep compression are leading towards 
realization of further weight savings. 
Recently run autoclave trials prove that the HP grade in a density of 95 kg/m³ can withstand 
10 bar of pressure at T = 180°C, 2hrs with just only 2% of creep compression.  
The new Grade also shows improved moisture absorption properties.  
The particularly tailored cellular structure / cell size are leading towards significant 
improvements regarding NDT inspection. 
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CARBON FIBERS AS CORE MATERIAL.
PROCESSING AND MECHANICAL PROPERTIES
Laurent Mezeix *†, Christophe Bouvet†, Bruno Castanié † and Dominique Poquillon*
*  CIRIMAT
Université de Toulouse
ENSIACET, 118 route de Narbonne, 31077 Toulouse, France
E-mail: laurent.mezeix@ensiacet.fr
† LGMT, IGM
Université de Toulouse
LGMT, bât 3PN, 118 route de Narbonne, 31062, Toulouse, France
Key words: Sandwich structures, Manufacturing, Experimental mechanics.
Summary: Ventila ted core materials are elaborated from entangled carbon fibers. They are 
studied in this paper for an application as core material for sandwich structure. Core
material is elaborate d from carbon yarn with hand carding, and removing  carbon fibers
epoxy coating. Carbon/epoxy prepreg is used for sandwich skins. To increase stiffness, fibers
need to be cross-linked and epoxy resin is chosen and applied by vaporization. The purpose of 
this paper is to compare the compressive response of entangled carbon fibers at different 
compression rate. Results are compared with polymethacrylimide foam and Nomex
honeycomb. Energy absorption per unit mass is also compared with these materials.
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1 INTRODUCTION
Many different sandwich panels are used for aeronautical applications. Open and closed 
cell structured foam, balsa wood or  composite honeycomb are often used as core materials. 
When the core material contains closed cells, water accumulation into the cell has to be taken 
into account. This phenomenon occurs when in service conditions lead to operate in humidity 
atmosphere. Then, water vapor from air naturally condenses on cold surfaces when the 
sandwich panel temperature decreases. This water accumulation might increase significantly 
the weight of the core material. Core with a ventilated structure helps to prevent this 
phenomenon. Periodic cellular metal (PCM) has been motivated by potential multifunctional 
applications that exploit their open architecture as well as their apparent superior strength and 
stiffness: pyramidal [1, 2], lattice [3 - 8], kagome truss [9 - 14] or woven [15 - 17]. One of the 
drawbacks of these materials is the expensive cost of the manufacturing. In the present study, 
ventilated core materials are elaborated from entangled carbon fibers. This type of materials 
has been studied previously [18] and promising crash absorption properties have been
evidenced. The simplicity of elaboration is one of the main advantages of this material.
Mixing different sorts of fibers, by example adding fibers with good electrical conduction 
properties is also possible.
Sandwich panels with entangled cross -linked carbon fibers as core material are elaborated
using carbon/epoxy skins. So, epoxy resin was used for cross-linking core fibers. Elaboration
of core materials and sandwich sampled will be first detailed. Then compression tests in 
quasi-static conditions and for 4 m.s-1 speed impact tests will be described.
2 MATERIALS AND METHODS
2.1 Raw materials used
The commercial carbon fibers (12K) consist of a yarn of stranded carbon filaments. 
Filaments diameter is 7 μm and epoxy coating represents 1 wt%. Fibers were provided by the 
company ATG Composite, France. Skins were provided by Hexcel, reference G803 /42%/ 
914. Skins consist of prepreg of carbon epoxy satin stitch. The initial prepreg thickness equals
0.28 mm. Table 1 shows prepreg and carbon yarns properties.
Carbon yarns Carbon prepreg
Density 1760 kg/m3 1290 kg/m3
Tensile strength 4300 MPa 420 MPa
Tensile modulus 238 GPa 52 GPa
Compression strength 400 MPa
Poisson’s ratio 0.03
Shear modulus 3.86 GPa
Table 1. Carbon prepreg and carbon yarns properties
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To increase stiffness of the entangled materials core of the sandwich panel, carbon fibers 
are cross-linked using epoxy resin provided by the company SICOMIN, France. Table 2
shows batch (hardening agent + resin) properties.
Density ≈ 1100 kg/m3
Viscosity (25 °C) 285 mPa.s
Polymerization at 80 °C 10’
Table 2. Epoxy properties
Results concerning sandwich panels elaborated with core made of entangle d carbon fibers 
will be compared with those obtained with polymethacrylimide foam (Rohacell 110 RIMA) 
and honeycomb (Hexcel, HRH-78) as core material. Table 3 shows polymethacrylimide foam 
and Nomex honeycomb properties.
polymethacrylimide foam Nomex honeycomb
Density 110 kg/m 3 50 kg/m3
Compressive strength 3.6 MPa 2.2 MPa
Tensile strength 3.7 MPa
Flexural strength 5.2 MPa
Shear strength 2.4 MPa 0.85 MPa *
Elastic modulus 180 MPa 125 MPa *
Shear modulus 70 MPa 31.7 MPa *
Table 3. Properties of polymethacrylimide foam and Nomex honeycomb, *out of plane test
2.2 Characterizations, devices used
Carbon fibers were observed using a Scanning E lectron Microscope (LECO435VP) 
operating at 15 kV. To remove initial epoxy coating, yarns are treated in a solution of 
dichloromethane for 24 hours, then cleaned 2 hours in methanol. For all the tests carried out 
during this work the specimens are carefully weighed using SARTORIUS balance (±10μg)
and their volume are measured. A paint spray gun (Fiac UK air compressors) is used to 
vaporize epoxy. Resin is heated up to 35 °C to decrease viscosity and thus allows a better 
vaporization.
2.3 Core elaboration
The core thickness was kept constant on the samples. The value of 20 mm was chosen and 
this value was also the carbon fibers length. Different materials architectures have been tested.
The simplest architecture is obtained by entangling the raw yarn (12 K + 1 wt% epoxy 
coating) shown on Fig. 1a. It was chosen to decrease yarn size by hand carding. Indeed used 
smaller yarns sizes allow to decrease relative density [18]. As show n on Fig. 1b, fibers 
separation is not homogeneous due to the effect of epoxy coating. To obtain smaller yarns, 
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epoxy coating need to be removed as described in paragraph 2.2. Fig. 1c shows that the fibers 
separation is better. A previous work on carbon fibers entanglement for an application as core 
material shows that the stiffness obtained is too low when carbon fibers are not cross-linked
[19]. In this study epoxy cross-link was successfully realized using paint spray gun during the 
entanglement of carbon fibers. Fig. 2 shows SEM observations on fibers coated by spray gun. 
Fibers separation is good, epoxy cross -links are numerous  but some epoxy drops remain on 
carbon fibers.
(a) (b) (c)
Fig 1. (a) Carbon yarn as received; (b) hand carding from raw carbon fibers, (c) hand carding fibers after 
chemical uncoated
Epoxy Cross-link
Drop
Epoxy Cross-link
Fig 2. SEM observation of uncoated then cross-linked fibers by epoxy spraying
2.4 Sandwich samples e laboration
The chosen materials for core realization of  the sandwich samples were the one illustrated 
on Fig. 2. It was obtained from entanglement of uncoated yarns which were hand carded. 
Then, epoxy was sprayed to cross-link fibers. Samples are manufactur ed in specific mould. 
To obtain enough homogeneous and stiffness core material, carbon fibers are compressed. 
The density obtained before epoxy spaying is about 400 kg/m3. Many tests were performed on 
entangled samples with smaller core density. But, in this cases, the core homogeneity was not 
enough correct between the lower and the upper skin of the sample. The sandwich skin face 
sheets consisted in carbon/epoxy [0] 2 prepreg. To improve interface between the core and the 
skin, epoxy resin is sprayed on skins. Sandwich structures are polymerized at 180°C for 
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4 hours in a furnace under laboratory air. For the compression and dynamic crushing tests,
samples are cylindrical (Fig 3b). T he diameter is 30 mm for a height of 20 mm. Fig. 3a shows 
a typical sandwich beam obtained.
(a) (b)
Fig 3. (a) sandwich beam (b) cylinder sample
2.5 Experimental methods
• Compression tests
The quasi-static compressive response of the entangled carbon fibers sandwich core were 
measured in a screw-driven test machine MTS with a 5kN load cell. The applied velocity 
v0 = 0.02 mm.s-1 corresponding to a nominal strain rate of e = 10-3 s-1. The unloading is at the 
same strain rate. The sample is introduced between the lower and the upper part of the device. 
A compressive preloading of 2N is applied because the uncertainty of measurement ±1 N.
Tests were performed on sandwich sample s and on core materials (Fig 5).
• Dynamic crushing tests
The dynamic compressive responses of the entangled carbon fibers sandwich and core 
material were measured in an impact test system. System consists of a drop weight system.
Fig 4 shows the features:
Accelerometer
Impactor
Piezoelectric load cell
Impactor tip
Sample, Ø 30 mm20 mm
Fig 4. Impact apparatus
• A 2 kg free failling mass
• A piezoelectric load cell mounted under the mass to measure the force between the 
mass and the sample.
• An accelerometer mounted over the mass to measure the acceleration.
• A flat striker of 30 mm diameter.
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• An optical sensor to measure the velocity just before impact.
• An analogical data acquisition system (YOKOGAWA)
The impact force Fimpact between the impactor and the specimen is determineed due to the 
measured force, Fmeasure, taken by the load cell:
measured
tipimpactor
impactor
impact Fmm
m
F
−
= (1)
Where mimpactor and mtip are respectively the mass of the impactor (2 kg) and the impactor 
tip (0.23 kg). The impact velocity is about 4 m.s-1. Tests were performed on sandwich samples 
and on core materials. Strain s and true strain e are determined by equations (2) and (3):
0S
Fimpact
=σ (2)
)1ln(
0h
hΔ
−=ε (3)
Where Fimpact is obtained by the equation (2) and S0 is the sample area (700 mm2). ? h is 
the variation of thickness and h0 the initial thickness (20 mm). The purpose is to compare the 
quasi-static responses with those obtained at low speed impact.
3 RESULTS AND DISCUTION
3.1 Quasi-static compression tests
Figure 5 shows results about compression tests and impact tests on sandwich and core 
entangled samples. Firstly, we can observe for quasi static compression that the deformation 
of sandwich structure is lower than the one core material. Linear behavior exists during the 
beginning of the quasi static compression. Young modulus corresponding at this part is
respectively 22 MPa and 11 MPa for sandwich and core samples. This linear behavior is due
to the strength of vertical fibers. Stiffness is bigger with the presenc e of skin because fibers 
are less free to bend. A remanent strain is observed for all samples, due to the fibers
rearrangement during the compression. Table 4 shows Young Modulus for the quasi static 
tests on the different materials used. Young Modulus is determined in the linear part before 
the peak stress in the case of foam and honeycomb. Young Modulus determined during these
experiments are very low compared to supplier data. But compressive strength obtained
during these tests are closed to awaited values. Experiments need to be done again to check 
Young modulus values. The difference of Young modulus between entangled carbon fibers
and others core materials tests is larger. Figure 6 shows results about quasi-static compression
and impact tests on Nomex honeycomb and polymethacrylimide foam. No significantly 
difference is observed between core and sandwich samples.
Work is still necessary to increase stiffness of entangled carbon fibers samples and in the 
same time to decrease density. 
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Young modulus [MPa] on core 
sample
Young modulus [MPa] on
sandwich sample
Honeycomb 70 (50 kg/m3) 70 (90 kg/m3)
Polymethacrylimide foam 50 (110 kg/m3) 60 (190 kg/m3)
Entangled carbon fibers 11 (400 kg/m3) 22 (500 kg/m3)
Table 4. Young Modulus in quasi static compression. Density is given into bracket s
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Fig 5. Stress-Strain curve for quasi static compression and impact tests on  samples
-4,5
-4,0
-3,5
-3,0
-2,5
-2,0
-1,5
-1,0
-0,5
0,0
-14%-12%-10%-8%-6%-4%-2%0%
Strain
St
re
ss
 [M
pa
]
Quasi-static honeycomb
sandwich
Quasi-static honeycomb
core
Quasi-static foam sandwich
Quasi-static foam core
Impact honeycomb
sandwich
Impact honeycomb core
Impact foam sandwich
Impact foam core
Fig 6. Stress -Strain curve for quasi static compression and impact test on Nomex honeycomb and 
polymethacrylimide foam samples
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3.2 Dynamic crushing
In the current study, samples were tested at energy level of 15 J. We can observe on the 
Figure 5 that the difference between quasi static and impact is not very important for the core 
sample s, while for the sandwich, the difference is more noticeable . More experiments are 
needed to explain this behavior. Moreover, like in quasi static, stiffness on sandwich sample is
superior to core sample under impact.
It is important to notice that during impact tests, strain rate is not constant. Indeed strain
rate is about 20 s-1 for an impactor speed of v = 4 m.s-1 in the beginning of impact and
decrease to 0s-1 when strain is maximum.
3.3 Energy absorption
The energy absorption per unit mass, Wm, can be used to compare different cellular 
structures. This specific energy is defined from the area under the nominal stress nominal 
strain curve as
εεσ
ρ
ε
dWm ∫=
0
)(
1
(4)
Where s is the stress of the structure and e is the strain and ? is the density. The Figure 8
shows the energy absorption per unit mass for entangled carbon fibers, for quasi static tests
and low velocity impact tests at energy level of 15 J. Firslty, energy absorption per unit mass 
of entangle d core is more important than for sandwich. This point is explained by higher 
strain obtained (for the same stress level) for core material than for sandwich structure. The 
presence of skins on which many fibers are glued by epoxy decreases fibers motion and
friction which participate in energy absorption. Secondly, there is no significant difference 
between quasi-static compression tests and dynamic compression tests at low speed impact.
Under the same stress, energy absorption per unit mass is almost the same between quasi 
static and impact tests.
805
Laurent Mezeix, Christophe Bouvet, Bruno Castanié and Dominique Poquillon
0
500
1000
1500
2000
2500
3000
3500
4000
-6-5- 4-3-2-10
Stress [MPa]
W
m
 [J
/k
g]
Quasi static core
Quasi static sandwich
Impact core
Impact sandwich
Fig 8. Energy absorptionper unit mass versus stress, t his for core and sandwich samples.
Figures 9a. and 9b. show respectively the energy absorption per unit mass versus pressure 
under quasi static tests and impact tests. Firstly, in both cases, we can observe that under
1 MPa, energy absorption of entangled carbon fibers (core and sandwich samples) is very low
(less than 100 J/kg). For higher stresses, energy absorption per unit mass increases linearly.
Indeed entangled carbon fibers do not present a plateau behavior although Nomex honeycomb 
and polymethacrylimide foam present it after a peak stress. The plateau behavior is interesting
because without increasing stress, energy absorption increase. But the level of this plateau is 
the level of the maximum stress allowed. As shows on Fig. 9b, entangled carbon fibers 
compression tests do not reveal any plateau of energy absorption but an increasing energy 
absorption capacity when stress increases.
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Fig 9. Energy absorption per unit mass versus stress (a), during quasi static tests (b) during impact tests.
Absorption per unit mass is given by equation 4
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4 CONCLUSIONS
Compression behavior and energy absorption have studied under both quasi-static
compression tests and low velocity impact conditions. Comparison has made between
entangled carbon fibers, Nomex honeycomb and polymethacrylimide foam. Comparison has 
also been carried out between core materials  alone and sandwich samples. The conclusive 
remarks can be summarized as follows:
1. Delete epoxy resin coating of carbon fibers allows reducing significantly the
size of yarn, but yarns  size obtained is not homogeneous. The density of cross-
linked entangled carbon fibers, about 500 kg/m3, is high for an application as 
core material.
2. The stiffness of entangled fibers carbon is less than other core material tested.
3. Under quasi-static compression tests and low velocity impact conditions cross-
link entangled carbon fibers do not present a plateau behavior. But an
increasing absorption energy capacity.
Entangled fibers have several advantages like easy manufacturing and possibility to mix
different sorts of fibers. Application like core material present also advantages: possibility to 
reeve cables on the core, add fibers with good electrical conduction, capac ity to have curve 
sandwich panel and variation of core thickness. However, materials elaborated during that 
study have still a too high density. Solutions are in progress to increase stiffness and to 
decrease significantly density in same time for new entangled core materials.
REFERENCES
[1] Douglas T. Queheillalt, Haydn N.G. Wadley, Pyramidal lattice truss structures with 
hollow trusses, Materials Science and Engineering A 397, pp 132 – 137, 2005.
[2] Douglas T. Queheillalt, Yellapu Murty and Haydn N.G. Wadley, Mechanical properties of 
an extruded pyramidal lattice truss sandwich structure, Scripta Materiala 58, pp 76 – 79, 
2008.
[3] T. Liu, Z.C. Deng, T.J. Lu, Design optimization of truss-cored sandwiches, with
homogenization, International Journal of Solids and Structures 43, pp 7891-7918, 2006.
[4] H.L Fang, W Yang, B. Wang, et al. Design and manufacture of a composite lattice 
structure reinforced by continuous carbon fibers, Tsinghua Sci Tech 2006, Volume 11, 
Number 5, pp 515-522, 2006.
[5] Gregory W. Kooistra, Douglas T. Queheillalt, Haydn N.G. Wadley, Shear behavior of 
aluminum lattice truss sandwich panel structures, Materials Science and Engineering, 2007.
[6] J.C. Wallach, L.J. Gibson, Mechanical behavior of a three-dimensional truss material,
International Journal of Solids and Structures 38, pp 7181 – 7196, 2001.
[7] F. Coté, V.S. Deshpande, N.A. Fleck, A.G. Evans, The compressive and shear responses 
of corrugated and diamond lattice materials, International Journal of Solids and Structures
43, pp 6220 - 6242, 2006.
[8] L. Valdevit, J.W. Hutchinson, A.G. Evans,, Structurally optimized sandwich panels with 
prismatic cores, International Journal of Solids and Structures 41, pp 5105 - 5124, 2004.
808
Laurent Mezeix, Christophe Bouvet, Bruno Castanié and Dominique Poquillon
[9] Wang, A.G. Evans, K. Dharmasena, H.N.G. Waldley, On the performance of truss panels 
with Kagome cores, International Journal of Solids and Structures 40, pp 6981-6988, 2003.
[10] S. Hyun, A.M. Karlsson, S. Torquato, A.G. Evans, Simulated properties of Kagomé truss 
core panes, International Journal of Solids and Structures 40, pp 6989-998, 2003.
[11] Ji-Hyun Lim, Ki-Ju Kang, Mechanical behavior of sandwich panels with tetragonal and 
Kagome truss cores fabricated from wires , International Journal of Solids and Structures 
Volume 43, issu 17, pp 5228- 5246, 2006.
[12] Lee Y.-H et al., Wire-woven bulk Kagome truss cores, Acta Mater iala 55, Issue
18, October 2007, pp 6084 - 6094, 2007.
[13] H.L. Fan et al., Sandwich panels with Kagome lattice cores reinforced by carbon fibers,
Composites Structures 81, issu 4, pp 533 - 539, 2006
[14] H.L. Fan, F.H. Meng, W. Yang, Mechanical behavior and bending effects of carbon fiber 
reinforced lattice materials, Arch Appl Mech 75, pp 635 - 647, 2006.
[15] J. Brandt, K. Drechsler and F.J. Arendts, Mechanical performance of composites based 
on various three-dimensional woven -fibre preforms, Composites Science and Technology 56, 
pp 381-386, 1996.
[16] M.K. Bannister, R. Braemar, P.J. Crothers, The mechanical performance of 3D woven 
sandwich composites, Composite Structures 47, pp 687 - 690, 1999.
[17] H. Judawisastra, J. Ivens, I. Verpoest, The fatigue behaviour and damage development of 
3D woven sandwich composites, Composite Structures 43, pp 35 - 45, 1998.
[18] D. Poquillon, B. Viguier, E. Andrieu, Experimental data about mechanical behavior 
during compression tests for various matted fib res, Journal of Materials Science,  Volume 40, 
Issue 22, pp 5963 - 5970, 2005.
[19] Laurent Mezeix, Fibres de carbone utilisées comme matériaux d’âme pour structure 
sandwich, Master Thesis report, Material Science Master’s degree, University of Toulouse, 
Jun 2007.
809
8th International Conference on Sandwich Structures 
ICSS 8 
A. J. M. Ferreira (Editor) 
  © FEUP, Porto, 2008
CORE METAL ALLOY 
- A NEW SANDWICH MATERIAL WITH NATURAL STONE - 
Krabatsch T. * and Wellnitz J. *, †
*PRIVAT-INSTITUT für Technik und Design e.V. 
Marie-Curie-Straße 6, 85055 Ingolstadt, Germany 
e-mail: krabatsch@itd-in.de, web page: www.itd-in.de 
† Fachhochschule Ingolstadt 
University of Applied Sciences 
Esplanade 10, 85049 Ingolstadt, Germany 
e-mail: info@fh-ingolstadt.de, web page: www.fh-ingolstadt.de 
Key words: stone, metal, competitive price, construction, security, design 
Summary: CMA (Core Metal Alloy) is a new sandwich material combining the favorable 
properties of natural stone and metal. Using two widely available and low priced 
components, the laminate will reach a competitive price level. The fields of application 
include construction, security and design. 
1 INTRODUCTION 
 Light construction is the philosophy of gaining maximum reduction in weight.  Especially 
in times of raising ecological damage, R&D are on their way to find lighter constructions. On 
one hand the way leads through constructive weight optimisation, on the other hand through 
developing totally new materials. Variable sandwich- and laminate-structures combine 
different materials in order to create optimised material behaviour. In this regard availability 
and price of material play the major role and therefore realising some possibilities isn’t 
always that easy.  
 Strengthening plastics using carbon fibre herein surely was one of the most interesting 
ideas in former times. The developed combinations turned out to be suitable for usage and are 
certainly very good at their field of application. Also combinations with plastics and glass 
fibre are well known, and GLARE® was a further development in using aluminium.  
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Figure 2: Earth 
Figure 1: GLARE® application (courtesy Airbus) 
 Although GLARE® has proven the enormous potential of new materials it nevertheless 
turned out to implicate some serious problems.  
2 APPROACH 
 To consider availability and price being the major focus in developing a new material a 
new idea needs to be found.  
In the field of metallic materials a lot of realisable variants have been created and are still in 
use. Especially in modern Airplanes aluminium is often used as a light and stable metal in a 
lot of fields. The problem of difficulties in availability is negligible and one can count on the 
experiences in using aluminium as it creates reliable and save constructions. To minimize 
damage in cases of debris containment a combination with an impact resistant material is very 
interesting and surely opens interesting fields of application.  
 Again using availability and price as the keywords 
makes natural stone being a very interesting 
construction element. Our earth is a terrestrial planet, 
meaning that it is a rocky body, … It is the largest of 
the four solar terrestrial planets, both in terms of size 
and total mass.  
 The “Private Institute for Techniques and Design 
e.V” (ITD) and the “University of Applied Sciences 
Ingolstadt” in a while are therefore intensively working 
on developing a brand new composite. A thin foil of 
stone is brought to a metal carrier which is the source 
for creating a laminate of several coatings. The result is 
called “Core Metal Alloy” (CMA) and combines 
advantages of both of the different elements.  
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Figure 3: CMA
By changing the properties of the three constituents - metal, stone and the way of bonding 
the behaviour of the laminate can be adjusted to the user’s requirements. There is no need for 
temperature treatment on the material and no difficulties of machining. By using high 
temperature resistant adhesives it even could be used in hot environments  
(up to 500°C and higher). A density of 2,7 kg/dm³ with simultaneously very good bending 
behaviour and impact resistance, the CMA reaches different fields of the market. Even while 
applying for the protection of utility patent on the material and all the work on, it got set to a 
state secret which immediately leaded to a stop of further procedure.   
3 RESEARCH AND DEVELOPMENT 
 In the running development phase the ITD decided to cooperate with a competent partner 
in the fields of natural stone from Italy. The goal of this cooperation is to get a material that is 
a marketable product for series production in production lines.  
Especially the cases of debris containment in combination with very interesting camouflage 
effects show lots of application possibilities in aerospace. The composites visual appearance 
and deformation characteristics will also be interesting aspects in near future. Stone creates an 
atmosphere of luxury. Furthermore the different types, colours and treatments of the natural 
stone offer nearly unlimited design possibilities. 
Further fields of application in aviation include but are not restricted to: 
• Through the composition of the surface and by using adequate colour selections CMA 
has a great potential for an attractive, light and stable material. 
• Stone inlays, similar to those made of exotic woods used in car interior design, could 
provide interesting design options.  
• CMA provides an attractive appearance combined with superior abrasion 
characteristics and a stability which could substitute the entire floor substructure and 
thus help to reduce the aircraft’s weight. With a defined surface roughness the 
composite is a safe, non slippery and non flammable floor covering.  
• Fairings especially built for debris containment (e.g. cross engine debris), belly 
fairings, C ducts, cowling doors,…
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 The current research mainly is working on the optimisation by running several tests. 
Finding different values for Tensile strength, Young’s Modulus Bending- and impact 
behaviour are just a short overview of our work. Within a first phase the CMA 
in a combination of aluminium and granite could pas a B3 shelling test with completely 
stopping the projectile of a .357 Magnum.   
Figure 4: CMA with 4 Layers of stone after shelling with .357 Magnum 
 Beside very good laboratory work, the work on running numerical methods is continuously 
extending the market potential.  
Market studies show a high amount of a possible use and a great capability of this idea. 
Beside aviation, examples could be transport, automobile industry and engineering - just to 
mention some. Availability is not a problem any more and the interesting price of the stone 
gives CMA the attractiveness it needs to survive in its market.  
4 PRODUCTION  
 The production of preproduction models is laboratory work. Layers of an “AB” 
combination - consisting of metal and stone - are produced in different types depending on 
their needs. By bringing several layers together symmetrical and asymmetrical plates can be 
created and formed.   
Figure 5: schematic of CMA 
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 Figure 5 shows the first “ABA” Layer of a symmetrical “ABABA” assembly. The used 
material is a combination of Bianco Sardo and aluminium using an adhesive. Research work 
also is working on possibilities of bonding (Ceramic, Ultrasonic,…) and optimisation of serial 
production.  
5 EXPERIMENTAL AND NUMERICAL INVESTIGATIONS AND VALIDATION 
 For a better understanding of the materials behaviour several experimental and numerical 
testing is planed for within the projected research. One of the steps is the comparison of a 
mathematical model with laboratory work which is done in cooperation with the University of 
Applied Sciences in Ingolstadt. Within a three-point-bending test a probe gets bent while data 
of force and elongation are collected.  
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Figure 6: Force over elongation after a 3-Point-Bending test with a 5 Layer CMA using Kashmir Gold  
 Although stone is very brittle, the fact that it is used in thin foils and set between 
aluminium provides it with a very good bending behaviour. That even allows a certain 
amount of bending the stone, without loosing the function of the composite. 
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Fig. 3.2.2: 5 Layer CMA using Bianco Sardo after bending 
 By calculating a Young´s Modulus of the entire laminate a model can be built for  
FE methods to integrate the CMA in engineering construction methods.  
Fig. 3.2.3: FE simulation of a 5 Layer CMA 
 For supporting the theory several laminate theories have been applied to composite 
laminates. The classical laminate theory is an extension of the Love – Kirchhoff assumption 
for isotopic plates and can be applied if the laminate is thin because transverse shear stresses 
are not considered [7]. As the problem of shear stress can not be neglected, there is a need for 
a higher order shear deformation theory. In this case the third order theory of Reddy [1] will 
be used to describe the inner activities.  
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6 OUTLOOK 
 Next steps are to continue the evaluation of CMA. Therefore the ITD is intensively 
working together with the University of Applied Sciences in Ingolstadt which allows the use 
of very modern laboratories. The ITD has built up a slow speed impact testing system for 
penetrating materials with different projectiles like ice, stone, chips, etc.…
Fig. 4.1: impact testing system
Possibilities of the system are: 
•  maximum of projectile size 300x300 
•  projectile: ice 50 g, stone 10 g 
•  distance of acceleration 5 m 
•  work pressure 8 bar 
•  maximum of velocity  250 m/s 
Several tests on carbon material have already been made and shall be processed with 
CMA in the next future.  
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Summary. This paper presents results from tests carried out on the effect of magnetorheo-
logical elasotmer (MRE) material make-up, processing features and cure under the magnetic
field with respect to the volume of iron particles on shear properties. As core material of smart
sandwich structure, performance characterization of the smart function in terms of curing time,
air bubble effect and the volume of iron particles of MRE is explored. The purpose of this pa-
per is to find out storage shear modulus and loss factor of MRE specimens and to explore the
ideal volume fraction of iron particles, curing time under magnetic field and air bubble effect to
maximize shear modulus changes. Since shear properties of MRE changes dominantly in small
strain ranges, MRE is shown as being a core material of a sandwich beam which achieves
adjustable stiffness.
1 INTRODUCTION
Magnetorheological (MR) material consists of micron sized magnetically permeable parti-
cles suspended in a non-magnetic medium. The properties of such materials can be controlled
by magnetic field strength. Research in the field of MR material was started in the late the 1940s.
In recent years their potential capability has been increasingly recognised as a semi active con-
trol device for car suspensions, buildings and bridges. MR Elastomer (MRE) is composed of
natural or synthetic rubber and iron particles. MRE is a durable material while MR Fluid has
disadvantages of deposition, environmental contamination and sealing problems. MRE can be
operated in severe temperatures (-50◦C to 150◦C) with low voltage supplies. Their variable
properties enable its use vibration minimization of adaptive structures.
Jolly et al. [1] showed that the maximum percentage of change in modulus is being observed
in the vicinity of 1-2% strain. They calculated the percentage change in natural frequency of
a simple second order system in terms of the percentage change in the modulus of the control-
lable elastomer in response to an applied field. Davis [2] predicted the optimal particle volume
fraction for the largest fractional change of about 27% by numerical means and proved with
experiment. Lokander and Stenberg [3] tested the shear property of MRE by using two dif-
ferent types of iron particles in order to find out substantial effects of MRE. They showed that
MRE with large irregular particles have a large MR effect although the particles are not aligned
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within the material and that the rheological properties of the matrix material do not influence
the MR effect. Blom and Kari [4] showed that cyclic loading conditions with different strain
amplitudes manifest a dependence of the viscoelastic storage modulus with the maximum stiff-
ness change being up to 115% in the audible frequency range. Varga et al. [5] reported that
the most significant effect was found if the applied field is parallel to the particle alignment and
the mechanical stress. Stepanov et al. [6] investigated viscoelastic behaviour of highly elas-
tic magnetic elastomers by three different experimental techniques, namely elongation, static
and dynamic shears. They observed an increase in modulus of up to 100 fold at small 1-4%
deformations.
MRE has been used in applications where stiffness or resonance changes are needed. The
MRE tuned vibration absorber (TVA) device can modify a mechanical systems response to ex-
ternal disturbances through energizing an internal electromagnet so that unexpected vibrational
loads can be dissipated through activation of the MRE material via a closed loop control system
[7]. The MRE TVA system is fail-safe because the system will continue to manage the device
as a passive isolator in the event of an power system failure. Deng et al. [8] applied MREs to an
adaptive tuned vibration absorber (ATVA). They showed that the MRE TVA achieves a relative
frequency change is up to 147% with 60dB absorption of frequency response. Ginder et al. [9]
showed an MRE application for automotive bushing.
MRE can be adapted as a core material in sandwich beams. Yalcintas and Dai [10] anal-
ysed free vibration to observe the theoretically predicted vibration responses in real time and
vibration suppression capabilities of three layered MR adaptive sandwich beams. The vibration
amplitudes decreased by as much as 20 dB and the natural frequency shifts were as high as
30%. The ability to incorporate MRE materials in critical parts of a large sandwich structure,
with a potential to modify modulus, could permit better structural response in ships structure,
large offshore structures and buildings in earthquake prone areas.
In this paper, a number of different MRE compositions, achieved by blending varying pro-
portions of iron powder and elastomers, are manufactured. Shear properties of the MRE in
relation to the volume of iron particles, curing time and air bubble effect are studied experimen-
tally. The feasibility of incorporating these MRE materials into the core of a composite beam
structure are explored to incorporate MRE materials into a number of test beams with different
configurations to measure its response under different field and loading conditions both for the
MRE material samples and the composite beam structure.
2 THEORETICAL STUDY
For the equation of MRE elastomers [11], the overall magnetic energy density (energy per
unit volume) is expressed as follows
UMRE = Uhost + UM (1)
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Uhost is energy density of the host elastomer from the Ogden strain potential [2] as follows,
Uhost =
3∑
i=1
2μi
α2i
(λαi1 + λ
αi
2 + λ
αi
3 − 3) (2)
where λi is the principal extension ratio, μi and αi are fits to uniaxial stress-strain data. For in-
compressible materials the principal stretches are λ1λ2λ3 = 1. UM is the magnetically induced
energy density of elastomer as follows [11],
UM = μ0M(H) ·H (3)
where M(H) denotes the magnetization curve, μ0 denotes the magnetic permeability of the
vacuum and is equal to 4π × 10−7 H/m and H stands for the magnetic field strength. The
nominal stress of elastomer can be defined as follows,
σhost =
(
∂Uhost
∂λx
)
(4)
and the stress-strain relationship of an ideal polymer can be described by neo-Hookean stress-
strain relation
σhost = G(λx − λ−2x ). (5)
The total shear modulus of MRE (G) can be described as follows,
G = Ghost + G
E
M (6)
where Ghost is the shear modulus of host elastomer by the following alternative expression
Ghost =
1
3
lim
λx→1
(
∂2Uhost
∂λ2x
)
(7)
where GEM is the magnetically induced modulus which can be defined as follows,
GEM =
1
3
lim
λx→1
(
∂2UM
∂λ2x
)
. (8)
For iron particles, Rosensweig [12] introduced the interaction energy of these two point dipoles
as follows,
E12 =
1
4πμ0μ1
[
m1 ·m2
r3
− 3
r5
(m1 · r)(m2 · r)
]
(9)
where μ1 is the relative permeability of MRE and r is the distance between each particle. For a
dipole i, the dipole moment of each particle mi is given by [2]
mi =
4π
3
Ri
3
Jpez (10)
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where Ri is the radius of each particle, Jp is the average particle polarization and ez is a unit
vector in z direction. The total energy density is thus derived; then the stress induced by the
application of a magnetic field can be evaluated by taking the derivative of the inter-particle
energy density in terms of the shear strain. The preyield modulus G of the particle is as follows
[1],
G ∼= φJ
2
p
2μ1μ0h3
,  < 0.1 (11)
where h is defined as r0/d, which is the gap between particles in a chain, r0 is the distance
between the particles and d is diameter of each particle. It can be seen that h is determined
by volume of iron particles and also curing time under the magnetic fields. When the iron
particles are aligned and locked into the nonmagnetic medium during the cross-linking period,
the distance between the particles become smaller in terms of curing time.
3 MATERIAL SPECIFICATIONS AND TEST PROCEDURE
The specimens are made using room temperature vulcanizing (RTV) silicone (Elastosil M4644,
Wacker Co.) including catalyst, and 3-5 micron sized iron powder particles (CIP CC, BASF).
The volume fraction of each specimen is measured by the weight of the materials. Iron powders
are mixed for 10 minutes to achieve even dispersion. Air bubbles are pulled out in a vacuum
chamber in order to increase the stability of the material. After pouring the mixture into alu-
minum moulds, the curing process is conducted between two permanent magnetic poles in order
to get different properties at different curing times.
(a)
N
S
MRE
Aluminum
Plate
F
Magnetic
Field
(b)
Figure 1: (a) Electrodyanmic test setup with electromagnet (b) Mechanism
In order to measure shear properties of MREs under small shear strain ranges, an electro-
dynamic test instrument (Instron E1000) is used as shown in Fig. 1a. The test specimen is
fitted within a closed-loop electromagnet which is connected with a current supply and which
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produces up to 0.32T of magnetic field strength. When a sinusoidal oscillating displacement is
applied, the magnetic field strength travels from one pole to the other as shown in Fig. 1b. Then
the load cell measures transferred force from the specimen. The shear modulus (G′) can be cal-
culated by the amplitude of sinusoidal displacement (ΔL) and transferred load (ΔF ) while the
loss factor (tanδ) is measured by the phase difference between dynamic loads and displacement
curves as follows [13],
G′ =
ΔF
ΔL
h
4ab
(12)
where a, b and h are length, thickness and width of specimen respectively. Four specimens in
terms of different curing time (i.e. 1hr, 2hr, 4hr and 24hr) under the magnetic field with different
volume of iron particles are prepared. In order to find out effect of shear strain, tests are carried
out with different shear strain ranges from 0.3% to 10%.
4 TEST RESULTS AND DISCUSSIONS
(a) (b)
Figure 2: SEM images of MRE (a) with air bubbles and (b) no air bubbles cured under without
magnetic field. The width of the each image is 80 μm.
Fig. 2 shows the SEM images of the MRE with iron particles which are evenly distributed
in both specimens. Fig. 2a shows the existence of air bubbles in the silicone medium when
cured without deploying vacuum while Fig. 2b shows the effect when the silicone medium
is subjected to a vacuum in order to draw out the air. It is noticeable that the latter results in
virtually no air bubbles being present.
Fig. 3 shows the shear modulus change in terms of curing time under a magnetic field. In the
case of 24hr cured MRE is higher than that of other specimens as shown in Fig. 3a. The results
also show that most of shear modulus change are in proportion to curing time. This implies that
the average polarization of iron particles (Jp) increases as curing time increases as described
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in Eq. 11. This indicates that the curing time under the magnetic field in terms of the volume
of iron particles may affect MRE performance. The trend in shear property changes in terms
of curing time is linear. Fig. 3b. shows the relative shear property changes. The highest shear
property change is up to 57% for 20 vol% of MRE.
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Figure 3: Shear modulus change of MRE in terms of curing time under magnetic field (a)
absolute change, (b) relative change. This data corresponds to the 0.3% strain at 10Hz and
0.32T
The shear modulus change in terms of different volume percent of iron particles (i.e. 20,
25, 30, 35 and 40vol%) is shown in Fig. 4. The result indicates the absolute shear modulus
change with 30 vol% MRE is about 1.8 MPa as shown in Fig. 4a this is higher than that of any
other volume fraction of iron particles. The relative shear modulus change with 27 vol% MRE
is about 55% as shown in Fig. 4b., which is similar to the value of Davis [2].
Fig. 5 shows the shear modulus change considering the effect of air bubbles. The MRE
specimens contain air bubbles when the material is cured without vacuum degassing. The shear
modulus change with 30 vol% MRE with air bubbles is about 49% at 50 Hz while that of the
MRE specimens without air bubbles is about 40%. This indicates that air bubbles allows iron
particles to have more dipole moment (mi) as shown in Eq.10.
Fig. 6 shows that the shear modulus change is likely to be high as the applied strain becomes
small. It is worth noting that the change in loss factor is also dependent on the strain ranges.
The yielding is significant by a pronounced drop off in the rheological effect (Fig. 6a) and
an increase in field dependent energy dissipation (tanδ) (Fig. 6b). The loss modulus shows a
maximum value in the region about 10% strain where the storage modulus decreases. Since
shear properties of MRE change dominantly in small strain ranges, MRE is shown as being a
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Figure 4: Shear modulus change in terms of volume change (a) absolute change, (b) relative
change. This data corresponds to the 0.3% strain at 1Hz and 0.32T
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core material in sandwich beam to achieve adjustable stiffness. This leads to the conclusion that
an MRE core can be made adaptive to design a sandwich configured tunable noise and vibration
isolation for applications.
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Figure 6: Property changes in terms of different strain ranges (a) shear modulus (b) loss factor.
This data corresponds to the 24hr cured MRE at 30Hz
5 CONCLUSIONS
This article has reported the shear property tests on the effect of MRE materials. The perfor-
mance characterization of the smart function in terms of curing time, air bubble effect and the
volume of iron particles of MRE is explored. From these tests, we conclude the following.
The relative shear modulus change with 27 vol% MRE, which is optimum volume fraction
of iron particles, is about 55%. The results also show that most of shear modulus change are in
proportion to curing time. The shear modulus change of MRE with air bubbles is bigger than
that of the MRE specimens without air bubbles. The change in storage shear modulus and loss
factor are also dependent on the strain ranges and the yielding is significant by a pronounced
drop off in the rheological effect. This implies that an MRE core can be made adaptive to design
a sandwich configured tunable noise and vibration isolation system.
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Summary. Core with a high load bearing capacity can be advantageous in improving overall 
performance of a sandwich panel. For PCM (Periodic Cellular Metal) cores in a shape of 
octet, pyramid, or Kagome truss, the high load capacity could be achieved by increasing 
relative density of the core. Namely, short and thick truss struts composing the truss PCMs 
gives the high load capacity. But the limit inherent in the topology or fabrication process of 
truss cores has been an obstacle to designing a high strength sandwich panel with the single-
layered truss PCM cores. In this work, a truss PCM core with new topology which could be 
considered as a variation of conventional pyramidal truss is introduced. With the new type of 
core structure, it is possible to increase relative density of core more easily and consequently 
to achieve the high load capacity of the core without any limits. Analytic solutions for its 
normal and shear strength are derived and compared with those for pyramidal core. Results 
of experiments are presented to show the structural performance of the new core structure 
under out-of-plane compression and in-plane shear loading. The design flexibility of 
sandwich panels with this new core is demonstrated and its potential applications are 
discussed.
1. INTRODUCTION 
Various types of truss PCMs (Periodic Cellular Metals) have been introduced, since a 
sandwich panel having them as a core was proved as good as that with a honeycomb core [1]. 
The examples are pyramidal [2,3], octet [4], Kagome truss [5] as shown in Fig. 1. And these 
truss cores are fabricated by various methods such as investment casting [4], stacking-up of 
wire meshes [6], bending of expanded metal [3,7,8], and weaving of wires [9,10].
Figure 1 : Sandwich panels with truss PCM cores; (a) Pyramid, (b) Octet, and (c) Kagome truss 
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Figure 2 : Pyramidal core fabricated by expanding and bending [3]
Figure 3 : Pyramidal truss core fabricated by weaving and bending of wires
General criteria for marketability of any type of sandwich cores are the morphology, 
fabrication cost and raw materials. The criterion of morphology is that the core should consist 
of one of the three truss PCMs for the highest strength. To reduce manufacturing cost, simple, 
continuous and well-developed processes are required. Conventional well-established metal 
forming processes such as press working and expanding seem promising. But the strength and 
manufacturing cost strongly depend on the third criterion, that is, raw materials. Wrought and 
high strength alloys are desirable.  
For a single-layered truss core, a fabrication process based on the expanded metal process 
(Fig. 2) would be attractive in terms of fabrication cost and raw material. With this process, 
pattern cutting and expanding into a diamond mesh are simultaneously carried out in a single 
stroke of press working without any material loss and then the mesh is bent into a triangular 
wave pattern to form a pyramidal truss core [3]. 
However, for a high strength and/or thick 
metal sheet, it may be not easy to obtain 
geometrically precise and good quality truss 
cores.
As the alternative, idea of using wires as a raw 
material has been suggested. For example, 
wires are woven into a plain metal mesh and 
bent into a pyramidal truss shape (Fig. 3) [2].  
Or wires are bent into a triangular wave 
pattern and assembled into an octet truss shape Fig. 4 : Octet truss fabricated of wiresG
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(Fig. 4) [9]. Wires as raw materials seem very attractive, because high strength, good quality 
wires such as a piano wire can be made at low cost. However, if one tries to fabricate one of 
the above truss PCMs by using thick wires for the higher strength, the interference among 
wires would be a technical challenge, which may cause the deflections of struts composing 
the truss structure [10]. G
For truss PCM (Periodic Cellular Metal) cores, the high load capacity could be achieved by 
increasing relative density of the core. Namely, short and thick truss struts composing the 
truss PCMs give the high load capacity. But, the limit inherent in the topology or previous 
fabrication process of truss cores has been an obstacle to designing a high strength sandwich 
panel with a single-layered truss PCM cores. 
In this work, a new topology for a truss PCM, which is named ‘zigzag truss’, is introduced. 
This truss PCM is fabricated by simply bending wires and has no interference among wires 
and the least limit in designing strength of a sandwich panel. The latter means that this truss 
core has high flexibility in designing its relative density. In the followings, the basic idea and 
the topology are described in details, first. Analytic solutions for its normal and shear strength 
are derived and compared with those for 
pyramidal core. Results of experiments and 
finite element analysis are presented to show 
the structural performance of the new core 
structure under out-of-plane compression and 
in-plane shear loading. The design flexibility 
of sandwich panels with this new core is 
demonstrated through finite element analysis 
and its potential applications are discussed. 
2. ZIGZAG TRUSS 
Zigzag truss can be considered as a 
variation of the pyramidal truss. Fig. 5(a) 
illustrates a typical pyramidal truss and Figs. 
5(b) and 5(c) show two different evolutions 
from the pyramidal truss to the zigzag truss in 
their top views. When employed as a core of a 
sandwich panel, the vertices of the pyramidal 
truss not only connect the struts, but also join 
with solid face sheets. As long as the joining 
with the face sheets are maintained and the 
face sheets are undeformed, all either ends of 
the four struts composing each unit truss are 
not necessary to join only at a single point, i.e., 
the vertex. Instead, the joining point can be 
separated into two parts. The middle of Fig. 
5(b) shows an example. The vertices joining 
Figure 5 : (a) Pyramidal truss cored sandwich,   (b) 
Evolution to zigzag core (intermediate), and
(c) Evolution to zigzag core (final)
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with the top face sheet, which 
are marked by blind circles, are 
separated and consequently the 
single row of trusses shown in 
the left of Fig. 5(b) are 
separated into two parts, while 
they keep being connected with 
the face sheet. It is expected that 
there is any deterioration in the 
strength due to the separation under compression or shear loading. In order to reduce the area 
occupied by the truss core, one of the two rows may reverse its orientation, as shown at the 
right of Fig. 5(b), simply by turning-over or shifting. The biggest benefits of this new 
topology are that each row can be fabricated by bending wires into a triangular wave pattern 
and that there is no interference among wires. However, if assembling with face sheets is 
considered, the new topology has a shortcoming. Namely, the wires in a triangular wave 
pattern cannot hold themselves between two face sheets, and they must be supported by some 
extra structures until joining with the face sheets is completed.  
Figure 6 : Transformation of zigzag core to pyramidal core
As the alternative, the ‘zigzag truss’ was invented [11]. Fig. 5(c) illustrates its evolution. 
The single row of trusses shown in the left of Fig. 5(c) is separated into two parts in a way 
different from Fig. 5(b). See the middle of Fig. 5(c). And then one of the two rows reverses its 
orientation, as shown at the right of Fig. 5(c). Each row can be simply fabricated by two-way 
bending. In addition to the benefits of the other topology shown in Fig. 5(b), this topology has 
one more benefit in its assembling process. Namely, the wires formed in this topology can 
stand by themselves, without any extra structures, even before joining with the face sheets is 
completed. Fig. 6 shows the similarity and difference between the two unit trusses, i.e., 
pyramidal and zigzag trusses. If a half of the zigzag truss is translated into the other half so 
that the two vertices meet, as shown in Fig. 6(a), it becomes the pyramidal truss. Fig. 7(a) 
illustrates the configurations of a sandwich panel with a zigzag truss core. To highlight the 
core, the top face sheet is uncovered. Fig. 7(b) shows its top and front views. 
To control the relative density of the zigzag truss core, the gap between zigzag-formed 
wires, eL, can be adjusted, as shown in Fig. 5(c). Fig. 8 illustrates the examples with three 
different gaps. 
Figure 7 : (a) Zigzag truss core, (b) its projection chart
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Figure 8 : Zigzag truss cores with different gaps
3.  Analytic Solutions
To estimate the mechanical properties of 
a sandwich panel with a zigzag truss core, 
the analytical solution based on elementary 
mechanics of material are derived as follows. 
The basic unit of a zigzag truss core is a 
wire formed into two triangles with the 
vertex angle of 90  (Fig. 9). Next to a 
zigzag unit truss, a pyramidal truss unit is 
shown. The length and diameter of each 
strut are  and , respectively. The angle of 
a strut with the base plane is constant as .
With the assumption that struts composing a 
zigzag truss are joined each other with ball-
jointed ends so as to transmit axial forces 
only, the load capacity is estimated. In Fig. 9, 
the compressive force, Q , and the force transmitted by a strut, , are related by Eq.(1).
q
45
L d
q
F
Figure 9 : Applied compression and shear load  and
reaction forces occurring in struts composing 
a zigzag truss 
q 
    
45sin4
4321
FQ
FFFFF
                                                    (1)
The other assumption is that zigzag truss fails only by elastic or plastic buckling of the struts, 
but never by tensile yielding or brittle fracture. A slender member such as a strut buckles 
plastically under compression as soon as the strut starts to yield, if the material has a distinct 
yield point on its stress-strain curve. The critical forces causing plastic and elastic buckling of 
a strut, and  are given byplasticcrF  elasticcrF 
4
2
0
dF plasticcr
SV    and 2
43
2 64 L
dE
L
EIF elasticcr
SS                                  (2)
Here 0V , E  and I are the yield stress, Young’s modulus of the material, and the moment of 
inertia of the strut cross-section, respectively. From Eq. (1), the maximum compressive load 
which causes elastic or plastic buckling of the struts is
maxQ = crF22 .                                                           (3) 
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Under shear loads at the vertices acting parallel to the base plane, as shown in Fig. (9), the 
similar relations can be derived. The forces transmitted by struts are  
TT sin
2
cos
21
SSF  ,
TT sin
2
cos
22
SSF  ,
TT sin
2
cos
23
SSF  ,
TT sin
2
cos
24
SSF  .                                                (4) 
According to Eq. (4), the maximum shear load, , which causes elastic or plastic buckling 
of the struts depends on the direction scaled by an angle 
maxS
T  as follows: 
¸
¹
·¨
©
§

 
TTTTTTTT
T
cossin
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cossin-
2- ,
cossin
2- ,
cossin
2- of minimum positive)(max crcrcrcr
FFFFS .   (5) 
Fig.(10) shows variation of withmaxS T . For example, in the case of ,0q T , where all 
four struts transmit the same absolute value of force, and  
q90
crFS 2max  .   In the case of q 45T ,
where only two struts withstand the shear load, and crFS 2max  . All the above equations are 
valid as long as there is no relative displacement between the two vertices on the top (and the 
other two on the bottom). Therefore, those equations are valid for a pyramidal truss.
Figure 10 : Variation of maximum shear load as 
a function of the loading direction 
Maximum stress of a zigzag truss is obtained by 
dividing the maximum load by the area of the base 
plane which is supported by the truss. For the unit 
truss shown in Fig.(7), the area is A= . Hence, 
from Eq. (3), the maximum compressive stresses of 
a zigzag truss are expressed by  
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Maximum shear stress can be derived similarly. For 
example, in the case of q 0T  and ,q90
2
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(7a)                        
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Also, relative density of a zigzag truss depends on the gap between zigzag-formed wires, 
eL, as follows:  
relU =
2
3
2
 245sin2
4/4
¸
¹
·¨
©
§ q L
d
eL
d SS                                             (8) 
Meanwhile, for a pyramidal truss, all the above equations about the maximum stress and 
the relative density are still valid with e = 0.5. 
4.  EXPERIMENTS AND THE RESULTS 
4.1. Tensile Tests 
Wires used in fabricating the zigzag truss core specimens are of low-carbon steel, JIS SS41. 
The diameter was d=1.2mm. Tensile tests were performed to obtain material properties of the 
wires at two states, namely, as-received and annealed during brazing with face sheets. Fig.11 
shows the measured stress-strain curves. While Young’s modulus was unchanged as about 
E=200 GPa before and after the brazing, the yield stress was decreased from Vo= 340 MPa to 
175 MPa. Because the proportional limits for these wires were distinct, they were taken as the 
yield stresses, which were believed to 
give the more accurate estimation of the 
maximum stresses due to plastic buckling 
than a typical 0.2% offset yield stress. 
Not only the tensile tests but also 
compression and shear tests were 
performed with an electro-hydraulic 
material test system INSTRON 880.
Figure 11 : Tensile stress-strain curves of the SS41 wires 
as-recieved and anneled during brazing 
4.2. Specimen Preparation 
First, wires were pressed by to form 
into a triangular wave shape, and turned 
 about their longitudinal direction so 
as to lie on a plane. And then, the wires 
were pressed again by another pair of V-
grooved jigs which has a half of wave 
length. See Fig.12 for configurations of 
the two directional bending process 
q90
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Figure 12 : Forming process of zigzag trusses  and a final configuration 
and a wire formed through the 
process.
Finally, the formed wires were 
parallel arranged with a specific gap 
between wires on a lower face sheet 
of the same low carbon steel, and 
assembled with an upper face sheet, 
and put into an electric furnace. 
Brazing was performed at 1120oC
with pure cupper paste (CTK-C699, 
CHEM-TECH Korea Co.). A finished 
specimen has the configuration 
shown in Fig.7. The length of struts 
composing the zigzag trusses was 
L=20 mm. Specimens with cores of 
two different relative densities were 
fabricated by adjusting the gap to e=1
and 0.5, which result in their relative 
densities of ,008.01  relzigzagU and
016.02  relzigzagU , respectively.  
Figure 13 : Compression tests results compared with 
analytic estimations 
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The specimens igzag-1’ and ‘Zigzag-2’, 
re performed with the sandwich 
were named ‘Z
respectively. The specimens were named ‘Zigzag-1’ and 
‘Zigzag-2’, respectively. For purpose of comparison, 
specimens with pyramidal truss cores which were 
composed of struts of the same length as that of zigzag 
truss cores were fabricated in a similar way. The specimens 
were named ‘Pyramidal’. Table 1 lists external dimensions 
of the specimens used in the tests, and number of unit 
trusses contained in each specimen. 
.3. Compression Tests 4
Compressive tests we
panel specimens with the zigzag truss and pyramidal truss 
cores. Each specimen’s core had three rows with four unit 
trusses in a row. The load and displacement data measured 
via a digital data acquisition system were divided the area 
supported by the truss core and the core height, respectively, 
to give the stress and strain plots. The results are illustrated 
in Fig. 13. In the figure the maximum compressive stresses 
estimated by Eq. 6(a) are presented together. The specimen 
‘Zigzag-1’ gave the lower maximum stress about maxV =0.6
MPa than two others, while Eq. 6(a) gave somewhat over-
estimation, maxV =0.7 MPa. Eq. 6(b) corresponding to elastic 
buckling gave much higher estimations, which were 
discarded. The specimens ‘Zigzag-2’ and ‘Pyramidal’ gave 
the higher maximum stresses, maxV =1.26 and 1.28 MPa, 
while Eq. 6(a) gave somewhat over-estimation, maxV =1.4 
MPa. If the fact that the specimens were manually but not 
precisely prepared is cons ed, the test results of the 
maximum stress are regarded to agree fairly well with those 
estimated based on ideal truss topologies. Virtually no 
difference in the compressive strength was observed 
between zigzag-truss-cored and pyramidal-truss-cored 
specimens. 
4.4. Shear Tests 
ider
ere performed with the longer sandwich Shear tests w
panel specimens. Each specimen’s core had three rows with 
11 unit trusses in a row. According to ASTM standard-
C273 test method, each specimen was attached to a pair of 
two thick plates and the specimen was loaded in 
compression along the diagonal. Fig. 14 shows a picture of 
Figure 14 : Shear test specimen 
installed on grips 
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the specimen and grip assembly.  
The test results are illustrated in Fig. 15. In 
the figure the maximum shear stresses 
estimated by Eq. 7(a) are presented together. 
The specimen ‘Zigzag-1’ gave the lower 
maximum stress about maxV =0.47 MPa than 
two others, while Eq. 7(a) gave a little over-
estimation, maxV =0.49 MPa. The specimens 
‘Zigzag-2’ and ‘Pyramidal’ gave the higher 
maximum stresses, maxV =1.11 and 1.08 MPa, 
while Eq. 7(a) gave a little under-
estimation, maxV =0.99 MPa. These test 
results of the maximum shear stress are 
regarded to e fairly well with those 
estimated based on ideal truss topologies. 
Again, virtually no difference in the shear 
strength was observed between zigzag-truss-
cored and pyramidal-truss-cored specimens
maximum stresses for the three designs of specimens and the two loading are listed with the 
relative errors. Table 2 summerizes the maximum stresses measured  by the tests and
estimated by the analytic solutions with errors. 
 agre
. In Table 1, the measured and estimated 
Compression  Shear 
Figure 14 : Shear tests results compared with 
analytic estimations 
Size (m of trusses Size  (mm)m) No .WuLuH WuLuH No .of trusses
Pyramidal 80u 0 166 u 4u 3=12 60u 220u 16 3u 11=33 
e=1 80u 60 16u 2u 3=6 60u 200u 16 3 5=15 u
Zigzag
e=0.5 80u 60 16u 2u 6=12 60u 220u 16 6u .5=335  
Table 1. External dimensions of the specimens used in compression and shear tests, and number of unit trusses 
Maximum compressive stress Maximum shear stress  
contained in each specimen. 
(MPa) (MPa) Relative 
test estim error(%) test esti error(%)
density 
ation mation 
Pyramidal 0.016 1.28 1.4 -9.4 1.08 0.99 +8.3 
e=1 0.008 0.6 0.7 -16.7 0.47 0.49 - 4.3 
Zigzag
e=0.5 0.016 1.26 1.4 -10.0 1.11 0.99 +12.1 
Table 2 : arison o k stre from tests with estim Comp f pea sses ated stresses
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5. CONCLUDIN
le-layered truss core is that it is easily fabricated by simply 
G REMARKS 
The biggest benefit of a sing
bending an expanded or plain woven metal mesh. For heavy load applications, the height of 
core is needed to get increased. In a consequence, however, if the sandwich panel is subjected 
to a bending load, the face sheet is vulnerable to buckling because the higher core inevitably 
leads to the larger truss step between connection points with the face sheets regardless of 
strength of the core. See Figs. 16(a) and 16(b) for side views of sandwich panels with two 
different truss cores. Contrarily, Zigzag truss cores shown in Fig. 16(c) can prevent the face 
sheets from buckling, which means more flexibility in the strength design. For example, if a 
lighter core for a given height is needed without any increase in risk of face sheet buckling, 
the thinner wire formed zigzag truss core can be used with the gap between the trusses 
unchanged. If a face sheet is at risk of indentation due to sharp foreign objects, thick wires can 
be used as the raw material and the gap between the zigzag trusses can be tightened without 
any interference among wires.  In the near future, the bending performance which determines 
whether a new technology of sandwich panel survives or not will be explored and optimal 
design will be studied to prove the flexibility in design and the usefulness.  
In summary, the new topology for a truss PCM which is named ‘zigzag truss’ has been 
described and its mechanical performances under compression and shear loading have been 
explored by analytic solutions and experiments. As the results, the zigzag truss has been 
proved to have equivalent strength to a pyramidal truss core for a given relative density under 
both loadings.
Fig. 15 : Zigzag truss cores with different gaps and different core heights
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THE POLYPROPYLENE HONEYCOMB CORE FOR  STRUCTURAL 
SANDWICH PANELS 
R. Filippi* - Marketing &  Development Manager– 
*nidaplast£ rue R.V. Couturier F-59224 Thiant
Keywords: Structural sandwich panels, polypropylene honeycombs, bending calculation, 
working up 
Summary: nidaplast£, inventor and specialist of  extruded polypropylene  honeycombs for 20 
years, continue to innovate in opening the structural sandwich panel technology to industries 
other than the traditional ones: aeronautic and yachting.  
With some various examples in the building area, transport industry, yachting and industrials 
goods,
the lecture presents all the expectancies of the customer and all the various solutions brought. 
nidaplast£ do not only sell a product but brings a global solution, from: 
*  the simple argument which presents the multifunctionality of sandwich panels with 
polypropylene honeycombs. It widely opens the application fields. 
* to exact advice on possibilities but also limitations for the use of such products still new to 
these industries. 
 *to the development of  modern working up techniques such as infusion for thermoset resins 
and thermowelding in the case of thermoplastics.
* including some help for predimensioning, a prerequisite to the utilisation of a structural 
sandwich panel . 
Economical and very light, these structural honeycombs with hexagonal cells have a 
thickness from 5 to 150 mm. They have very good mechanical and  physical properties. They 
are thermal and acoustic insulators. Recyclable, they are chemically inert and 
environamentally friendly.
Their use implies a low consumption in energy, whether during  processing or when being 
used. The lightness of the achieved sandwich panels restricts the gas consumption. They come 
within the scope of the sustainable growth approach followed by nidaplast£ for a few years 
and materialized by the ISO 14001 certification 
1 GENERALITIES ON SANDWICH PANELS 
When nidaplast£ invented the polypropylene honeycombs to be used as a core for 
structural sandwich panels, only aeronautics and yachting, were using this technique for the 
lightness / resistance couple it brings  
Due to the high level of price of existing cores and the need for structured engineering 
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offices, this technique remained only in hi-tech industries where weight saving was a 
necessity
Using an economical and industrial method, extrusion, combined with a common 
thermoplastic resin, polypropylene. nidaplast£widens the use of structural sandwich panels to 
a lot of industries. Polypropylene honeycombs provide sandwich panel with complementary 
functions along with a cost effective solution.
The principle of sandwich panel has been known and used for many years. To give rigidity 
to an element the easiest way is to increase its thickness, which is why the sandwich panel is 
made from a light and shear resistant core separating two heavy and resistant skins. This 
technique allows to optimize the components of the panels, skins give surface aspect and 
resistance, core brings shear resistance, lightness … 
The above picture (1) shows the same sandwich panels with 2 kinds of core: 
a) the shear breaking of a polyurethane foam (not structural), without break of the rigid 
facings.
b) the breaking of the rigid facings, without break of the nidaplast£ core. The load applied 
in this case is twice as high as with the polyurethane foam. 
This picture is very useful to understand the concept of structural sandwich panel. The 
structural core has to transmit the shear stress between the 2 rigid facings. 
2 POLYPROPYLENE HONEYCOMBS CORE, NIDAPLAST  
2.1 Presentation 
nidaplast£core is composed of: 
1) a polypropylene honeycombs core, dimensions 8 and 20 mm 
2) on both sides 2 polyester non woven plies intended for a good adhesion with the 
Picture 1: kind of break of a sandwich panel 
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facings of the sandwich panel 
3) a polypropylene film to allow the adhesion by thermowelding and to avoid resin 
penetrating the cells in the case of lamination: 
Dimensions 
 Length  : 2500 mm 
 Width :  1200 mm 
 Thickness from 5 to 90 mm 
2.2 Mechanical characteristics 
 Apparent volumic mass  :   40 to 110 kg/m3 
 compression strength:   0,3 to 2,5 MPa 
shear strength    0,3 to 0,6 MPa 
 perpendicular strength  0,2 to 0,7 MPa 
2.3 Other characteristics 
Thermal resistance 
  20 mm thick : R = 0,3 m².°C/W (i.e Ȝ = 0,067 W/(m.°C)) 
  90 mm  thick  R = 0,6 m².°C/W (i.e Ȝ = 0,14 W/(m.°C)) 
Fire properties: flammable product. M1/F0 Possibility for the complete sandwich sandwich 
panel, depending on the panel facings. 
Chemical properties: Excellent resistance to most acid and base. Humidity take off (< 0,2 %) 
3 THE STRUCTURAL SANDWICH PANEL ISSUE 
The basic solution of an element usually is a monolithic skin which gives esthetical aspect, 
and surface resistance, reinforced underneath by a load bearing structure which resists to the 
loads transmitted to the element. 
Picture 2: nidaplast®8 panel Picture 3: nidaplast
®8 description
Non woven 
Plastic film
Polypropylene honeycombs 
 (8 mm cells) 
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The first approach of our customers is to change the monolithic skin by a sandwich panel 
without changing the load bearing structure which is already calculated and optimized. They 
only want to change the monolithic skin by an equivalent sandwich panel 
This solution which seems simple is not efficient and not cost effective because not 
optimized. It is the object of the following draft 
3.1 Principle of a sandwich panel principle 
The objective of a structural sandwich panel is to give rigidity at the same time as lightness 
Exposed to a bending load, the stresses in a sandwich panel are distributed as shown in the 
following diagram: 
Compression in the upper facing/Traction in the lower facing/Shear in the core 
3.2 Rigidity of the sandwich panel 
Rigidity is characterized by the possibility of being distorted by a load. It is different from 
the resistance which measures breakability. 
For a monolithic panel, the deflection is calculated through the following formula:  
(1) Y= K*P*L3/D   with  Kg = constant 
bad solution 
NO
Diagram 1: strains distribution in a 
sandwich panel 
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         P = load, L = span 
(2) D = EI, rigidity  with  E Young modulus; I Inertia 
Applied to a structural sandwich panel this formula becomes  
(3) Y = Y1 + Y2                Y = total deflection 
with (3a) Y1 = Kg*P*L3/D Y1 deflection due to the skins
and (3b) Y2 = Ks*P*L/b(c+f)Gc Y2 deflection due to the shear of core
             with b = width of panel ; c = thickness of core  ;  f = thickness of facings 
and (5) D = « E » I with (5a) « E » = Ef*(1-c3/h3)   Ef = facings E modulus  
The total deflection of the sandwich panel appears in 2 distortion types: Y1 due to skins 
deflection, Y2 bound to the shear of the core. As these 2 types do not evolve on the same way 
according to span length it is impossible to define a rigidity independent of the span length. It 
is therefore difficult to estimate a sandwich panel 
3.3 Influence of the span length 
As the rigidity depends on the span length it is necessary to make different calculations to 
optimize the bearing structure according to the deflection of the sandwich panel. 
For a 1/200 deflection, for 2 different thicknesses of nidaplast£8 core 20 and 40 mm, and 
same 2 mm GRP E = 10 000 Mpa skins, the diagram  below shows 2 curves: 
x in comparison to monolithic panel it is possible to define an apparent (or 
real) rigidity Da= Kg*P*L3/(Y1+Y2). It grows with the span length because 
the shear deflection decreases. In this diagram this apparent rigidity tends to 
an asymptote. 
x this asymptote can be called the intrinsic rigidity, when the span tends 
towards infinity and the shear deflection zero. 
Diagram 2: apparent and intrinsic rigidity / span length 
0
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Because of this it is important to note that bending tests carried out in a laboratory with 
small samples cannot be directly used to determine the apparent rigidity, it needs to be 
interpreted through a calculation. 
The diagram above shows that it is only for a span length above 50 times the core 
thickness that the shear deflection becomes low enough. For a short span length, the core is 
proportionally too strained in shear but perhaps also in compression. 
3.4 Lightness 
After rigidity, weight is the second parameter to use a structural sandwich panel. The table 
underneath shows the intrinsic rigidity compared to the weight for a sandwich panel made 
with a nidaplast£ 8 core and 2 GRP skins E = 10 000 Mpa. 
The rigidity / weight ratio increases drastically from 20 to 540 when the core thickness 
increases from 10 to 80 mm.
3.5 Strains in a sandwich panel 
nidaplast£  mm Intrinsic rigidity daN.m² Weight daN Ratio Rigidity/weight 
10 145 6.8 21 
20 485 7.6 64 
40 1765 9.2 192 
80 6705 12 540 
Table 1 lightness /rigidity 
Diagram 3 ratio rigidity / thickness 
0
100
200
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400
500
600
0 20 40 60 80 100
nidaplast 8 thickness mm
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nidaplast (mm) Shear strain (MPa) Strains skins (MPa) Deflection (mm)
5 0,07 17,9 46 
10 0,04 10,4 17 
20 0,02 5,7 6 
40 0,01 3 1,9 
Table 2 nidaplast with 2 GRP skins E = 10 000 Mpa span 1 m central load 100 daN 
Increasing the thickness decreases all the strains in the core but also in the skins 
3.6 First conclusion 
Rigidity, weight and level of strains in a structural sandwich panel plead for thick 
sandwich panel. The substitution of a monolithic solution has to be optimized and done 
globally.
The sandwich panel and the load bearing structure are calculated together. The load 
bearing structure is moved apart and the thickness of the sandwich panel increase. 
Other properties, more specific to the use of the panel depends more or less on the skins or 
the core ore the couple. We can quote: 
  Compression where the core is predominant 
  Puncturing, abrasion or hardness where the skins have a great influence 
  Shock where skin and core play the same role 
The above properties only deal with the mechanical aspect of the element. Other 
characteristics are important for the realisation of a piece: thermal or acoustic insulation water 
resistance or recyclability. These characteristics are often separately dealt with. Thermal or 
acoustic insulation are brought later with specific products 
Another advantage of the structural sandwich panel is that it is intrinsically 
multifunctional, without adding complementary products. 
Good solution
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4 MULTIFUNCTIONALITY OF THE STRUCTURAL SANDWICH PANEL MADE 
WITH NIDAPLAST 8 CORE 
4.1 Thermal insulation 
A light core between 2 skins gives thermal insulation like quiet air. The table underneath 
gives the values of 4 panels, 2 monolithic ones and 2 sandwiches, one only for insulation such 
as EPS and a structural one like nidaplast£ 8: 
Thermal resistance R in m²°C/ W for 20 mm thick 
panel
EPS nidaplast£ Wood GRP 
0.5 0.3 0.1 0.01 
   
Contrarily to a monolithic panel, a structural panel with nidaplast£ provides thermal 
insulation and avoids risks of condensation. 
4.2 Noise insulation 
A viscoelastic core like nidaplast£ will absorb many more vibrations compared to a rigid 
and monolithic panel. 
Diagram 4: vibrations level on the bulkheads for a motor boat in relation to the engine 
speed rotation 
The diagram above shows the vibration level measured between a nidaplast£ 8 panel and 
a wooden based panel. Even with the viscoelastic damping sheet glued on the wooden based 
Table 3: thermal resistance 
0
0,2
0,4
0,6
0,8
1
1,2
1,4
RM S
1900 2100 2300
Rotation speed
(rpm)Sandw ich panel containing 25mm of nidaplast
Sandw ich panel w ith a 25mm w ooden-based core
Sandw ich panel w ith a 25mm w ooden-based core
and a  900 g/m² viscoelastic damping sheet
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panel, the values with nidaplast£ are better.
4.3 Miscellaneous 
Thanks to its composition polypropylene and PET, the nidaplast core is very stable to 
water and most chemical agents as acid and base. It is also easily recyclable 
5 WORKING UP 
Moving from a traditional and monolithic solution to a sandwich panel goes through 
working up. In spite of being very innovative ,the  nidaplast solution allows traditional 
working up. 
Ź  thermoset glass reinforced lamination is directly done on nidaplast core : 
• by hand lay up or Spay lay up; 
• by RTM ; or infusion with nidaplast£ 8R and 8RI 
These new techniques allow manufacturing big and cost effective panels (both skins are 
made simultaneously). Industrial working up improves quality. 
Ź gluing of prefabricated skins as wood, steel, aluminium, is traditionally carried out with 
every kind of glues ( PUR, époxy, vinylique…). More innovative bonding as Thermogluing is 
Picture 4: Hand lay up 
Picture 3: Spray lay up 
Picture 7: Drainage on the vacuum bag 
side
Picture 6: Homogenous impregnation of the 
fibres on the mould side  
Picture 5: Infusion of a 
nidaplast 8RI  
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also possible. 
Źdirect thermowelding of glass reinforced polypropylene skins is achieved in the 
automotive industry  
6 CONCLUSIONS 
This presentation shows the importance of the various parameters to be taken into account 
when studying a structural sandwich panel. It also shows the difficult optimization of such 
panels.
Yet it soon appears that the structural sandwich with a nidaplast£ polypropylene 
honeycombs core integrates several complementary functions in one single operation, which 
quickly improves the economical competitivity of this type of panels.  
The association of a thermoplastic honeycombs core with thermoset, wood, metal or 
mineral facings appears to be most interesting. Each of the constituents of the sandwich panel 
is used under the best conditions to optimize the manufactured product: 
x The core brings lightness, chemical inertia, resistance to shocks, thermal and 
acoustical insulation. 
x The rigid facings offer resistance, surface protection and the esthetic aspect. 
x Both combined result in big and easy to handle panels. 
7 APPLICATIONS 
This new and cost effective solution then perfectly suits large volume industries such as: 
Picture 8: Aluminium skin glued on a 
nidaplast core 
Picture 9: Steel skin glued on a 
nidaplast core 
Picture 10: Wood skin glued on a 
nidaplast core 
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Picture 11: Doors 
Picture 12: Claddings 
Picture 15: sealing 
boat 
Picture 16: inner equipment 
7.1 Building industry 
nidaplast is well adapted to both interior 
panels and outside facings. It can be used for 
large flat or curved panels. These panels will 
then be stiff, light and easy to handle. The 
polypropylene is also rot-proof and totally 
water-proof.
The polyester non woven applied on each 
side of the honeycomb allows the gluing of a 
large range of facings such as metal, wood or stone, but also the lamination of polyester skins. 
Thus, the nidaplast PP honeycombs are present in marble or steel claddings, in wood or 
polyester doors, in decorative panels made with high pressure laminate (HPL), in marble or 
technical floors, in prefabricated bathrooms, in furniture, roofs, or swimming pools… 
7.2 Transport 
nidaplast is used in trucks (lateral panels, doors), ambulances (floors, 
furniture), commercial vehicles (body…), firemen trucks, caravans, trailers, 
cars…
Such sandwich panels are easy to handle and can be glued or laminated 
directly without any particular processing. For floor applications with high 
stress, the nidaplast 8HP with a higher density has got improved 
mechanical properties, especially regarding compression. The 
polypropylene honeycombs, mainly used for replacing plywood or foam 
panels, have the advantage of being light, water-proof and structural. This 
cost effective solution allows to get a lighter vehicle. So the user has a 
vehicle with larger capacity load and moderate gas consumption.  
Finally, for the automotive industry, the new requirements to reduce 
CO2 releases have compelled  all the manufacturers to lighten vehicles. So 
we developed the nidacar and the tubucar, especially adapted. These are used with glass 
reinforced thermoplastic skins within a thermoforming process. It allows very short 
manufacturing cycles for a complete composite piece (bottom of car boots for example). Thus 
the sandwich panels combine a light weight and a high stiffness for a low cost. 
7.3 Boat industry 
Like other sandwich cores, our products are used for structural 
applications for sailing boats or motor boats. Sandwich panels using 
nidaplast® are placed in decks, cabin floors, roofs, bulkheads and 
furniture. It is an economical alternative to replace most of traditional cores 
of this sector. The polyester non-woven on the surface of  nidaplast® can 
Picture 13: special vehicle 
Picture 14: ambulance 
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be directly laminated. It is thermo-bonded to the honeycomb structure and it enables to bond 
strongly the skins and the core. 
Our products have very good acoustical properties in addition to all the advantages above: 
the polypropylene is viscoelastic and absorbs most of the vibrations. Thus the background 
sound level generated by the engine and the displacement is reduced.  
7.4 Equipment goods 
For equipment goods nidaplast is used in a very wide 
range of applications requiring a cost effective and easy to use 
product. However one field is in a fast developing period: the 
wind energy industry is now the most promising sector 
because of the big investments from many countries in the 
next few years. Used today in the windmill cabins, our 
honeycombs are attractive for their acoustical properties and 
their light weight. Furthermore this industry is very concerned 
with the protection of environment and so does our company 
by providing a fully recyclable product. 
Eventually all solutions which decreases the use of raw materials are sustainable solutions 
for manufacturing, transport and utilization. 
Picture 19:  
Random structure 
Picture 20:  
Art sculpture 
Picture 18:  
wind turbine 
Picture 17: 
decorative structure 
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Key words: stormwater management, polypropylene honeycombs, SAUL, SUDS, soil, flood  
Summary: Beyond the composites industry, nidaplast® has developed a very innovative 
application for polypropylene honeycombs for stormwater management : storage, infiltration 
and treatment of rain water.  
Urban growth and its direct consequence, soil impermeabilization, raise the problem of
evacuation of high quantities of rainwater during storms. One solution is to create stormwater
storage basins to store the high volumes of rainwater during storms. Restitution of water to 
the natural environment is then spread on a long period with a regulated flow.
To meet these new ecological requirements and European laws, nidaplast® range of products 
offers different solutions to answer the various issues of rainwater draining in towns. It is 
composed of blocks or panels with different mechanical properties and specially adapted sizes 
to meet all the different challenges of stormwater management.
For big volume storage basins: nidaplast® et nidagreen® EP, blocks are used to make 
grabbed basins to store heavy storms and avoid floods by overflow of sewage pipes. To create 
porous and circulating surfaces: nidagravel® stabilizes gravel surfaces and avoids soil
impermeabilization
To store rainwater on roofs: nidaroof® allows planted roofs and the storage of water on flat
roofs
For storage and re-use in private gardens : nidagarden®, in low thickness panels, is very well
adapted to the garden environment.
Manufactured with recycled products, a low consumption of energy during production, 
nidaplast® products are used for maintaining a good hydraulic state of urban areas. They 
come within the scope of the sustainable growth approach followed by nidaplast®
HONEYCOMBS for a few years and materialized by the ISO 14001 certification. 
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1) GENERALITIES ON STORMWATER MANAGEMENT:
Construction of buildings, roads, footpaths and parking areas on previously undeveloped 
areas avoid rainwater to infiltrate slowly in the soil. Normally the runoff rainwater must be 
collected, generally in the city network sewer, but with increasing urbanization and changing 
weather patterns this collection becomes more and more problematic. During heavy rainfalls 
the sewers network cannot absorb the entire runoff because of urbanization, so they overflow. 
It is one of the reasons why floods get more and more frequent in big cities.  
Fig. 1: natural area leads to infiltration  
Fig. 2: Urbanised area leads to stormwater runoff  
In the late eighties nidaplast patented the first modular drainage tank system with 
polypropylene blocks to store the rainwater and its runoff during storms, allowing a slow 
discharge after event. With nidaplast®EP blocks which present a high compression strength 
and a void ratio of 95%, it is possible to get a buried structure, considered as SUDS 
(sustainable drainage system) where the exceeding rainwater from storms is stored, and then 
infiltrates or gets into the sewer pipes with a controlled flow .  
Other products have been developed for global stormwater management:  
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-nidagravel
®
to make porous gravel alleys                    -nidaroof 
®
to store water on flat roofs 
Fig. 3: nidagravel 
®                                                                                                            
Fig. 4: nidaroof 
®
History:
• 1987 : patenting of the first drainage tank system for stormwater management.  
• 1991: a first European Directive appears on stormwater.  
• 2000: The European Water Framework Directive, gives a new approach of
rainwater and a good quality of surface water as an objective for 2015.
• Step by step this European Water Framework Directive is transposed into
different national directives. The rainwater management becomes a priority. For 
example publication in France of a technical guide «la ville et son assainissement » 
published in 2003.
Fig.5 : French guide « la ville et son assainissement »  
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2) NIDAPLAST EP BLOCKS 
2.1) Presentation 
Polypropylene honeycombs cells, dimensions 20 and 50 mm 
2 permeable polyester non woven plies on both sides  
Dimensions:
Table 1 : Dimensions of products  
2.2) Mechanical characteristics 
Apparent volumic mass                           30 to 45 kg/m3  
Compressive strength:                             30 to 60 T/m²  
2.3) Other characteristics 
Void ratio:                 95%
Thermal resistance:   90 mm thick           R = 0,6 m².°C/W (i.e Ȝ = 0,14 W/(m.°C)) 
Chemical properties: Excellent resistance to most acid and base. Humidity take off < 0,2 %  
2.4) “nidaplast EP system” storage basin 
During heavy rainfalls, the stormwater storage basin stores rainwater streaming from 
waterproofed surfaces. Then it returns them with a regulated flow to the receiving medium. 
The enclosed scheme presents a lengthwise and a transverse section of a nidaplast®EP
storage basin. 
Fig.6 scheme of operating principle from a nidaplast basin  
Length: Width : Thickness: 
2400 mm 1200 mm 120 and 520 mm 
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Stormwater reaches the nidaplast®EP storage or infiltration basin by one or more 
collecting pipes. The stormwater is scattered in the nidaplast®EP basin thanks to an included 
drain network uniformly spread out in the bottom of the basin in a diffusion layer (gravel 
20/40 for example). It is realized thanks to a drain network with a large harnessing surface 
(role of injection). 
Fig.7 Plan view from the distribution network  
It is to be noted that small stormwater flows do not get into the nidaplast ®EP blocks.
While emptying the basin, the water drains out either directly through the soil, or thanks to the 
drains network, which works in the opposite way, and by the collector located downstream the 
basin.
Fig. 8 side view of the principle of diffusion/emptying  
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The highest level of the nidaplast®EP basin determines water level in the supply network. 
Depending on the type of basin, a geotextile or a watertight membrane is installed on all 
surfaces located between the soil and the nidaplast®EP basin. The geotextile will have to suit 
the nature of the soil to ensure an anticontaminating function and a protection against 
punching.
Laying out the ballast on an underground storage basin depends on the nature and the use of
the surface of the basin. To install a road on the basin, the most important factor is the road 
traffic, and more precisely the lorries traffic. Laying out the size of the ballast cannot be 
limited to the punctual resistance to an axle when a lorry drives. In the case of moving loads, 
two cases must be distinguished:
Low traffic : minimum 25 cm of non treated aggregate then road in accordance with 
the French “Manuel des chaussées à faible trafic”, a technical guide that specifies the road
structure depending on the nature of traffic. 
Medium and high traffic, minimum 55 cm of D2 aggregate then road in accordance 
with the French “Mémento des chaussées françaises sur plateforme de type PF2”, a technical 
guide that specifies the road structure depending on the nature of traffic. 
The peripheral and above embankment is realized in accordance with the guide, to optimize 
the use of the surface of the basin.  
The patented system permits both the drainage of the first polluted rainwater and the 
functioning of the basin by filling from the bottom. A self-cleaning is ensured thanks to the 
emptying that flushes the particles that may be fixed under the diffusion layer. As a 
complement, the incoming collector has a settling pit, a depressed sewer and a leaf basket. A 
regular maintenance of the system contributes to avoid any clogging.
Ecological constraints and the nature of rainwater may require more sophisticated treatment 
installations. They must then be installed in accordance with the regulations and their batch 
operating conditions with the nidaplast®EP basin.
Fig.9: working up of a nidaplast EP storage basin  
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3) UNIVERSITY RESEARCH ON THIS SYSTEM: 
It was carried out in 2003 at the University of Sheffield (GB), Department of Civil and 
Structural Engineering. The purpose was to study the behaviour of different kinds of
pollutants, in modular block stormwater storage systems.  
Modular block stormwater storage systems allow both flood prevention in case of storm 
and regulation of the treated flow downstream the system while offering an area available for 
traffic. This kind of installation often generates cause for concern for decision makers: if silt 
deposits form within them, it may be difficult, if not impossible to gain access to remove them. 
Such deposits could have the effect of reducing storage volumes, and could potentially 
obstruct flow passages.
The study establishes the difference of behaviour between modular block stormwater storage 
systems “with an under-pipe” and “without an under-pipe”, as both following 
configurations show:
A)Configuration without an underpipe  B):nidaplast
®
EP system with underpipe  
Fig.10: scheme of test apparatus  
3.1.) Protocol: 
A 3.6m long x 1.8m wide x 1.2m deep chamber, the flow of water at around 7 l/s for a 1m 
upstream head.  
A) « Modular blocks » : milk crates 
Dimensions : L 450 x l 360 x h 240 mm. 4 layers of 8 by 5 storage blocks (160 in total). 
The faces of the crates immediately adjacent to the chamber entry and exit points were 
removed, to allow free flow passage.  
B) nidaplast
®
EP system
A 225 mm diameter plastic pipe, slotted in its upper half, was connected between the 
chamber inlet and outlet. 25-40 mm stone was then added, leaving a flat surface above the 
pipe ridge. Above, nidaplast® EP blocks, L=2400 x 1200 x 520 mm, on 2 layers.  
Three different tracers were studied in established mode of 7 l/s  
-    Tracer studies :      * measurement of the inlet and outlet concentration of a 
                                       fluorescent solute, Rhodamine WT,  
                            * ground olive stone (granulometry < 75 μm at 75 %).  
    -    Big waste tracking (supermarket plastic bags)  
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-
Fig.11 : test apparatus  
3.2.) Results: 
The retention time of stormwater in both systems can be compared thanks to the 
evolution of the Rhodamine and ground olive stone concentration
Table 2: retention time, velocity in the system 
During the test the concentration of ground olive stone has been noted in the 2 apparatus : 
• 75% of the ground olive stones remain in the structure without 
an under pipe, resulting, by accumulation in time, in a high clogging risk.
•
• 100% of the ground olive stones are drained off with the 
nidaplast®EP system, with an under pipe. 
Plastic bags were also added in the water flow  
Configuration  
Tracer
materia 
l
Retention time (s)  Flow rate (l/s) Velocity (m/s)  
without under 
pipe
Rhoda
mine  530 7.14  0.0083  
without under 
pipe
Ground
olive
stone
488 7.14  0.0090  
nidaplast®EP
with under pipe
Rhoda
mine  24 7.20  0.1860  
nidaplast®EP
with under pipe
Ground
olive
stone
19 7.72  0.2275  
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Table 3: number of plastic bags catched in the apparatus  
Computational Fluid Dynamics (CFD) Studies were also carried out using the « Fluent 
CFD » software (Version 6.1). Simulations were produced of the different chamber 
configurations described previously with the following results:  
Configuration without underpipe nidaplast®EPsystem, with underpipe  
Fig. 12: computer modelization  
Thus it can be noted that:
• In the configuration without underpipe, the particles tend to disperse in
            the whole blocks volume, 
• In the nidaplast®EP system, with underpipe, particles go directly to the
            outlet and are drained off without passing through the blocks. All risks of 
            clogging by these fine particles are thus avoided.
With this research the following elements can be pointed out :  
-Retention time : in a system « without underpipe », stormwater stays 25 times longer than in 
the nidaplast®EP system, with underpipe : this high retention time favours sediments
accumulation inside the modular blocks installed without underpipe.
-Sediments: Sediments, frequently present inside stormwater, are totally drained off with the 
nidaplast®EP system with underpipe, there is no risk of accumulation or clogging. On the 
contrary, in the system without underpipe, 75% of the incoming sediments stay inside the 
system, resulting in a high clogging risk. 
-Supermarket plastic bags : Plastic bags entering a system without underpipe stay inside the 
blocks, while they all are drained off with a nidaplast®EP system.  
Nb of plastic 
bags added
Nb of plastic 
bags in outlet Transfer rate  
Without underpipe  20 0 0 %
nidaplast®EP with underpipe  20  20  100 %  
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The specific configuration of nidaplast®EP storage systems, with an underpipe, allows to 
avoid sediments and debris to pass through the blocks. Thus, there is no risk of clogging for 
the storage system, which ensures the durability of the nidaplast®EP installations.
4) A RECOGNIZED AND PROVED SOLUTION: 
This solution has been recognized and described in 1998 in an official French guide called:
« Les structures alvéolaires ultra légères (SAUL) en assainissement pluvial ».  
It was written by : 
 -LCPC (Laboratoire central des ponts et chaussées)  
-CERTU (Centre d‘Etudes sur les Réseaux de Transport et l’Urbanisme)  
-Water Agencies  
5) OTHER PRODUCTS FOR STORMWATER MANAGEMENT 
Beside the blocks for rainwater storage, nidaplast developed other products to complete the 
range of plastic honeycombs suitable for water management  
5.1.) nidagravel 
Presentation: 
2400*1200*40 mm plates with polyester non woven on the underface 
37 mm honeycombs cells  
Principle: 
To avoid impermeabilization of alleys when placed on a porous soil, the plates filled with 
gravel create a porous circulating surface.  
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5.2.) nidaroof 
Presentation: 
2400*1200 plates with a thickness from 40 mm to 100 mm 
1 or 2 permeable non woven polyester plies on sides  
Principle: 
One layer of nidaplast is installed on the waterproofing membrane to store water like a 
stormwater basin then surmounted by an other layer filled with gravel to make the roof 
accessible
Fig 15 first layer for storage Fig. 16 2 layers, storage & gravel stabilization Fig. 16: Final result  
6 CONCLUSION 
The extruded polypropylene honeycombs structure invented 20 years ago by nidaplast 
shows its multifunctionality in the 2 markets which have been created :  
* composites where it is used as a structural sandwich core  
* but also in a totally new field :for honeycombs the stormwater management.  
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In this last field polypropylene honeycombs structures provide the following properties:
1) lightness 
2) compression strength 
3) high void ratio 
4) Chemical and water resistance 
For these two markets nidaplast is proud to be an actor in developing sustainable growth.
Polypropylene honeycombs is made of:  
A fully recyclable raw material  
Very light, it uses a small quantity of raw material  
Products made with nidaplast core are also lighter, which saves raw material and also 
energy for working up and utilization
Rainwater is a more and more rare resource and needs to be protected. 
The company is ISO 1401 certified since 2001 
(1)
Source : « Assesment of modular block stormwater storage systems », Dr Michael G. Faram, Dr Ian Guymer 
and Prof Adrian Saul – Novatech 2004.  
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Summary. We present a new finite element model for the analysis of passive sandwich lam-
inated plates with a viscoelastic core and laminated anisotropic face layers. The model is
formulated using a mixed layerwise approach, by considering a higher order shear defor-
mation theory (HSDT) to represent the displacement field of the viscoelastic core and a first
order shear deformation theory (FSDT) for the displacement field of the adjacent laminated
anisotropic face layers. The complex modulus approach is used for describing the viscoelas-
tic material behaviour of the core, and the problem is solved in the frequency domain using
frequency dependent material data for the core. The model is validated and compared with
reference solutions from the literature.
1 Introduction
Passive damping treatments are widely used in engineering applications in order to reduce vi-
bration and noise radiation [1, 2]. Passive layer damping is the most common form of damping
treatments and it is usually implemented in two ways: unconstrained layer damping (exten-
sional deformations) and constrained layer damping (shear deformations). The unconstrained
layer damping consists in a simple layer of damping material bonded to the surfaces of the
structure where flexural vibration occurs. Consequently, the damping material dissipates en-
ergy in extensional deformation mode, which is not the most efficient mechanism, as damping
materials are known to work better in shear mode. Hence, applying a layer with flexural mod-
ulus comparable to that of the base structure on top of the damping layer, forces the damping
layer to deform in shear mode, thus dissipating energy in a more efficient way. Increasing the
thickness and length of the viscoelastic layers increases the energy dissipation and hence the
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damping. Of course, limitations exist when using passive damping treatments as viscoelastic
materials have frequency and temperature dependent properties, which can compromise the ef-
fective frequency and temperature ranges of treatment. To overcome this limitation and provide
adequate damping over a broad frequency band, different viscoelastic materials may be used.
The theoretical work on constrained layer damping can be traced to DiTaranto [3] and Mead
and Markus [4] for the axial and bending vibration of sandwich beams. Since then, differ-
ent formulations and techniques have been reported for modelling and predicting the energy
dissipation of the viscoelastic core layer in a vibrating passive constrained layer damping struc-
ture [5, 6, 7]. Other proposed formulations include thickness deformation of the core layer
dealing with the cases where only a portion of the base structure receives treatment [8].
Sandwich plates with viscoelastic core are very effective in reducing and controlling vibra-
tion response of lightweight and flexible structures, where the soft core is strongly deformed
in shear, due to the adjacent stiff layers. Hence, due to this high shear developed inside the
core, equivalent single layer plate theories, even those based on higher order deformations, are
not adequate to describe the behaviour of these sandwiches, mainly due to the high deforma-
tion discontinuities that arise at the interfaces between the viscoelastic core material and the
surrounding elastic constraining layers. The usual approach to analyse the dynamic response
of sandwich plates uses a layered scheme of plate and brick elements with nodal linkage. This
approach leads to a time consuming spatial modelling task. To overcome these difficulties, the
layerwise theory has been considered for constrained viscoelastic treatments, and most recently,
Moreira et al. [9, 10], among others, presented generalized layerwise formulations in this scope.
In this paper a layerwise sandwich plate finite element model is proposed, where the vis-
coelastic core layer is modelled according to a higher order shear deformation theory and adja-
cent elastic layers are modelled using the first order shear deformation theory, and all materials
are considered to be orthotropic, with elastic face layers being formulated as laminated com-
posite plies. Passive damping is dealt with using the complex modulus approach, allowing
for frequency dependent viscoelastic materials and the dynamic response of the finite element
model is validated using reference solutions from the literature.
2 Sandwich plate model
The development of a layerwise finite element model is presented here, to analyse sandwich
laminated plates with a viscoelastic (v) core and laminated anisotropic face layers (e1, e2), as
shown in Figure 1.
The basic assumptions in the development of the sandwich plate model are:
1. All points on a normal to the plate have the same transverse displacement w(x, y, t),
where t denotes time, and the origin of the z axis is the medium plane of the core layer;
2. No slip occurs at the interfaces between layers;
3. The displacement is C0 along the interfaces;
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Figure 1: Sandwich plate
4. Elastic layers are modelled with first order shear deformation theory (FSDT) and vis-
coelastic core with a higher order shear deformation theory (HSDT);
5. All materials are linear, homogeneous and orthotropic and the elastic layers (e1) and (e2)
are made of laminated composite materials;
6. For the viscoelastic core, material properties are complex and frequency dependent.
The FSDT displacement field of the face layers may be written in the general form:
ui(x, y, z, t) = ui0(x, y, t) + (z − zi)θix
vi(x, y, z, t) = vi0(x, y, t) + (z − zi)θiy
wi(x, y, z, t) = w0(x, y, t)
(1)
where ui0 and vi0 are the in-plane displacements of the mid-plane of the layer, θix and θiy are
rotations of normals to the mid-plane about the y axis (anticlockwise) and x axis (clockwise),
respectively, w0 is the transverse displacement of the layer (same for all layers in the sandwich),
zi is the z coordinate of the mid-plane of each layer, with reference to the core layer mid-plane
(z = 0), and i = e1, e2 is the layer index.
For the viscoelastic core layer, the HSDT displacement field is written as a second order
Taylor series expansion of the in-plane displacements in the thickness coordinate, with constant
transverse displacement:
uv(x, y, z, t) = uv0(x, y, t) + zθ
v
x + z
2u∗0
v + z3θ∗x
v
vv(x, y, z, t) = vv0(x, y, t) + zθ
v
y + z
2v∗0
v + z3θ∗y
v
wv(x, y, z, t) = w0(x, y, t)
(2)
where uv0 and vv0 are the in-plane displacements of the mid-plane of the core, θvx and θvy are
rotations of normals to the mid-plane of the core about the y axis (anticlockwise) and x axis
867
Aure´lio L. Arau´jo, Cristo´va˜o M. Mota Soares and Carlos A. Mota Soares
(clockwise), respectively, w0 is the transverse displacement of the core (same for all layers in
the sandwich). The functions u∗0v, v∗0v, θ∗xv and θ∗yv are higher order terms in the series expansion,
defined also in the mid-plane of the core layer.
The displacement continuity at the layer interfaces can be written as:
ue1(x, y, ze1 −
he1
2
, t) = uv(x, y,
hv
2
, t)
ve1(x, y, ze1 −
he1
2
, t) = vv(x, y,
hv
2
, t)
ue2(x, y, ze2 +
he2
2
, t) = uv(x, y,−hv
2
, t)
ve2(x, y, ze2 +
he2
2
, t) = vv(x, y,−hv
2
, t)
(3)
where the coordinates of layer mid-planes are:
ze1 =
hv
2
+
he1
2
zv = 0
ze2 = −
hv
2
− he2
2
(4)
Applying displacement continuity conditions at the layer interfaces, one obtains:
ue10 =
he1
2
θe1x + u
v
0 +
hv
2
θvx +
h2v
4
u∗0
v +
h3v
8
θ∗x
v
ve10 =
he1
2
θe1y + v
v
0 +
hv
2
θvy +
h2v
4
v∗0
v +
h3v
8
θ∗y
v
ue20 = −
he2
2
θe2x + u
v
0 −
hv
2
θvx +
h2v
4
u∗0
v − h
3
v
8
θ∗x
v
ve20 = −
he2
2
θe2y + v
v
0 −
hv
2
θvy +
h2v
4
v∗0
v − h
3
v
8
θ∗y
v
(5)
These relations allows us to retain the rotational degrees of freedom of the face layers, while
eliminating the corresponding in-plane displacement ones. Hence, the generalized displacement
field has 13 mechanical unknowns.
2.1 Linear strains
2.1.1 Viscoelastic core
The non-zero linear strains associated with the assumed displacement field for the viscoelas-
tic core layer are:
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εvx =
∂uv0
∂x
+ z
∂θvx
∂x
+ z2
∂u∗0
v
∂x
+ z3
∂θ∗x
v
∂x
εvy =
∂vv0
∂y
+ z
∂θvy
∂y
+ z2
∂v∗0
v
∂y
+ z3
∂θ∗y
v
∂y
γvyz = θ
v
y + 2zv
∗
0
v + 3z2θ∗y
v +
∂w0
∂y
γvxz = θ
v
x + 2zu
∗
0
v + 3z2θ∗x
v +
∂w0
∂x
γvxy =
(
∂uv0
∂y
+
∂vv0
∂x
)
+ z
(
∂θvx
∂y
+
∂θvy
∂x
)
+ z2
(
∂u∗0
v
∂y
+
∂v∗0
v
∂x
)
+ z3
(
∂θ∗x
v
∂y
+
∂θ∗y
v
∂x
)
(6)
which can be written in the form:
εvx = ε
v
x0 + zκ
v
x + z
2ε∗x0
v + z3κ∗x
v
εvy = ε
v
y0 + zκ
v
y + z
2ε∗y0
v + z3κ∗y
v
γvyz = γ
v
yz0 + zκ
v
yz + z
2γ∗yz0
v
γvxz = γ
v
xz0 + zκ
v
xz + z
2γ∗xz0
v
γvxy = γ
v
xy0 + zκ
v
xy + z
2γ∗xy0
v + z3κ∗xy
v
(7)
where εvx0, εvy0, γvxy0, γvyz0 and γvxz0 are the core mid-surface strains, κvx, κvy, κvxy, κvyz and κvxz
represent the curvatures associated with the first order terms in the series expansion, ε∗x0v, ε∗y0v,
γ∗xy0
v
, γ∗yz0
v and γ∗xz0v describe the strains associated with the second order terms and κ∗xv , κ∗yv
and κ∗xyv correspond to curvatures associated with the third order terms.
2.1.2 Elastic laminated face layers
The non-zero linear strains associated with the assumed first order displacement field for
these layers are:
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εix =
∂ui0
∂x
+ (z − zi)∂θ
i
x
∂x
εiy =
∂vi0
∂y
+ (z − zi)
∂θiy
∂y
γiyz = θ
i
y +
∂w0
∂y
γixz = θ
i
x +
∂w0
∂x
γixy =
(
∂ui0
∂y
+
∂vi0
∂x
)
+ (z − zi)
(
∂θix
∂y
+
∂θiy
∂x
)
(8)
where i = e1, e2.
These linear strains for the elastic layers can also be written in the form:
εix = ε
i
x0 + zκ
i
x
εiy = ε
i
y0 + zκ
i
y
γiyz = γ
i
yz0
γixz = γ
i
xz0
γixy = γ
i
xy0 + zκ
i
xy
(9)
where: εix0, εiy0, γixy0, γiyz0 and γixz0 are the layer mid-surface strains, and κix, κiy and κixy describe
the curvatures for layer i = e1, e2.
2.2 Constitutive relations
As for the constitutive relations, we consider that fibre-reinforced laminae in elastic multi-
layers (e1) and (e2), and viscoelastic core (v) are characterized as orthotropic. Constitutive
equations for each lamina in the sandwich may then be expressed in the principal material
directions (x1, x2, x3 = z), and for the zero transverse normal stress situation, as [11]:
⎧⎪⎪⎪⎪⎨
⎪⎪⎪⎪⎩
σ11
σ22
σ23
σ13
σ12
⎫⎪⎪⎪⎪⎬
⎪⎪⎪⎪⎭
=
⎡
⎢⎢⎢⎢⎣
Q11 Q12 0 0 0
Q12 Q22 0 0 0
0 0 Q44 0 0
0 0 0 Q55 0
0 0 0 0 Q66
⎤
⎥⎥⎥⎥⎦
⎧⎪⎪⎪⎪⎨
⎪⎪⎪⎪⎩
ε11
ε22
γ23
γ13
γ12
⎫⎪⎪⎪⎪⎬
⎪⎪⎪⎪⎭
(10)
where σij are stress components, εij and γij are strain components, and Qij are reduced stiffness
coefficients. Expressions for the reduced quantities mentioned above can be found in [11]. For
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the viscoelastic core layer, the reduced stiffness coefficients Qij are complex quantities, since
the complex modulus approach was used in this work, using the elastic-viscoelastic principle.
In this case, the usual engineering moduli may be represented by complex quantities:
E1(iω) = E
′
1(ω)(1 + iηE1(ω))
E2(iω) = E
′
2(ω)(1 + iηE2(ω))
G12(iω) = G
′
12(ω)(1 + iηG12(ω))
G23(iω) = G
′
23(ω)(1 + iηG23(ω))
G13(iω) = G
′
13(ω)(1 + iηG13(ω))
ν12(iω) = ν
′
12(ω)(1 + iην12(ω))
(11)
where the prime quantities denote storage moduli, associated material loss factors are repre-
sented by the letter η, ω represents frequency of vibration and i =
√−1 is the imaginary unit.
Furthermore, in Equation (11), E, G and ν denote Young’s moduli, shear moduli and Poisson’s
ratio, respectively.
The definition of constitutive relations of a laminate is usually made in terms of stress re-
sultants. These forces and moments are defined separately for the viscoelastic core (v) and the
elastic multilayered laminates (e1) and (e2) [12].
3 Finite Element Formulation
The equations of motion for the plate are obtained by applying Hamilton’s principle, using
an eight node serendipity plate element with 13 mechanical degrees of freedom per node:
[M ] ¨{a}+ [K] {a} = {F} (12)
where {a} and ¨{a} are mechanical degrees of freedom and corresponding accelerations, respec-
tively, [M ] and [K] are the mass and complex stiffness matrices, respectively, and {F} is the
externally applied mechanical load vector. One should note that the viscoelastic behaviour of
the core translates into a complex stiffness matrix [K].
Assuming harmonic vibrations, the final equilibrium equations are given by:
[
[K(ω)]− ω2 [M ]] {a} = {F} (13)
The forced vibration problem is solved in the frequency domain, which implies the solution
of the following linear system of equations for each frequency point:
[
[K(ω)]− ω2 [M ]] {a(ω)} = {F (ω)} (14)
where {F (ω)} = F ({F (t)}) is the Fourier transform of the time domain force history {F (t)}.
For the free vibration problem, Equation (14) reduces to the following non-linear eigenvalue
problem:
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[[K(ω)]− λ∗n [M ]] {a}n = {0} (15)
where, the complex eigenvalue λ∗n is written as:
λ∗n = λn (1 + iηn) (16)
and λn is the real part of the complex eigenvalue and ηn is the corresponding modal loss factor.
The non-linear eigenvalue problem is solved iteratively using ARPACK [13] with a shift-
invert transformation. The iterative process is considered to have converged when:
‖ωi − ωi−1‖
ωi−1
≤  (17)
where ωi and ωi−1 are current and previous iteration values for the real part of the particular
eigenfrequency of interest, respectively, and  is the convergence tolerance.
Eigenvalues and modal loss factors are also determined in this work from the frequency
domain response [1, 2].
4 Model validation
The validation of the sandwich plate finite element model for passive damping is conducted
comparing eigenfrequencies and modal loss factors for a beam and a plate with a central vis-
coelastic core layer and two equal thickness face layers made of an isotropic material [14, 15].
4.1 Cantilever sandwich beam
The viscoelastic material is assumed to have constant properties with frequency, and simula-
tions are conducted using two different values for the material loss factor η. The beam is 177.8
mm long by 12.7 mm wide and the thickness of the viscoelastic layer is hv = 0.127 mm, while
the isotropic elastic face layers have a thickness of he1 = he2 = 1.524 mm. Material properties
for the isotropic elastic layers are E = 69 GPa, ν = 0.3 and ρ = 2766 kg m−3, and for the
isotropic viscoelastic core E = 1.794(1 + iη) MPa, G = E
2(1+ν)
, ν = 0.3 and ρ = 968 kg m−3.
The beam was discretised using 30 elements in the length dimension and one in the width
dimension, and excited with an impulsive 1 N force at the free end. The natural frequencies
and corresponding modal loss factors are shown in Table 1 for the first three bending modes,
and compared with the ones reported in [14], using 2D eight node quadrilateral plane strain
elements to model the beam in the thickness-length plane.
The present results were obtained using the frequency domain technique described in the
previous section, as the eigenvalue technique presented convergence issues for this case. The
obtained frequency domain curves are presented in Figures 2 through 4, and one can conclude
that the present model produces results which are fairly close to the ones reported in [14].
Except for the fundamental modal loss factor in the case where η = 0.1, all results have a
deviation that is less than 4%.
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Present [14]
η fn [Hz] ηn [%] fn [Hz] ηn [%]
64.2 3.48 64.2 2.81
0.1 296.8 2.39 296.9 2.42
745.0 1.56 745.5 1.53
65.3 14.99 65.6 14.76
0.6 298.8 13.39 299.5 13.92
746.8 8.77 747.3 9.12
Table 1: Cantilever sandwich beam: natural frequencies (fn) and corresponding modal loss factors (ηn) for differ-
ent material loss factors (η) of the viscoelastic core
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Figure 2: Magnitude of frequency response plot for cantilever sandwich beam
4.2 Clamped sandwich plate
The viscoelastic material is assumed to have constant properties with frequency, and the
material loss factor η = 0.5. The plate in-plane dimensions are 348 mm × 304.8 mm and
the thickness of the viscoelastic core layer is hv = 0.254 mm, while the isotropic elastic face
layers have a thickness of he1 = he2 = 0.762 mm. Material properties for the isotropic elastic
layers are E = 69.9 GPa, ν = 0.3 and ρ = 2740 kg m−3, and for the isotropic viscoelastic core
E = 2.67008(1 + iη) MPa, G = E
2(1+ν)
, ν = 0.49 and ρ = 999 kg m−3.
The plate was discretised using a 12 × 12 mesh, and natural frequencies and modal loss
factors are extracted by solving the associated eigenvalue problem. The obtained results are
presented in Table 2 and compared with the ones reported by [15], using shell elements for the
face layers and volume elements for the core.
From the results one can conclude that the present model produces results which are fairly
close to the ones reported in [15], specially considering that the present model has only 3465
degrees of freedom (DOF), against the reported 10248 DOF.
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Figure 3: Real part of frequency response plot for cantilever sandwich beam
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Figure 4: Imaginary part of frequency response plot for cantilever sandwich beam
5 Conclusions
A new sandwich plate finite element model has been developed for the analysis of the dy-
namic response of plate structures with passive damping. The model is capable of handling a
high variety of layer configurations and the complex modulus approach was used, along with
frequency domain response analysis, allowing for frequency dependent material data. The de-
veloped eight node finite element model presents a good behavior with passive damping, when
compared to reference solutions.
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Present [15]
fn [Hz] ηn [%] fn [Hz] ηn [%]
87.66 18.86 87.4 18.95
150.10 16.30 148.9 16.45
170.99 15.27 169.9 15.40
229.07 13.42 223.9 19.90
243.79 13.23 241.0 13.45
292.21 11.79 289.8 11.95
Table 2: Clamped sandwich plate: natural frequencies (fn) and corresponding modal loss factors (ηn) for a vis-
coelastic core with material loss factor η = 0.5
Project CASSEM, Contract No. 013517-NMP3-CT-2005-0135717.
REFERENCES
[1] A.D. Nashif, D.I.G. Jones, and J.P. Henderson, Vibration Damping, John Wiley & Sons,
(1985).
[2] C.T. Sun and Y.P. Lu, Vibration Damping of Structural Elements, Prentice Hall PTR, En-
glewood Cliffs, New Jersey, (1995).
[3] R.A. DiTaranto, ”Theory of vibratory bending for elastic and viscoelastic layered finite-
length beams”, ASME Journal of Applied Mechanics, 32, 881–886 (1965).
[4] D.J. Mead and S. Markus, ”The forced vibration of a three-layer, damped sandwich beam
with arbitrary boundary conditions”, AIAA Journal, 10, 163–175 (1969).
[5] D.K. Rao, ”Frequency and loss factors of sandwich beams under various boundary condi-
tions”, International Journal of Mechanical Engineering Science, 20, 271–278 (1978).
[6] M.J. Yan and E.H. Dowell, ”Governing equations of vibrating constrained-layer damping
sandwich plates and beams”, ASME Journal of Applied Mechanics, 39, 1041–1046 (1972).
[7] M.D. Rao and S. He, ”Dynamic analysis and design of laminated composite beams with
multiple damping layers”, AIAA Journal, 31, 736–745 (1993).
[8] B.E. Douglas and J.C.S. Yang, ”Transverse compressional damping in the vibratory re-
sponse of elastic-viscoelastic beams”, AIAA Journal, 16, 925–930 (1978).
[9] R.A.S. Moreira, J.D. Rodrigues, and A.J.M. Ferreira, ”A generalized layerwise finite
element for multi-layer damping treatments”, Computational Mechanics, 37, 426–444
(2006).
875
Aure´lio L. Arau´jo, Cristo´va˜o M. Mota Soares and Carlos A. Mota Soares
[10] R.A.S. Moreira and J.D. Rodrigues, ”A layerwise model for thin soft core sandwich
plates”, Computers and Structures, 84, 1256–1263 (2006).
[11] A.L. Araujo, H.M.R. Lopes, M.A.P. Vaz, C.M. Mota Soares, J. Herskovits, and P. Ped-
ersen, ”Parameter estimation in active plate structures”, Computers and Structures, 84,
1471–1479 (2006).
[12] A.L. Araujo, C.M. Mota Soares, J. Herskovits, and P. Pedersen, ”Development of a finite
element model for the identification of mechanical and piezoelectric properties through
gradient optimisation and experimental vibration data”, Composite Structures, 58, 307–
318 (2002).
[13] D.C. Sorensen, ”Implicitly restarted Arnoldi/Lanczos methods for large scale eigenvalue
calculations”, Technical Report TR95-13, Department of Computational and Applied
Mathematics, Rice University, Houston, Texas, (1995).
[14] E.M. Daya and M. Potier-Ferry, ”A numerical method for nonlinear eigenvalue problems
application to vibrations of viscoelastic structures”, Computers and Structures, 79, 533–
541 (2001).
[15] L. Duigou, E.M. Daya, and M. Potier-Ferry, ”Iterative algorithms for non-linear eigen-
value problems. Application to vibrations of viscoelastic shells”, Computational Methods
in Applied Mechanics and Engineering, 192, 1323–1335 (2003).
876
8th International Conference on Sandwich Structures
ICSS 8
A. J. M. Ferreira (Editor)
c©FEUP, Porto, 2008
APPLICATION OF CORK COMPOUNDS IN SANDWICH
STRUCTURES FOR VIBRATION DAMPING
J. Santos Silva, R.A.S. Moreira†, and J. Dias Rodrigues
Faculdade de Engenharia da Universidade do Porto (FEUP)
Universidade do Porto
Rua Dr. Roberto Frias, 4200-465 Porto, Portugal
e-mail: jdr@fe.up.pt, santos.silva.joao@fe.up.pt, web page: http://www.fe.up.pt
†Departamento de Engenharia Mecaˆnica da Universidade de Aveiro (UA)
Universidade de Aveiro
Campus de Santiago, 4200-465 Aveiro, Portugal
e-mail: rmoreira@ua.pt, web page: http://www.ua.pt
Key words: Sandwich plate, Cork compound, Damping, Complex modulus, Layerwise.
Summary. The remarkable damping over a broad temperature range and thermal insulation
properties of cork make it an excellent material to be applied on integrated and surface damping
treatments in sandwich structures improving its dynamic behavior. Experimental analysis and
numerical modeling of sandwich structures with cork compound layers is therefore essential for
a better understanding of the cork compound inﬂuence on the dynamic properties of a layered
structure. In this paper an evaluation study on the dynamic properties of a set of sandwich
plates with cork compound cores inside two aluminium faces is performed. For this purpose,
three test samples were assembled following the described conﬁguration, using cork compounds
with different properties (density, granulometry and thickness). To numerically simulate these
layered plates, a partial layerwise plate ﬁnite element, with a multilayer conﬁguration, was
developed and integrated in a MATLAB ﬁnite element code. The dynamic properties of the cork
compounds are included in the FE model by using the material complex modulus in a direct
frequency analysis procedure. For the different cork compounds hereby considered, the exten-
sional complex modulus was previously identiﬁed by using a speciﬁc experimental methodology
which simulates a semideﬁnite two degree of freedom system, where the cork compound test
sample represents the complex stiffness. From the complex modulus data, both extensional stor-
age modulus and loss factor of the cork compound were obtained. The experimental evaluation
of the dynamic properties of the sandwich plates was performed carrying out an experimental
modal analysis on each test specimen, being measured a set of mobility FRF functions. Addi-
tionally, the developed layerwise plate element was validated through the comparison between
the measured driving point FRFs and the FEM predicted ones.
1 Introduction
Natural cork is a material with a remarkable combination of properties that has been used
for long time in various applications like ﬁshing boats, shoe soles and wine bottle sealers [1]. It
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is obtained from the bark of a species of oak, the Quercus Suber. The cellular structure of cork
provides an effective dissipation energy mechanism. The application of cork in anti-vibratory
supports is one of the few examples of this capability. The applicability of cork compounds
in sandwich plates to improve damping performance and its dynamic behavior characterization
motivated the present study.
In order to perform an accurate analysis of a sandwich plate with a cork compound core
and have a representative numerical model, it is necessary to characterize the cork compound
dynamic properties and their frequency dependence. Despite the wide range of applications of
cork compound, the material dynamic properties, namely its storage modulus and loss factor,
are scarcely described and unavailable.
To understand and study the behavior of a structure with cork compound based passive damp-
ing treatments, a representative and accurate numerical model is also required. The layerwise
theory, based on a piecewise description of the displacement ﬁeld [2], has evidenced a good ac-
curacy in the simulation of the damping layer effects in surface and integrated passive damping
treatments, as published in [3, 4] and is adopted in this study.
2 Sandwich plates with cork compound core: Experimental results
The experimental study hereby presented consists of a modal analysis to characterize the
dynamic behavior of sandwich plates with two aluminum faces and a cork compound core. The
main purpose is to determine the cork compound inﬂuence on the dynamic response, namely its
inﬂuence on its modal damping ratios, as well as to obtain its natural frequencies. To verify the
inﬂuence of cork compound formulation parameters, three sandwich plates with different cork
compound cores have been tested and its results were compared. To perform the experimental
modal analysis of the test samples a set of frequency response functions were measured from
which the modal parameters were identiﬁed by using the modal analysis functionality of the
MATLAB toolbox SDT R© [5]. The measurement of frequency response functions (FRFs) on the
test samples will also, further on, allow to validate the formulated plate element by comparison
between the experimental FRFs and the FE predicted ones.
2.1 Description of the test samples
The test samples analyzed are sandwich plates with a cork compound core and two aluminum
faces as schematically depicted in ﬁgure 1. Three test samples were manufactured, each one
with a different grain size and density cork compound core, as illustrated in ﬁgure 2. In table 1
a short description of the test samples cork compound cores is presented.
2.2 Experimental setup
The experimental setup was built up in order to achieve free boundary conditions to the
sandwich plates. Each test sample was suspended from a frame by two very thin nylon cables,
while the electromechanical exciter was also suspended from another independent frame, as
depicted in ﬁgure 3.
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Figure 1: Schematic drawing of the test samples
(a) 8003 (b) 8123 (c) 8303
Figure 2: Cork compound samples
Table 1: Test samples characteristics
Sample Cork compound Core description Thickness e
reference reference [mm]
PLT8003 8003 • small grain 1.2
• low density
PLT8123 8123 • small grain 1.2
• high density
PLT8303 8303 • coarse grain 1.2
• high density
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Figure 3: Assembled experimental setup
The measurement mesh, with 42 measurement points, is depicted by ﬁgure 4. The test
samples were excited with an electromagnetic shaker (LDS-401) at point number 17, ﬁgu-
re 4, being at that same point measured the exciting force with a piezoelectric force transducer
(B&K-8203). The exciter was connected to the structure by a thin steel rod, allowing an high
axial stiffness but a low bending stiffness connection, assuring a good directional control of the
excitation force.
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Figure 4: Measuring mesh
The response was measured in velocity at each point of the measuring mesh by a laser vi-
brometer (Polytec-OFV303) using the vibrometer controller (Polytec-OFV3001).
To acquire the response and the excitation force signals and estimate the frequency response
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functions (FRFs), an FFT analyzer (B&K-2035) was used. The measurements were made in
the frequency range [0; 400] Hz.
2.3 Measured FRFs
For each test sample, a set of 42 mobility FRFs were measured corresponding to each mea-
suring point. The driving point FRFs, obtained at the excitation point 17, are depicted from
ﬁgure 5 to ﬁgure 7 for the three test samples in the measured frequency range [0; 400] Hz.
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Figure 5: Driving point mobility of sample PLT8003
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Figure 6: Driving point mobility of sample PLT8123
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Figure 7: Driving point mobility of sample PLT8303
2.4 Modal identiﬁcation
From the measured FRFs, in a ﬁrst stage, a multi degree of freedom (MDOF) technique,
which uses the ”Least Squares Complex Exponential” time domain algorithm, was applied in
order to identify the natural frequencies and damping values for each mode. In a second stage,
the residues were identiﬁed with a ”Least Squares Frequency Domain” technique.
The natural frequencies and damping ratios identiﬁed in the frequency range [0; 400] Hz are
summarized in tables 2 and 3 and are also represented in ﬁgures 8 and 9 for the three test
samples.
Table 2: Natural frequencies of the sandwich test samples
Sample Natural frequencies [Hz]
reference 1st mode 2nd mode 3rd mode 4th mode 5th mode
PLT8003 110.27 157.70 233.96 311.36 360.22
PLT8123 122.19 194.95 278.32 375.98 -
PLT8303 116.91 151.66 246.84 307.40 374.41
Table 3: Damping ratios of the sandwich test samples
Sample Damping ratio [%]
reference 1st mode 2nd mode 3rd mode 4th mode 5th mode
PLT8003 1.73 2.75 2.62 1.88 2.76
PLT8123 1.12 3.89 2.28 2.49 -
PLT8303 2.10 3.18 3.19 3.45 3.57
882
J. Santos Silva, R.A.S. Moreira and J. Dias Rodrigues
1 2 3 4 5
0
50
100
150
200
250
300
350
400
mode
ω
 [H
z]
PLT8003
PLT8123
PLT8303
Figure 8: Natural frequencies of the three sandwich test samples
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Figure 9: Damping ratios of the three sandwich test samples
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2.5 Discussion of the modal identiﬁcation results
From the results identiﬁed in the previous section it can be said that:
• comparing the natural frequencies of sample PLT8003 and sample PLT8123, it can be
seen that the second ones are higher than the ﬁrst ones; this fact is due to the higher
density of the cork used in PLT8123 which makes the plate structure stiffer than if it was
used the same cork compound as used in sample PLT8003 (ﬁgure 8);
• the grain size also inﬂuences directly the sample stiffness, as it can be seen in ﬁgure 8; the
natural frequencies of sample PLT8303, which has a coarse grain size cork compound,
are lower than the ones presented for sample PLT8003 and PLT8123 evidencing that a
coarse grain size mandatory reduces the structure stiffness;
• in all the test samples it is evident that the introduction of a cork compound layer in the
sandwich plates improves its damping capability (ﬁgure 9);
• when comparing the damping ratios of sample PLT8003 (small grain, low density) with
sample PLT8123 (small grain, high density), as it can be seen in ﬁgure 9, it is evident
that sample PLT8123 presents a lower damping ratio than the ones obtained for sample
PLT8003 for modes 1 and 3 which represent the predominantly ﬂexural plate modes .
The opposite happens for modes 2 and 4, which are predominantly torsional plate modes,
being the damping ratios of PLT8123 higher than the ones of PLT8003, suggesting that
high density cork compounds should provide a better damping capability when submitted
to shear strains, at predominantly torsional modes, while low density ones should provide
a better structural damping for predominantly ﬂexural modes;
• it is also suggested from ﬁgure 9 that a coarse grain size introduces a bigger structural
damping than small grain size which can be seen when comparing damping ratios from
sample PLT8303 with the ones from samples PLT8003 and PLT8123; again, the only
observed exception occurs at the second mode.
3 Cork compound dynamic properties
In order to establish a representative numerical model of the sandwich test samples it is ne-
cessary to identify the properties of the cork compounds. Since cork compound has viscoelastic
properties [6], it is necessary to obtain its frequency dependent dynamic properties, such as its
storage modulus and loss factor [7, 8]. The experimental characterization methodology adopted
to identify the cork compound properties is based on the evaluation of the dynamic response of
a semi-deﬁnite two degrees of freedom system with two masses m and M and which stiffness
and damping is represented by an element of cork compound, as schematized in ﬁgure 10 and
illustrated in ﬁgure 11. The dynamic excitation f(t) is applied on mass m.
Modeling the stiffness and damping properties of the cork compound through a complex
stiffness K¯, the material complex modulus is directly identiﬁed [9] from both the frequency
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f (t)
x (t)
m
K¯
x0 (t)
M
Figure 10: Two degree of freedom analytical model
Figure 11: Experimental setup
response function accelerance A(jω) and transmissibility function T (jω) measured on the ex-
perimental setup as follows [10],
E¯(jω) =
ω2MT (jω)
1− T (jω)
h
AE
(1)
E¯(jω) =
ω2M (mA(jω)− 1)
(M + m)A(jω)− 1
h
AE
(2)
where h and AE represent, respectively, the thickness and cross-section area of the cork com-
pound element. Once the complex modulus E¯(jω) = E(ω) (1 + jη(ω)) is identiﬁed, afterwards
the cork compound extensional storage modulus E(ω) and loss factor η(ω) can be easily ob-
tained.
The identiﬁed extensional storage modulus and loss factor from both the accelerance and
transmissibility frequency functions are represented in ﬁgures 12-14 for the three different cork
compounds used.
4 Plate layerwise formulation
Assuming that the sandwich plate can be divided into several homogeneous and isotropic
layers, each layer can be individually treated as a thick plate following the Reissner-Mindlin
assumptions and ensuring the interface continuity directly at the respective displacement ﬁeld
description. Each layer is modeled according to the following assumptions:
• extensional and shear deformations of all the layers are accounted;
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Figure 12: Storage modulus and loss factor for cork compound 8003
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Figure 13: Storage modulus and loss factor for cork compound 8123
• deformation through the thickness is neglected;
• translational and rotary inertias of all the layers are accounted;
• linear theories of elasticity and viscoelasticity are used;
• materials are isotropic and homogeneous in each layer.
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Figure 14: Storage modulus and loss factor for cork compound 8303
4.1 Displacement ﬁeld
Considering a generic layer k with thickness hk of a laminate plate, ﬁgure 15, the displace-
ment ﬁeld {uk} can be described by
{u}k =
⎧⎨
⎩
uk
vk
wk
⎫⎬
⎭ =
⎧⎪⎨
⎪⎩
ut+ub
2
+ z ut−ub
h
vt+vb
2
+ z vt−vb
h
w
⎫⎪⎬
⎪⎭ (3)
where ub, ut and vb, vt represent, respectively, inplane x-displacements and y-displacements at
bottom and top interfaces while w represents the normal displacement.
From equation (3) it can be noticed that the continuity condition between layers is established
directly from the displacement ﬁeld deﬁnition.
The displacement ﬁeld (3) can be expressed through a set of generalized variables as,
{u}k = [N ]k {d} (4)
where [N ]k is an allocation matrix and vector {d} represents the generalized displacement ﬁeld
and is deﬁned as,
{d} = { w . . . ukb vkb ukt vkt . . . }T (5)
4.2 Strain and stress ﬁelds
The strain ﬁeld {ε}k for a generic layer is obtained from the displacement through the appli-
cation of a linear differential operator matrix [L] and it is expressed as,
887
J. Santos Silva, R.A.S. Moreira and J. Dias Rodrigues



 

 


	




(a)










	
(b)
Figure 15: Layer displacement ﬁeld
{ε}k = [L] {u}k . (6)
According to (4), the strain ﬁeld can be directly related to the generalized displacement ﬁeld
through the deformation matrix [B]k,
{ε}k = [B]k {d} (7)
where
[B]k = [L] [N ]k . (8)
The stress ﬁeld in the generic layer is determined from its strain ﬁeld and the material con-
stitutive relation represented by the constitutive matrix [D]k,
{σ}k = [D]k {ε}k (9)
If the layer material is frequency dependent, like cork compound layers in sandwich struc-
tures, and a complex modulus approach is adopted, the constitutive matrices become complex
frequency dependent and require a special solution method, like the direct frequency analysis
[11] to determine a frequency domain solution. Regardless the constitutive model approach and
solution method adopted, the ﬁnite element spatial model formulation is completely indepen-
dent of the viscoelastic constitutive relation.
4.3 Velocity ﬁeld
The velocity ﬁeld for a generic layer can be obtained by deriving the displacement ﬁeld
from (3) in order to time. Using matrix [N ]k, which relates the displacement ﬁeld with the
generalized displacements vector {d}, the velocity ﬁeld can be expressed as,
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{u˙}k = [N ]k
{
d˙
}
(10)
where
{
d˙
}
=
{
w˙ . . . u˙b v˙b u˙t v˙t . . .
}T represents the time derivative of the general-
ized displacements vector.
4.4 Strain energy
The laminate strain energy is given by summing up the contribution of each individual layer,
ΠP =
n∑
k=1
⎛
⎝1
2
∫
Ωk
{ε}Tk {σ}k dΩk
⎞
⎠ =
n∑
k=1
⎛
⎝1
2
∫
A
∫
zk
{ε}Tk [D]k {ε}k dzk dA
⎞
⎠ (11)
where A is the layer area, zk ∈
[−hk
2
, hk
2
]
and n denotes the number of layers.
Introducing the relation (7), the strain energy (11) can be rewritten as,
ΠP =
n∑
k=1
1
2
∫
A
∫
zk
{d}T [B]Tk [D]k [B]k {d} dz dA. (12)
4.5 Kinetic energy
Like the strain energy, the laminate kinetic energy is given by the sum of each layer kinetic
energy,
ΠK =
n∑
k=1
⎛
⎝1
2
∫
Ωk
{u˙}Tk [J ]k {u˙}k dΩk
⎞
⎠ (13)
where [J ]k represents the inertia layer matrix that is a diagonal matrix which terms are the
generic layer mass density ρk.
Inserting the generalized velocities on expression (13), the kinetic energy can be rewritten as
ΠK =
n∑
k=1
⎛
⎝1
2
∫
A
∫
zk
{
d˙
}T
[N ]T [J ] [N ]
{
d˙
}
dzk dA
⎞
⎠ =
n∑
k=1
⎛
⎝1
2
∫
A
∫
zk
{
d˙
}T
[J ]k
{
d˙
}
dz dA
⎞
⎠
(14)
where matrix [J ] is deﬁned as
[J ]k = [N ]Tk [J ]k [N ]k . (15)
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4.6 Virtual work of the surface loads
If the face layers of the layered plate are loaded by a normal distributed load {q} then the
virtual work δW done by this external load will be given by
δW =
∫
S
{δd}T {q} dS (16)
where S is the surface area of the distributed load and {δd} is the virtual displacement.
4.7 Variational formulation
In the derivation of the variational statement equivalent to the governing differential equa-
tions of motion, as well as the natural boundary conditions, the Hamilton’s principle is adopted.
Taking the kinetic and strain energies expressions as well as the virtual work, performing the
variation and an integration by parts, the Hamilton’s principle yields the variational statement
or the weak form of the governing differential equations, expressed as,
n∑
k=1
∫
A
∫
zk
{δd}T [J ]k
{
d¨
}
dzk dA+
n∑
k=1
∫
A
∫
zk
{δd}T [B]T [D] [B] {d} dzk dA−
∫
S
{δd}T {q} dS = 0
(17)
5 Multilayer ﬁnite element formulation
The proposed multilayer ﬁnite element is based on the 4-node isoparametric quadrilateral
element. The multilayer element is three-dimensional and described in the global cartesian axes
(X,Y, Z), its stiffness and mass matrices being computed in the local cartesian axes (x, y, z),
where the plane x−y is coplanar with the element face. The local geometry of the ﬁnite element
is mapped into a natural coordinate system (ξ, η, ζ), where the ζ direction is coincident with the
z direction, in which the standard set of bilinear interpolation functions are used to interpolate
the geometry and the generalized displacement ﬁeld within the ﬁnite element domain.
The elemental generalized displacements {de} are approximated through the set of interpo-
lation functions and the elemental vector of nodal displacements {dei} as follows,
{de} = [N ] {dei} (18)
where matrix [N ] is the so-called shape functions matrix.
5.1 Weak form ﬁnite element discretization
The global weak form stated in (17) can be expressed as a sum of the elemental integral
forms, allowing the deﬁnition of the matrices and vectors at the element domain. Therefore,
summing up the contributions of the nE ﬁnite elements, the discretized global weak form is
given by
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nE∑
e=1
⎛
⎜⎝{δdei}T
n∑
k=1
∫
Ae
∫
zek
[N ]T [J ]k [N ] dz
e
k dA
e
{
d¨ei
}
+ {δdei}T
n∑
k=1
∫
Ae
∫
zek
[N ]T [B]Tk [D]k [B]k [N ] dzek dAe {dei}
−{δdei}T
∫
Ae
[N ]T {q} dAe
⎞
⎠ = 0.
(19)
From the weak form ﬁnite elements discretization (19), the element mass [M e] and stiffness
[Ke] matrices, as well as the elemental load vector {f ei }, are deﬁned as,
[M e] =
n∑
k=1
[M ek ] =
n∑
k=1
∫
Ae
∫
zek
[N ]T [J ]k [N ] dz
e
k dA
e (20)
[Ke] =
n∑
k=1
[Ke] =
n∑
k=1
∫
Ae
∫
zek
[B]Tk [D]k [B]k dzek dAe (21)
{f ei } =
∫
Ae
[N ]T {q} dAe (22)
where [B]k = [B]k [N ] is the deformation matrix for a generic layer k of the multilayer ﬁnite
element.
In this ﬁnite element formulation, the shear locking is alleviated through the application of a
generalization of the MITC [12] approach to the layerwise model. Details on this strategy and
its implementation into the layerwise formulation can be found in [3, 4].
5.2 Equations of motion
The global semi-discrete equations of motion for the laminate or sandwich plate are obtained
by assembling the elemental matrices through the connectivity matrices that relate the global
degrees of freedom vector {di} with the elemental ones {dei}.
Since the intended main application of this multilayer ﬁnite element is the modeling of sand-
wich or layered composite plates with cork compound layers which properties are frequency
dependent, the global stiffness matrix will be frequency dependent and complex when a com-
plex modulus approach (CMA) is used. Therefore, the global equations of motion can be written
as [13],
[M ] {d¨i}+
(
[K] +
[
K¯ (jω)
]) {di} = {fi} (23)
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where [M ] is the mass matrix, [K] is the stiffness matrix of the laminate elastic layers and[
K¯ (jω)
]
is the frequency dependent stiffness matrix of the viscoelastic layers. The vectors
{di} and {fi} represent respectively the time dependent displacements and excitation forces at
the FE degrees of freedom.
6 Finite element analysis of the experimental samples
To verify the physical representativeness of the developed multilayer ﬁnite element as well
as the accuracy of the measured cork properties, a FEM analysis of the sandwich test samples
analyzed in section 2 was performed. A ﬁnite element spatial model was generated with 600
three layer elements (30 by 20 element mesh), allowing a mesh node to be coincident to the
location of point 17 depicted in ﬁgure 4 and where excitation was applied.
Using a complex modulus approach (CMA) and a direct frequency analysis (DFA) procedure
to include the frequency dependent properties of cork compounds, which are represented by the
identiﬁed complex modulus at section 3, the driving point mobility frequency response function
was generated in the bandwidth [0; 400] Hz for the three test samples.
In ﬁgures 16-18, a comparison between the FEM predicted and the experimental driving
point mobility function (Y17,17(ω)) is shown for the sandwich test samples PLT8003, PLT8123
and PLT8303.
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Figure 16: Comparison between FEM predicted and experimental driving point mobility of
PLT8003
6.1 Discussion of results
As it can be seen in ﬁgure 16, the ﬁve modes identiﬁed experimentally, for sample PLT8003,
are also visible in the FEM predicted mobility. For the ﬁrst three modes, the predicted mo-
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Figure 17: Comparison between FEM predicted and experimental driving point mobility of
PLT8123
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Figure 18: Comparison between FEM predicted and experimental driving point mobility of
PLT8303
bility is quite close to the measured one suggesting that for this frequency range, [0; 250] Hz,
the cork properties determined and the multilayer FE correctly describe the sandwich plate.
Above 250 Hz, apparently the predicted mobility does not follows the experimental one but the
natural frequencies predicted for the fourth and ﬁfth mode are not very far from the identiﬁed
experimentally, despite the fact of the FRF magnitude difference.
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In ﬁgure 17, the four modes of sample PLT8123 identiﬁed experimentally can also be found
in the FEM predicted mobility. In this case, the predicted mobility reproduces quite well the ex-
perimental one but, the increasing of difference while the mode frequencies increases suggests
that the material properties at high frequencies might not be as accurate as at the low frequency
range.
For sample PLT8303, ﬁgure 18, the predicted mobility presents all ﬁve modes identiﬁed
experimentally and the predicted FRF reproduced quite well the measured one, suggesting that
the accuracy of the cork compound properties determined for sample 8303 is very good and the
spatial FEM model is representative of the sandwich plate.
7 Conclusion
According to the obtained results, cork compounds can be used as an effective passive damp-
ing treatment in sandwich or multilayer structures, increasing the host structure damping capa-
bility due to its viscoelastic properties. Moreover, the experimental characterization methodol-
ogy of the frequency dependent cork compound properties allows an accurate identiﬁcation of
the extensional storage modulus and loss factor functions which can be included in the ﬁnite
element model for a direct frequency analysis evaluation of the frequency response functions.
Finally, the multilayer plate ﬁnite element hereby presented, which comprises an arbitrary num-
ber of layers, was experimentally validated through the comparison between FE predicted and
measured frequency response functions showing a good representativeness and adequacy to
model laminates and sandwich plates with cork compound cores.
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Summary. This paper deals with the design and optimization of a multi-functional vehicle
body panel. An existing vehicle design has provided functional design requirements regarding
acoustic, static, and dynamic behaviour with the aim to investigate the possibilities of replac-
ing a traditional design by a novel, multi-functional design and to analyze and optimize this
structure.
1 INTRODUCTION
Common to all vehicles which transport either people or goods, is the need for certain func-
tionality, such as e.g. protection and comfort, usually provided by a vehicle compartment, with
different requirements depending on the vehicle application. For a passenger carrying vehi-
cle, the compartment in general consists of the following components: body structure, acoustic
treatments, and interior trim. Traditionally, these components have been designed, produced
and assembled separately, each fulfilling different aspects of the protective functions, some-
times with considerable weight penalty but almost without exception with poor manufacturing
efficiency and ergonomics during assembly.
To alleviate this, an approach based on simultaneous consideration of several such functions
is investigated. The main objective is to investigate the potential benefits that may be realized
in a multi-functional, integrated multi-layered sandwich design. In this study, the performance
in terms of NVH (Noise Vibration and Harshness) and structural requirements of a proposed
multi-functional component is investigated in an automotive context.
The vehicle of study in this case is a Saab 9-3 SportCombi. In selecting a panel for the
study several areas of the vehicle were considered. The roof panel was chosen because it is
relatively simple geometrically and relatively platform independent. Other panels such as the
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hood, doors and floor panel were considered, but deemed too constrained by governmental
regulations [1, 2] and too geometrically complex for an initial study. The roof structure is also
subject to governmental requirements however to a lesser extent[3].
The roof construction is also an acoustically relevant panel. External noise can be carried
into the vehicle compartment via airborne paths such as leaky seals or via structural vibrations.
From an NVH standpoint, noise can be defined as audible sound within the frequency range
of 30-4000Hz and vibration as tactile vibration within the frequency range of 30-200Hz [4].
The air cavity within the passenger compartment of a typical European waggon type car will
have a first acoustic mode in the region of 65-75Hz [4] wich can be excited by vibrations of
adjacent panels causing discomfort for the occupants. Transmission of airborne noise into the
vehicle is prevented using materials with high sound absorption capability in strategic places.
Vibrations are suppressed by optimizing the structure and applying damping materials, of which
the necessary amount and location is difficult to calculate. The materials and construction of
the roof structure can directly effect the excitation of cavity modes and absorption of airborne
sound.
The current roof assembly of the vehicle consists of outer sheet metal, stamped steel cross-
members, dampening material, adhesive, sound absorbant, and a multi-layer inner roof liner.
In the current paper, two possible design concepts are discussed wherein the roof panel sheet
metal, cross beams located near the B and C pillars of the vehicle, as well as all damping
layers and the inner roof liner are replaced by a single sandwich construction. Two sandwich
configurations are proposed and described in detail in section 4. Both concepts are optimized
according to current design requirements and evaluated acoustically. Results of the optimization
and acoustic analysis are given as well as a discussion of their interpretation.
2 METHOD
To establish the current state of the art, acoustic testing was first performed on the roof con-
struction in-situ followed by a laboratory test of the isolated roof. These results are compared
in order to asses the baseline performance of the component.
NXNastran finite element analysis software was used to perform a wide variety of static and
dynamic analysis of the existing roof structure. Based on the data gained in testing and analysis
together with information provided in Saab’s own engineering documentation, a novel design is
suggested and the new panel is weight optimized against a set of static and dynamic constraints.
Advanced acoustic analysis of optimized panels was performed using a new software tool
for analyzing porous materials in Nastran.
3 DETERMINATION OF BASELINE SYSTEM CHARACTERISTICS
3.1 Acoustic Characteristics
The sound reduction index (SRI) is used to quantify the difference in sound power between
incident and transmitted sound waves through a medium. For these tests, a diffuse field is
assumed wherein sound waves are considered equally likely from all angles.
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The sound reduction index, expressed in 1
3
octave bands, obtained from [7] is calculated
according as
RI = Lp1 − LIn − 6− 10log(Sm
S
) dB (1)
where:
Sm = area of the measurement surface
S = area of the test specimen (Sm = S for these measurments)
Lp1 = average sound pressure in the source room
LIn = average sound intensity level over the scanned panel surface
3.1.1 Full Vehicle Testing
A sound source was fed with a signal in the frequency range 250Hz -10kHz in the form of
white noise. The average sound pressure was calculated by using microphones placed at 24
random locations during the course of testing. Sound transmission loss for the roof system
was measured by scanning the roof with a sound intensity probe according to international
standards[6]. Size constraints prohibited scanning of the entire roof at once, and so it was
broken up into 9 subsections. Subsections 1–7 were drawn out based on the location of cross-
beams and additional structure under the outer sheet metal. Subsections 8 & 9 are the centre
and edges of the roof panel. The roof was redundantly scanned in an attempt to see the effect
of sound leakage through door and window seals. Scanning was performed for two vehicle
configurations, one with the inner roof liner and one without the inner roof liner. Figure 1
shows the subsection layout for scanning.
Sound intensity for each subsection was measured and SRI for each section was calculated.
SRI for the entire roof is calculated using the area weighted average of the subsection values.
Figure 2 shows the calculated SRI for all 9 sections measured as well as the mean values for
sections 1–7 and 8–9. It should be noted that while values of SRI for each subsection are
included, due to the relatively small area and short measuring time these individual values
should only be considered for reference purposes.
In general, the trend for the individual sections agree with each other with the exception of a
few measuring points. The largest deviation from the mean values occurs for subsection 8 in the
region of 630hz, and subsection 7 from 1250Hz and upwards. A peak in absorption for sections
1,2, and 3 at the 800Hz measurement point can also be seen.
3.1.2 Component Testing
After full vehicle testing, the roof section was removed from the car and attached to a steel
frame. All glass openings were replaced with chip-board panels and thick sound insulation
material. This was done in an effort to eliminate any potential flanking transmission and allow
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Figure 1: Full Vehicle Testing setup at SAAB
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Figure 2: Sound Reduction Index measured at SAAB
a more isolated analysis of the roof construction. The structure was mounted between the
reverberant and anechoic rooms at the Marcus Wallenberg Laboratory for Sound and Vibration
Research (MWL) at KTH with the exterior section of the roof facing the reverberant room.
Figure 3 shows the roof as mounted in MWL for testing. A sound source in the reverberant room
was fed using a signal between 100Hz-5khz in the form of white noise. Average sound pressure
levels in the reverberant room were measured using the rotating microphone. Measurements
were performed in according to international standards[7].
In the laboratory it was possible to measure the entire inner roof at once in addition to the
individual subsections. This enables SRI to be measured directly rather calculated as a sum of
weighted averages. Figure 4 shows a comparison of SRI for the roof as tested in MWL, and the
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Figure 3: Roof mounted in MWL for testing
results of full vehicle testing at SAAB, both with and without the interior roof panel.
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Figure 4: MWL Lab and SAAB full vehicle comparison
From the curves in figure 4 it can be seen that up to 1.6kHz, there is very good agreement
between the full vehicle testing performed at SAAB and the laboratory testing performed at
MWL. Above 1600Hz there is significant deviation between the laboratory measurements and
the mean value calculated from the full vehicle testing. Initially, it was thought that leakage
through window and door seals was the cause of this discrepancy. While there may still be
some leakage through these seals, some brief calculations show that the glass in the windshield
and side windows may be a larger contributor. Glass has a reduced sound reduction index
compared to the full roof structure in the frequency range in question. Whatever the source, an
indicator that sound leackage takes place can be seen in subsection 8. This section is measured
further away from the glass surfaces and any potential leakage sources and shows a higher
sound reduction index through the frequency range in question. For the laboratory case where
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the glass was removed and replaced with chip board and sound insulation, the curve does not
deviate as in full vehicle testing. For reference purposes,the curve for sound reduction index
without the inner roof panel as obtained at Saab is also included.
3.2 FE Static/Dynamic requirements
In order to establish a complete set of design requirements for the replacement roof system,
it was necessary to evaluate the existing construction. For this purpose, a complete Nastran
finite element model was provided by SAAB Automobile as well as comprehensive design doc-
umentation. From this documentation, two specific design criteria were chosen to be examined
in this study.
External bodywork is required to fulfil a ”palm loading test” wich simulates the load applied
by a customer washing the vehicle. Under a defined load, the deformation of the panel must
not exceed predefined magnitude and no residual deformation may be present after the load
is removed. Dynamically, a local panel mode criteria is also defined stating the minimum
allowable natural frequency for a body panel.
These structural characteristics were studied by way of finite element calculations using
the model provided by Saab. Stiffnesses and deformation behaviour of additional components
targeted for replacement but not defined by the chosen requirements were also studied. Ad-
ditional simulations under differing loading and boundary conditions than those specified in
design documentation were also performed to obtain a general understanding of the total struc-
tures behaviour. All of this information was used to create a basic starting point for creating a
new roof system.
4 New Roof Structure
Both of the proposed concepts consist of four layers; two external skin panels with typical
aluminium properties, one layer of structural foam with properties of Divinycell H100, and one
layer of acoustic foam, see Figure 5. One concept is symmetric with respect to face sheet prop-
erties, and one nonsymmetric. The nonsymmetric configuration is perforated on the side facing
the passenger compartment, and solid at outer finish surface. Geometry of the perforations is
also shown in Figure 5
4.1 Structural Modelling
For the initial calculations the acoustic foam is given a fixed thickness of 15mm. The acoustic
foam modelled is considerably softer than the structural foam, having a Youngs modulus in the
range of 0.1 MPa. This leads to a resulting sandwich panel that is distinctly non-typical of
most structural sandwich panels. Perforations are advantageous from an acoustic perspective
because a proportion of incident sound waves pass into the structure and are absorbed rather
than reflected. The higher degree of perforation, the higher the acoustic absorption (see figure6),
however the structural capability is obviously reduced.
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Figure 5: The Four Layer Sandwich Structure and Perforation Geometry
Figure 6: Incident sound wave behaviour for non-perforated and perforated face sheets
For a panel perforated with circular holes in a rectangular pattern as in Figure 5, the relative
density can be calculated as follows [9]:
ρ∗
ρ
= 1−
[
π
8
(
1− Sx − 2d
Sx
)(
1− Sy − 2d
Sy
)]
(2)
Additionally, from [9] we can extrapolate an equation for the relative youngs modulus of the
material:
E∗ =
E
1− πd2/ (√3Sx2)
(
1− π
2
√
3
(
1− Sx − d
Sx
)2)(2Sx−d)/(0.8Sx)
(3)
To obtain a value for the effective poissons ration, data from [8] was used to extract a value
for the given ratio of Sx−2d
Sx
/Sy−2d
Sy
. In this case, a value of ρ∗
ρ
= 0.45 was used. These equivalent
properties were used to model the perforations in the second panel configuration.
An FE model of a sandwich panel was constructed by extruding the mesh for the outer
sheet metal in the existing roof. Each panel was modelled using approx. 235000 3D CHEXA
elements [12]. Translational DOF 1,2,3 were restricted for all nodes along the sides and rear of
the panel and along the bottom-most row of nodes across the front of the panel. This boundary
condition was meant to approximately simulate of a panels in-service condition. A comparison
of modal behaviour with the existing structure showed good agreement.
5 Structural Optimization
Both panel configurations were weight optimized using the method of moving asymptotes[10].
The optimization and mesh morphing software package Ropt created by Alfgam Optimering
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AB1 was used. Constraints were placed on the static displacement under load as well as the fre-
quency of the first mode of the panel. Thickness of the internal face sheet,external face sheet,
and structural foam were chosen as design variables. Changes in thickness were evenly dis-
tributed through each of the element layers in a given material. A lower limit for each layers
thickness was defined so that the aspect ratio of CHEXA elements would not exceed 50.
An essentially static optimal solution was attained within 10 iterations for both configura-
tions. Figure 7 shows the mass of the panel during optimization.
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Figure 7: Mass of panel during optimization
Table 1: Optimized Panels Dimensions and Mass
1www.alfgam.se
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Table 1 shows the final thickness of the optimized panel. Inner and outer face sheets for both
panels were reduced to the minimum allowable thickness. Thickness of the structural foam
varied approximately 2.60% between the perforated and non perforated panel. Acoustic foam
thickness was held constant at 15mm. Final mass of the panels varied by approximately 4.65%.
Results show that static displacement rather than natural frequency was the limiting factor for
the optimization of the panels. Both panels fulfilled displacement constraints and exceeded
frequency constraints by approximately 15%.
6 ACOUSTIC ANALYSIS
Acoustic analysis of the two optimized panels was performed using NXNastran in addition to
the software CDH\EXEL by CDH AG. An air cavity model of the vehicle’s passenger compart-
ment was created wich followed the internal geometry of the BIW and roof panel. The cavity
was mesh incompatible (i.e. no coincident nodes or elements) with the roof and consisted of
approximately 1.7 million CTETRA elements.
Standard Nastran treats fluid elements and structural elements separately linking the transla-
tional degrees of freedom in a solid element to the first translational degree of freedom in a fluid
element wich is interpreted as pressure [11]. Coupling of the fluid elements to the structure
may be performed using automatic coupling algorithms within Nastran [13] or with external
plug-ins. However, including also the volumetric coupling and the pressure fluctuations within
a porous material, is not readily accessible in standard Nastran.
Here a recent module integrated with Nastran was used, CDH\EXEL , which augments the
standard functionality of Nastran in coupled fluid – structure analysis by adding a fourth DOF to
solid elements matrices representing open cell porous materials. Frequency dependant material
properties can also be defined in a way not previously possible with Nastran. The augmented
structural elements matrices are used to calculate the effects of fluid pressure within a porous
media. Special algorithms to obtain coupling elements between the solid elements of a fluid
cavity and the porous media are used. For a given node in the porous solid, the resulting DOF
matrix will appear as in equation (4)
⎡
⎢⎢⎣
Nastran
solid Dij(ω) +
Exel
solid Dij(ω) symm
Exel
couplingD4j(ω)
Exel
fluidD44(ω)
⎤
⎥⎥⎦
inode
jnode
(4)
The acoustic foam in both panels is modelled using the porous, elastic solid model. The per-
forated inner panel is also modelled as an elastic porous material. Properties such as frequency
dependancy and flow resistivity come from laboratory testing performed at KTH.
The analysis performed is approximately equivalent to the full vehicle laboratory tests. A
source is placed on a node within the air cavity in the region of the driver head, and excited at
a certain frequency. Figure 8 shows the comparison of sound levels within the cavity for both
panels. The perforated inner surface reduces the interior sound pressure levels by an order of
magnitude, compared to the solid surface.
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Figure 8: Acoustic pressure responses of the interior cavity for the two roof panel configurations studied at a
frequency of 250 Hz.
Figure 9 shows the vibration displacement response of the two roof panel configurations
studied here. Note the large difference in vibration amplitude, which is several orders of mag-
nitude between the two cases, with the perforated panel vibrations being considerably lower.
The changed stiffness of the complete, unsymmetric sandwich with perforated inner face, also
changes the dynamic response of the whole roof.
Figure 9: Vibration response of the two roof panel configurations for a frequency of 250 Hz.
As mentioned above, the perforation serves to introduce absorption to the interior acoustic
field. However, it also reduces the structural-acoustic coupling between the inner panel surface
and the passenger compartment cavity. This effect can be readily observed in Figure 9, and is the
main reason for the substantial reductions observed. Obviously, the stiffness of is diminished
and this is one of several conflicting mechanisms in the current problem.
7 DISCUSSION OF RESULTS
The structural optimization performed in this study yields a panel capable of fulfilling two
critical design criteria at a vastly reduced mass compared to the current design. These criteria
are however, not sufficient to completely define the requirements of the component. Addition-
ally, while the loading conditions used in simulation are correct according to Saabs specifica-
tions, the simplified boundary conditions are not necessarily representative of the panels in-
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service conditions. From a practical perspective the face sheets dimensions are not reasonable.
The presented panels would be extremely sensitive to local impacts, and have poor durability.
One conclusion that could be drawn out of this optimization is that the material used is
overly stiff and a weaker, lighter, cheaper material might be of interest. Alternatively, as the
structural foam in this case no doubt caries a large amount of load, a weaker and lighter version
of sandwich foam may be of interest.
Acoustic analysis shows that, despite a tremendous reduction in weight, and thus inertial
damping, the optimized panels are capable of performing on nearly the same level as the current
construction. However, the high degree of perforation used, rendering the panel almost totally
acoustically transparent, could most probably be reduced.
8 FUTURE WORK
In future work, it is planned to increase the number of design variables within the optimiza-
tion as well as to include the acoustic evaluation as part of the design cycle. Studies are planned
to explore the effects of the acoustic foam layer thickness, perforation size and geometry on
the panels structural and acoustic performance. The panel should also be modelled within the
framework of the existing full vehicle model and its structural performance evaluated. This
should take into account both static and dynamic structural performance. In the present study,
the inner sheet is only loaded in tension which is beneficial for the analyses and other load cases
should be considered. Additional engineering materials such as fibre reinforced composites will
be examined for applicability to the face sheets.
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Summary In this work, the inherent vibration damping mechanism in sandwich panels, 
including those with both aluminium and carbon fibre-reinforced plastic (CFRP) skins, is 
considered. It is first shown how the theoretical modal properties of the sandwich panel can 
be predicted from the stiffness and damping properties of its constituent components using the 
basic laminate theory, a first order shear deformation theory and a simple discretization 
method. Next, a finite element transcription of this approach is presented. It is shown to what 
extent this method can be implemented using a finite element software package to predict the 
overall damping value of a sandwich honeycomb panel for each specific mode. 
1 INTRODUCTION 
In aerospace applications, there are many environmental inputs which can either limit 
performance or make it uncertain. An important consideration is the response to vibration 
excitation due to wind loading, gusts, or engine sources due to gas turbine or launch rocket 
excitation.. These excitations contain frequencies over a wide range, thus making it 
impossible to avoid coincidence with natural frequencies of the structure. These coincidences 
lead to resonance with the consequent build up of harmful levels of vibration. The only 
control against high levels of resonant vibration is damping; if the damping is too low, fatigue 
damage or malfunction of electronic components can occur. Damping arises from the material 
itself, acoustic radiation, friction at joints, or added damping treatments. In space or at high 
altitudes, acoustic radiation is small to zero. Frictional losses imply slipping which is to be 
avoided as it leads to fretting fatigue. Damping treatments add unwanted mass.
Fortunately, even advanced composites such as CFRP have significant damping properties 
compared with aerospace metals. This is due to the polymeric matrix. However, there is a 
complication. Just as strength and stiffness characteristics are anisotropic, so are the damping 
properties. Also, when multidirectional laminates are used, the laminate damping is a 
complex function of lamina orientation and position. Prediction of laminate damping is 
possible provided the damping and moduli of the individual laminae are known. However, 
when used as a sandwich panel with two skins and a lightweight [usually honeycomb] core, 
the predictive technology has to be considerably revised to allow for the dynamic properties 
of the core and the fact that it is dimensionally so much thicker than the skins. The objective 
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of this work is to show composite/honeycomb/composite plates. Eigen frequencies and 
damping values predicted by a Rayleigh-Ritz method and a NASTRAN finite element 
program will be compared with experimental results.how to predict the damping of sandwich 
panels together with the natural frequencies [which is a rather easier task].  Examples will be 
given for several composite/honeycomb/composite plates. Eigen frequencies and damping 
values predicted by a Rayleigh-Ritz method and a NASTRAN finite element program will be 
compared with experimental results. Excellent agreement will be demonstrated. 
By using these proven predictive techniques, the designer can now safely calculate the 
contribution to the overall structural damping of the CFRP and core. He can therefore decide 
whether it is necessary to add further damping, such as using constrained layer treatment, and 
how much of it, thus minimising the added mass and improving the performance of the 
composite structure. 
2 THEORY 
Definitions and assumptions 
The measure of damping used here is the specific damping capacity, SDC, defined as the 
ratio of the energy dissipated per cycle in the material to the maximum strain energy reached 
in one cycle of vibration. Thus, 
U
U
'<  (1)
Ȍ is related to other commonly used damping parameters such that 
2 2
2 n c
f c
f c
GK ]
S S
< '     (2)
where Ș is the loss factor, į is the logarithmic decrement, c is the viscous damping coefficient, 
ȗ is the proportion of critical damping cc, fn is the natural frequency and ǻf is the bandwidth of 
the amplitude versus frequency response curve at 1/ 2  of the resonance amplitude. 
A strain-rate independent damping mechanism can be assumed for carbon fibre composites 
and honeycomb [2],[3]. Thus, both of the terms in equation (1) can be computed solely from 
the nature of the modal deformation (mode shape), and the modulus and damping values in 
the fibre direction and transverse to this direction (axes 1, 2 and 3 in Fig. 1). 
It is assumed that there exists mid-plane symmetry through the thickness of the sandwich 
in terms of material and geometry, and also in terms of the orientation of any orthotropic 
constituent parts. It is also assumed that the sandwich consists of two uniform skins of high 
normal stiffness and a uniform core which is of sufficient rigidity to render the sandwich mid-
plane as the neutral bending axis of the whole sandwich cross-section. 
A Mindlin-type, first order shear deformation predominates in the sandwich plate, in which 
case the total rotation of the plate cross-sections will consist of not only the rotation due to the 
bending slope but also the rotation due to the interlaminar shearing in the plate. In this 
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situation, and for small lateral deformations, a straight line normal to the mid-plane before 
deformation will remain straight but no longer normal after deformation. We take a simplified 
approach in estimating the strain energy of a sandwich with thin, layered FRP skins, in that 
we treat the sandwich as a whole as consisting of ‘layers’ of transversely isotropic materials, 
albeit of different mechanical properties and geometry. In so doing, however, we apportion 
the strain energy generated due to the in-plane deformations solely to the skins, and the strain 
energy generated due to the out-of-plane deformations solely to the core. In effect, the in-
plane stresses of the sandwich core, and the transverse shear stresses in the sandwich skin are 
all assumed to be negligible. The first simplification is only justifiable for a shear-soft 
sandwich, which is normally the case with practical sandwich materials. The second 
assumption is only justified when there exists a sufficiently high ratio of the skin/core 
thickness. It should be emphasised that due to the particularly low interlaminar shear modulus 
of the FRP materials, the interlaminar shearing of relatively thick, laminated sandwich skins 
or, by extension, of thick laminated plates cannot in general be ignored without incurring 
serious loss of accuracy in the results. 
Finally, and in correspondence with an assumed Mindlin-type first-order shear deformation 
in the two-dimensional plate, we follow the approach taken by Dawe and Roufaeil [4] and by 
Craig and Dawe [5] in using the equivalent one-dimensional displacement functions, namely 
the Timoshenko beam equations, in the Rayleigh-Ritz expansions. 
On subjecting the plate described above to bending only, one may write 
( , )xu z x y\ (3.a)
( , )yv z x y\ (3.b)
( , )w w x y (3.c)
where u and v are displacements at a distance z through the thickness along the x and y
directions respectively, w is the mid-plane displacement in the z direction, and \x and \y are 
the total rotations along the x and y directions respectively (Fig. 1). 
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Fig. 1.  Plate coordinates and lamina orientation: 1, 2 and 3 relate to the fibre direction in a lamina; x, y, and z 
relate to the major axes of the plate 
Development of the energy expressions 
Strain energy 
Denoting the co-ordinate system of any orthotropic material in the sandwich by 1, 2, and 3
(Fig. 1), and assuming that the through-thickness strain is negligible, then the strain energy of 
the plate is given by 
1 { } { } ( 1, 2, 4, 5, 6)
2
T
i iv
U dv iV H  ³ (4)
in which 
{ } [ ]{ } ( , 1, 2, 4, 5, 6)i i j jQ i jV H  (5)
and
1
2
4
5
6
{ }i
z
z
z
F
F
H F
F
F
­ ½
° °
° °° ° ® ¾
° °
° °
° °¯ ¿
(6)
and the matrix [Qij] is a symmetric matrix whose components consist of the on-axis, reduced plane 
stress stiffness matrix (i, j=1, 2, 6), as well as the transverse shear stiffness terms (i, j=4, 5).
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Damping energy 
Assuming that the damping energy is the sum of separable energy dissipations due to the 
individual strain components [6], then the total dissipated energy for the five stress 
components considered in the present analysis is given by
1 { } [ ]{ } ( 1, 2, 4, 5, 6)
2
T
i iv
U dv iV \ H'   ³ (7)
where the damping matrix [\] is the diagonal matrix 
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« »¬ ¼
(8)
whose components quantify the proportion of the energy loss in each cycle of vibration due to 
each stress component. 
The development of the expression for damping energy in equation (7) is similar to that 
for the strain energy, and it will not be reproduced here for brevity reasons.  
The Rayleigh-Ritz energy minimization method 
The Rayleigh-Ritz method is covered extensively in the literature. A detailed account for 
isotropic plates has been given by Young [7] and for anisotropic plates by Ashton and 
Waddoups [8] and by Ashton and Whitney [9]. The method involves expressing the lateral 
deflection of a rectangular plate in terms of suitable beam functions in the x and y directions. 
On subsequent minimisation of the total energy of the plate, the plate modal properties 
including modal frequency and deformations (mode shapes) are obtained. 
The Rayleigh-Ritz trial functions in the present case are given by Craig and Dawe [5] as 
1 1
( , ) ( ) ( )
M N
mn m n
m n
w x y a w x w y
  
 ¦¦ (9.a)
1 1
( , ) ( ) ( )
M N
x mn m n
m n
x y b x w y\ \
  
 ¦¦ (9.b)
1 1
( , ) ( ) ( )
M N
y mn m n
m n
x y c w x y\ \
  
 ¦¦ (9.c)
in which amn, bmn and cmn are unknown coefficients to be determined through the minimisation 
of energy, and w and ȥ are the Timoshenko beam functions satisfying the free-free boundary 
conditions (these are the boundary conditions applicable to the present work) 
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Finally, the kinetic energy is given by 
3
2 2 2 21 ( ( ) ) .
2 12 x y
hT hw dU U \ \ Z
:
   :³ (10)
In a similar manner, following the substitution of the trial functions (9) in equation (10) 
and rearranging so that the functions of x and y are separated into their respective integration 
domains, the following expression can be obtained for the kinetic energy 
3
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TheFinite Element Approach 
A finite element approach allowing the determination of the specific damping capacity of a 
damped layered composite panel has been proposed by Maheri and Adams [10]. This method 
can be applied to a honeycomb sandwich panel with composite or aluminium skins.  
The strain energy U is then calculated using the following expression 
1{ } [ ]{ }
2
TU KG G (11)
where {the elemental division integrated over the total volume of the structure.į} are nodal 
displacements and [K] the structural stiffness matrix. 
We use here the fact that a mean elasticity matrix [Dm] can be used to assemble the [K]
matrix with the conventional formulation 
[ ] {[ ] [ ][ ]}T m eV eK B D B dV ³ (12)
where [B] is the strain-displacement matrix and the suffix e refers to 
To calculate the dissipated energy ǻU using a finite element software package, the damped 
structural stiffness matrix [Kd] must be first assembled. This could be done easily if the [ ]R
matrix can be made symmetric.  
The relatively negligible  16[ ]
m
dD , 26[ ]
m
dD , 61[ ]
m
dD  and 62[ ]
m
dD  terms can be ignored and the 
quite small 12[ ]
m
dD  and 21[ ]
m
dD  terms can be averaged such that 
12 21
12 21
[ ] [ ][ ] [ ]
2
m m
m m d
d d
D DdD D   (13)
With such modifications, the damped mean elasticity matrix is indeed symmetric. 
Using this justified approximation, we now define the equivalent damped elastic properties 
of the skins as 
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and of the core as
*
44[ ]
m
xz dG D ,
*
55[ ]
m
xy dG D (15)
This method allows, with the same finite element model and with two different sets of 
material, data to solve on one hand the eigenvalue problem giving frequency, nodal 
displacements and strain energy for each mode using the software functionality, and on the 
other hand a damped structural stiffness matrix [ ]dK  taking into account modified equivalent 
damped materials. A last matrix calculation using the nodal displacements gives ǻU and so Ȍ
for each mode.
3 EXPERIMENTAL 
Tests were carried out on two systems of mid-plane symmetric rectangular sandwich 
plates, namely sandwich plates with CFRP skins, and sandwich plates with aluminium skins, 
both systems having the same low density, aluminium honeycomb (HC) material as their 
core. Each composite skin consisted of only 3-plies of CFRP material, with a skin/core 
thickness ratio of 80 (in the case of the aluminium skins, this ratio was 60). Also, in both 
systems, the core orthotropic axes were aligned along the plate axes. 
The experimental work essentially consisted of two parts. First, dynamic tests were carried 
out on the constituent parts of the sandwich panels in order to determine their moduli of 
elasticity and SDC. These data were then used to predict the modal characteristics, as 
described above.  Free-free modal tests were then carried out on sandwich panels as a whole, 
and the experimental results were compared to the theoretical predictions.  
The constituent elastic and damping data were determined in correspondence to the 
prevalent mode of deformation in the constituent parts when the sandwich is loaded laterally. 
That is, the skin material was tested for its in-plane properties, whereas the core material was 
tested for its transverse shear properties. 
Sandwich plate modal properties 
The sandwich plates were subjected to free-free modal tests. The free-free plate modal tests 
are primary used for qualitative purposes and are aimed at establishing the damping properties 
of the typical plate under various modal deformations. 
Unless otherwise stated, the tests were carried out using the test method described by 
Maheri and Adams [1,10]. Both bandwidth and free-decay methods were used for the 
damping measurements, the choice of the method being dependent on the suitability of each 
method for each particular test. Furthermore, in all the plate tests, the linearity of the variation 
of SDC with displacement amplitude was verified by using a simple and quick method in 
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which the output voltage from the vibration pickup device was observed to vary linearly with 
the input current to the vibration drive device. 
The experimentally obtained modal characteristics were subsequently compared with 
theoretically predicted results and NASTRAN finite element model results. The mode shapes 
shown in the following results are all theoretical mode shapes although, as will be explained 
later, in most cases these could  be verified experimentally.
Sandwich with CFRP composite skins 
In testing composite skin sandwich panels, substantial damping was observed which was 
not predicted by theory. As the results in Table 1 show, there is a large discrepancy between 
the experimental and the predicted damping results, especially in the second mode. The 
amount of damping in the subsequent modes was so large that it effectively hindered 
obtaining the resonance frequencies and mode shapes with any degree of certainty. However, 
as the table shows, the frequency values of those modes that could be established 
experimentally, namely the first and the second mode, are reasonably close to the theoretical 
values.
Mode
shape
Experiment 518 779  
Freq. (Hz) 
Rayleigh-Ritz  
Method 531 816 989 1259 
Experiment 3.79 15.1  
SDC  (%) 
Rayleigh-Ritz 
Method 1.38 0.83 0.84 0.94 
Table 1.  Modal results of the SP1-1 plate, tested in air 
The large amount of damping was attributed to air-damping (see below). To verify this, a 
test was conducted in a vacuum chamber whereby the pressure was reduced to 1 millitorr in
several steps; at each step the SDC of the second mode of vibration of the plate was 
measured. Because of the size limitation of the vacuum chamber, the size of the plate was 
reduced from a 500(mm) to a 400(mm) square plate, the latter referred to here as the SP1-2 
plate. The test results are plotted in Fig. 2. 
As the test results in Fig. 2 show, in this particular case, air-damping has caused an almost 
3-fold increase in the SDC, while the frequency has fallen by about 2%. 
Generally, if a stiff, heavy plate vibrates in air, there is little or no effect of the air on the 
natural frequencies and damping. Even in water, the effect can be very small. However, when 
a ‘light’ plate vibrates, the mass and stiffness of the adjacent air can be significant, and 
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acoustic radiation (air-damping) can account for a large proportion of the vibrational energy. 
The effect is pronounced when the dimensions of the plate (and hence also the nodal patterns) 
are in approximate coincidence with the wavelength of sound waves in air. At 1000 (Hz), the 
wavelength of these sound waves is approximately 330 (mm), which is close to the plate 
dimensions. At reduced pressure, the acoustic radiation is reduced. 
Following the above test, all the modal tests on the plate were conducted in vacuum. The in-vacuo
results are given in Table 2. 
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Fig. 2  Variation of damping and frequency with air pressure for the second mode of the SP1-2 plate with CFRP 
skins (+60, 0, 60) and aluminium honeycomb core.  SDC ;   frequency 
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Mode
shape
 Experiment 757 1202 1471 1755 
Freq.
(Hz)
Rayleigh-Ritz  
method 796 1221 1469 1817 
NASTRAN
model 750 1140 1381 1655 
 Experiment 1.11 1.51 1.06 1.21 
SDC
(%)
Rayleigh-Ritz  
method 1.39 0.84 0.84 0.94 
NASTRAN
model 1.03 1.00 0.76 0.97 
Table 2.  Modal results of the SP1-2 plate, tested in-vacuo
4 CONCLUSIONS 
It was shown that it is possible to predict modal characteristics, including damping, of 
practical sandwich panels using basic laminae theory and a simplified plate deformation 
analysis. A first order shear deformation theory was used, although the transverse shearing in 
a relatively thin sandwich skin was considered to be negligible. Test results tend to suggest 
that this was a justified assumption, at least in so far as modal characteristics of thin-skinned, 
free-free sandwich panels are concerned. 
The Rayleigh-Ritz expressions used for the present case are a fairly straightforward 
extension of the classical method, namely the addition of the two transverse shear rotations to 
the lateral displacement as the trial functions. Although the derivations and subsequent 
computer codification are inevitably more voluminous, and notwithstanding the fact that the 
application of the method is limited to rectangular plates, this numerical method is known to 
be fast and accurate where it can be applied. 
A finite element approach using NASTRAN software package capabilities has also been 
used and gives results which are close to the Rayleigh-Ritz and experimental values. 
In modal testing of the sandwich panels, it was shown that these experienced enormous 
damping when tested in air, owing to acoustic radiation. It was concluded, therefore, that in 
order to obtain data for modal damping due to the inherent damping of the material in 
sandwich panels, which data that should be of particular interest in space applications, tests 
will have to be carried out in-vacuo.
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Both the analytical Rayleigh-Ritz method and the NASTRAN finite element approach 
have given quite satisfactory results for both frequencies and specific damping capacities for 
specific free-free in-vacuo tests using two kinds of ALCATEL SPACE sandwich aluminium 
panels (aluminium skins and CFRP skins).
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Summary: This document examines the question if the two manufacturing processes of join-
ing by clinching and by center-punching can be used for joining sandwich elements. The 
characteristics of the two joining processes are analyzed. Principle solutions are developed 
following the design methodology of Pahl et al. [1, 2]. Proof of feasibility is given by the im-
plementation of the results in a prototype. 
1 INTRODUCTION 
Kempf has developed a mechanical joining technology for sandwich elements [3]. It aims 
for avoiding the disadvantages of existing technologies. Welding or brazing can lead to 
changes in the material structure due to the application of heat. The use of adhesives requires 
a precise fixation of the joined parts during setting. Bolts work with an elastic elongation; a 
certain clamping length as well as a high force to achieve this elongation is needed, making it 
an impracticable joining process for sandwiches. 
1.1 Preliminary work 
The development and evaluation process in [3] is characterized by a systematic approach 
based on the design methodology of Pahl et al. [1, 2]. The results are 18 possible principle 
solutions for a mechanical joining technology for sandwich elements. These principle solu-
tions were classified in six groups according to characteristics of the underlying joining pro-
cesses. For five groups mathematical descriptions of the behavior under loadings were defined 
and finally prototypes were built [3]. The sixth group – the so-called “low-cost connectors” – 
was evaluated separately [4]. The results of this evaluation of using clinching and center-
punching as joining methods for sandwich elements are presented in this paper. The deno-
tation “low-cost” has been chosen because the focus here lies on methods which allow a quick 
connecting of sandwiches without extensive and time-consuming preparation steps such as 
cleaning. Also, costly fastening elements such as special bolts are not required. 
1.2 Terminology and constraints 
Figure 1 explains the terminology of the joint. The core material is removed in the area of 
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the joint and the sandwich faces are inserted between the tongues of the connecting element. 
The term of fastening element denotes the location of the clinching respectively the punching. 
Thus, the following considerations focus on sandwiches with metal faces. The approach that 
has led to this design of the joint is described in [3, 6]. Furthermore, for economical reasons 
the preferred manufacturing process for the connecting element is extrusion. 
Figure 1: Terminology of the joint
3 CLINCHING 
Clinching is defined as a manufacturing process for joining sheet metal parts, pipes or 
profiles by forming them [5]. In practice, there are several clinching methods that differ in 
various aspects. Usually two sheetlike parts of metal are joined by being pressed into the 
cavity of a die by a punch. The knowledge about the differences and the particular character-
istics of the different methods is necessary for an evaluation of clinching for the given task. 
3.1 Classification of clinching methods 
The clinching process can be characterized by the kind of the die (with or without moving 
parts), the shape and the kind (with or without cutting of the joining partners) of the fastening 
element and the kinematics of the process (single-stage or multi-stage) [4]. 
Dies with or without moving parts differ in the way that in the first case, the actual die is 
surrounded by several die plates which will move sideward when the punch draws the join 
partners into the cavity. During this process, the material at the clinching location can be cut, 
partly cut and formed or only formed depending on the geometry of the die. Tools without 
moving parts however only consist of a solid die with a fixed cavity. Here, the connection is 
usually established by forming and not cutting the material. 
The kinematics of the clinching process can vary in the number of stages. For single-stage 
methods usually the punch drives into and out of the cavity in a single, continuous motion. In 
contrast multi-stage processes involve punch and die and consist of at least two separate 
motions.
Another differentiation factor is the fastening element. Depending on the clinching tech-
nology the join partners may both be cut (cp. fig. 2, right) or only be formed during the 
clinching process (cp. fig. 2, left). There are also technologies where only the die-sided 
partner is cut while the punch-sided partner is formed. Considering the shape, the fastening 
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elements can be round, oval, cross-, star- or bar-shaped. 
In addition, a clinching method has been developed which makes it possible to join a well-
formable part with a join partner that is difficult to form. This allows clinching parts that are 
too thick or materials that are too brittle for common clinching methods. For this method 
holes are drilled into the non-ductile partner first. Then the clinching process is carried out, 
this time however only forming the ductile material into the holes of the pre-drilled partner. 
3.2 Characteristics of the fastening element 
Single-stage clinching methods and those that have a die without moving parts use a set of 
tools that is customized to the thickness of the joining partners. A change in thickness or 
material of the joining partners necessitates a change of the clinching tools. Multi-staged 
processes and those that have a die with moving parts are more tolerant in this respect. 
The fastening element of all clinching methods is characterized by an undercut (see fig. 2). 
This mechanical interlock between the joining partners originates from a plastic deformation 
of the material during the clinching process. Due to the shape of the die and the pressure of 
the punch some material of the upper joining partner is formed in a way that it flows under-
neath the lower joining partner. The result is a connection which is tension-proof even in axial 
direction.
Figure 2: Relevant parameters of clinching elements [4]
The tensile strength of a clinched connection depends on the size of the undercut. In prin-
ciple, the bearable axial load increases with the size of the undercut. The same tendency holds 
true for the resistance of the connection to static loads. For the resistance to shear loads and 
dynamic loads however the thickness of the neck is crucial. For dimensioning circular clin-
ching elements eq. 1 can serve as compromise between those two contrary requirements [4]. 
(1)
Besides, the bottom thickness can be used to measure the quality of a clinching element 
non-destructively. It should fulfill one of the following equations depending on the shape [4]: 
for round clinching elements (2)
for angled clinching elements (3)
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3.3 Characteristics of clinching as manufacturing process 
Clinched parts are permanently connected. The connection combines the advantage of 
form fit – the transmission of high loads – and the advantage of a frictional connection – free-
dom of play. The joining partners – ferrous and non-ferrous metals – can differ in thickness 
within a range from about 0.6 mm to 8 mm for steel and up to 11 mm for aluminum [4]. 
Using the clinching method with pre-holes (see above) it is even possible to join a sheet-metal 
with plastic materials, brittle parts or also very thick parts like sandwiches. The surface of the 
joined parts is not impaired by clinching and can be of any treatment, e. g. coated, anodized or 
even oiled. Clinching necessitates no preparation of the surface prior to clinching. Another 
asset is that intermediate layers can be put between the actual parts. Those layers can for ex-
ample serve as insulation. Refinishing or reworking of the connected parts is not necessary, 
too. In case of clinching methods that do not cut the connected parts the connection is gas- 
and liquid-tight. The greatest disadvantage of clinching is the necessary high joining force. In 
single applications, it can be as much as 120 kN. For common usage it still ranges between 40 
and 50 kN [4]. 
Due to the multitude of different clinching technologies with different parameters, an exact 
calculation of the strength of the connection is difficult. Furthermore most knowledge about 
seems to be owned exclusively by the companies offering clinching technologies. Different 
influences on the strength of clinched connections have been discussed in [4]. 
3.4 Conceptual design and evaluation 
The present problem of the structural design of a connecting element is characterized by 
the fact that the joint is accessible only from one side. However, all known clinching techno-
logies analysed above use a two-piece tool-kit consisting of a punch and a die. This neces-
sitates access to the joint from both sides. Thus for a possible solution, the die must be inte-
grated into the fixed inner tongue of the connecting element. This consideration allows to 
exclude the multi-stage clinching methods with movable die. Processes which produce a fas-
tening element of the kind that the joining partners are cut can be excluded as well. Specially 
manufactured cutting edges of high hardness would have to be integrated into the inner 
tongue resulting in a multi-part assembly of the connecting element. This would be contra-
dictory to the requirements of a low-cost solution. For the same reason solutions are not 
feasible that use moving parts for the die. 
At this point some considerations for the material of the connecting element shall be made. 
As seen before, the forces required for clinching and thus the pressure on the die are very 
high. The die and in this case the inner tongue respectively must withstand those forces at any 
rate to ensure the forming of a correct fastening element. Of all technically relevant materials 
only metals and ceramics show the required hardness. The latter are excluded from further 
considerations due to their brittleness and usually high manufacturing costs. Plastics would 
need an extra insert of high hardness at the location of the fastening element leading again to a 
multi-part assembly of the connecting element.  This leaves metals as possible material for the 
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connecting element. The use of ferrous metals very likely contradicts the main benefit of 
sandwiches, i.e. the light weight. Besides extrusion has already been determined as the pre-
ferred manufacturing process for the connecting element. So further considerations focus on 
aluminum as material for the connecting element. Aluminum alloys suitable for extrusion 
show a Brinell hardness of up to 100 HB. High-strength alloys with a lower resistance to 
corrosion can even reach 140 HB [4]. It has yet to be examined whether this is hard enough 
for a die integrated in the inner tongue. 
It has now been determined that the connecting element has the function of a die without 
moving parts and cutting edges. The clinching process is single-staged. This leaves two 
possible shapes for the die: 
x Linear, i.e. a groove along the inner tongue of the connecting element. 
x Punctual, i.e. discrete cavities in the inner tongue. 
The first possibility requires a bar-shaped or oval fastening element in order to have a 
sufficient contact area between connecting element and sandwich face. For the second possi-
bility a point-shaped fastening element is preferable to other shapes like a cross or a star. A 
round cavity is easy to manufacture and above all, experiences can be taken from well proven 
clinching technologies that use a point-shaped fixed die with a single-staged kinematics. 
The next step considers the outer tongues of the connecting element. As for the inner 
tongues there are two possible solutions: 
x The outer tongue can be designed like a sheet-metal. The fastening element would then 
be a mechanical interlock of the outer tongue and the sandwich face in the cavity of the 
inner tongue. 
x The outer tongue has holes at the locations of the later fastening elements, i.e. it does 
not become part of actual connection between connecting element and sandwich. This is 
comparable to the clinching technology that uses a hole on the die side material (see 
above). There as well only one join partner is used to establish a connection. 
Combining the preceding options for the design of the inner and outer tongues there are 
four possible principle solutions for the connecting element left (see table 1): 
1. Point-shaped cavity in the inner tongue as die, sheet-metal like outer tongue (no pre-
holes at the locations of the fastening elements) 
2. Linear cavity in the inner tongue as die, sheet-metal like outer tongue (no pre-holes at 
the locations of the fastening elements) 
3. Point-shaped cavity in the inner tongue as die, outer tongue with holes at the location of 
the fastening elements 
4. Linear cavity in the inner tongue as die, outer tongue with holes at the location of the 
fastening elements 
The last question that must be discussed for a complete principle solution for the connec-
ting element concerns the actual shape of the cavities. The answer is easily given for the two 
solutions no. 1 and no. 3 with point-shaped cavity. Here it should be taken advantage of the 
pool of experience arising from existing clinching methods. They have proven their functional 
capability in practice. However, the answer is not at hand for solutions no. 2 and no. 4. 
Despite an extensive literature research there seem to be no practically used clinching meth-
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ods that are based on a linear cavity. Obviously, a linear cavity can provide resistance to the 
material flow during the forming process of the clinching element only in transverse direction. 
So the necessary undercut will develop only in this direction, too. This must be reached by the 
correct combination of strain hardening and yielding. Thus, it seems reasonable to layout the 
linear cavity with the same cross-section as the punctual cavity which is based on a known 
clinching technology. Furthermore it can be expected that the thickness of the joining partners 
will not decrease significantly in longitudinal direction. Of what is know from the different 
clinching methods this rather leads to a higher resistance to shear forces in transverse direc-
tion. It must however be experimentally verified whether these assumptions are true. 
1: Point-shaped cavity, outer tongues without pre-holes 2: Linear cavity, outer tongues without pre-holes 
3: Point-shaped cavity, outer tongues with pre-holes 4: Linear cavity, outer tongues with pre-holes 
Table 1: The four principle solutions; principle sketches on the left, 
suggested cross-section of the cavity on the right 
In the discussion at the beginning of this chapter a multi-part assembly of the die in the 
inner tongue was defined as exclusion criterion for a principle solution. Solution no. 1 
however with point-shaped cavities and sheet-metal like outer tongues necessitates a connec-
ting element that consists of at least three parts: two outer tongues and a center bar with the 
inner tongues. Otherwise it is not possible to manufacture the cavity. Yet, this assembly is less 
complex than a die with movable parts and so solution no. 1 shall not be excluded from 
further considerations. The advantages and disadvantages of the four principle solutions are 
discussed in tables 2 to 5. 
The final step of the discussion of clinching is an evaluation which considers the above 
said. An objectives tree is set up and the four principle solutions are rated. The three upper 
level objectives are: 
x Good fulfillment of function; weighted with a percentage of 50% 
x Cost; weighted with a percentage of 25% 
x Easy Handling; weighted with a percentage of 25% 
Points are given on a scale from 0 to 10, 10 indicating a perfect fulfillment of an objective. 
As result of the evaluation, principle solution no. 2 is rated best (score: 6.05) followed by 
no. 4 (score: 4.86), no. 1 (score: 4.56) and finally no.3 (score: 4.47). So the two highest rated 
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principle solutions are realized in a prototype which will be discussed at the end of this paper 
Advantages Disadvantages 
x Corresponds to a known clinching technology, 
experience available 
x Connecting element assembled from more than 
one part, thus exact adjustment of the outer 
tongue to the requirements of the connection 
with regards to material and shape 
x Presumably best behavior under load 
x Point-shaped clinching element transmits forces 
in longitudinal direction of the connecting 
element, no extra locking necessary 
x Optically unobtrusive clinching element 
x Multi-part assembly of connecting element is 
compulsory, thus highest manufacturing effort 
x Highest joining forces of all principle solutions 
x Exact positioning of punch in x- and y-direction 
required 
x Good appearance of clinching elements might 
be weakened by the multi-part assembly (e.g. 
visible bolts or splices) 
x Possible bending upwards of outer tongue 
during clinching must be prevented 
Table 2: Advantages and disadvantages of principle solution 1 
Advantages Disadvantages 
x Connecting element as single part possible 
x High strength of connection comparable to 
solution no. 1 
x Connecting element easy to manufacture, e.g. by 
extruding 
x Second-best appearance 
x Exact positioning of punch only in y-direction 
necessary 
x High joining forces 
x Unknown joining technology with regards to the 
die 
x Possibly extra locking in x-direction necessary 
due to the linear die 
x Possible bending upwards of outer tongue 
during clinching must be prevented 
Table 3: Advantages and disadvantages of principle solution 2 
Advantages Disadvantages 
x Corresponds to a known clinching technology, 
experience available 
x Connecting element as single part possible 
x Joining forces not as high as for the solutions 
without pre-holes in the outer tongues 
x Point-shaped clinching element transmits forces 
in longitudinal direction of the connecting 
element, no extra locking necessary 
x Manufacturing of complex shape of die is 
problematic 
x Presumably lower strength of connection since 
only the sandwich faces are clinched 
x Exact positioning of punch in x- and y-direction 
required 
x Optical appearance affected by pre-holes 
x Depending on the materials of connecting 
element and sandwich face high loads on the die 
up to failure 
Table 4: Advantages and disadvantages of principle solution 3 
927
J. Feldhusen, C. Warkotsch, M. Benders 
Advantages Disadvantages 
x Connecting element as single part possible 
x Connecting element easy to manufacture, e.g. by 
extruding, additionally the pre-holes have to be 
manufactured 
x Presumably lowes joining forces, thus saving of 
material and low weight because the inner 
tongues do not have to be as rigid as for the 
other solutions 
x Exact positioning of punch only in y-direction 
necessary 
x Unknown joining technology with regards to the 
die 
x Presumably lowest strength of connection of all 
solutions 
x Possibly extra locking in x-direction necessary 
due to the linear die 
x Worst appearance of all solutions due to pre-
holes and asymmetric clinching elements 
x Depending on the materials of connecting 
element and sandwich face high loads on the die 
up to failure 
Table 5: Advantages and disadvantages of principle solution 4 
4 CENTER-PUNCHING 
Center-punching was taken into consideration as a cost-effective and fast joining process 
which necessitates a minimum of tools and preparation steps of the materials to be connected. 
With regard to this, the demands for the strength of the connection were lower. Since pun-
ching is not a widely used joining process, there is not much information about it in literature. 
4.1 Characteristics of the joining process 
A known application in practice is punching nuts or bolts to prevent them from loosening. 
Also center-punching is sometimes used to lock parts into position which will later be joined 
through material closure (welding, brazing). This reduces the effort of fitting and adjusting the 
parts. This shows that center-punching is in principle seen as a joining process for secondary 
applications. So there is little knowledge about the characteristics of this method. The joining 
force occurs impulse-like on a rather small area. The surface is highly impaired sometimes 
leading to cracks or promoting corrosion. Another fact to be considered is that center-
punching might negatively affect the position of the joining partners. They should be correctly 
positioned and fixed prior to the joining process. 
Both center-punching and clinching apply a force to the joining partners at a right angle to 
the surface. This force of course is much lower for center-punching. Under the effect of this 
force, the material is deformed plastically forming a mechanical interlock between the joining 
partners. An important difference between center-punching and clinching is that the fastening 
element produced by center-punching shows no undercut. This means there is only form fit in 
the sandwich plane but not perpendicular to it as it is for clinching. Of course, it is to expect 
that the retention forces of the fastening element produced by punching are much lower than 
those of clinching. The tools needed for center-punching – a hammer and a punch – are 
usually available at any construction site. This fits well to the concept of a low-cost connec-
tion and is certainly an asset over clinching. 
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4.2 Conceptual design 
Basically, the same considerations employed in the analysis of clinching are also valid for 
center-punching. The outer tongue can be designed with or without pre-holes at the locations 
of the fastening elements. In the first case the punch directly touches the sandwich face. For 
the inner tongue there are three possible designs: with point-shaped or linear cavity as known 
from clinching but also completely without cavity. In contrary to clinching, the shape of the 
cavity is not crucial. It might only help reduce the joining force as the punch only has to 
intrude into sandwich face and/or outer tongue. 
So there are six possible combinations of the designs of inner and outer tongue, two of 
which however do not make sense. Firstly, this is the combination of an inner tongue with 
point-shaped cavities with an outer tongue without pre-holes. This design would necessitate a 
connecting element which is assembled of more than one part. Otherwise it is not possible to 
manufacture the point-shaped cavities due to the lack of accessibility of the inner tongue. A 
multi-part connecting element is however not desired as already mentioned before. The 
second combination not being considered further is an inner tongue with linear cavity together 
with an outer tongue with pre-holes. It is not apparent why this combination should differ 
significantly in its properties from the combination of outer tongues with pre-holes and inner 
tongues with punctual cavities. The latter one even offers the advantage of manufacturing pre-
holes and cavities in one single step using for example a drill. This leaves four reasonable 
designs for the connecting element which are listed below: 
1. Outer tongues without pre-holes, inner tongues without cavity 
2. Outer tongues with pre-holes, inner tongues without cavity 
3. Outer tongues without pre-holes, inner tongues with a linear cavities 
4. Outer tongues with pre-holes, inner tongues with point-shaped cavities 
Since no data or experience exist for the joining process of center-punching it is not pos-
sible to do an objective evaluation as it was done for clinching. Thus, the influence of the 
parameters of the different principle solutions is examined by experimental testing. 
4.3 Experimental analysis  
The test set up consists of different aluminum profiles that simulate the inner and outer 
tongues (fig. 3) and sheet-metals of different materials and thickness as sandwich faces. In 
figure 3 (left) the two shapes of cavities – circular and linear – are clearly visible. The top part 
simulates the inner tongue without cavity as needed for principle solutions no. 1 and 2. The 
U-shaped test profiles for the outer tongues (fig. 3, right) are used to gain information whether 
it is crucial to prevent the outer tongues from bending upwards when being hit by the punch. 
The parts simulating the tongues are bolted to a heavy iron plate with the sandwich faces in 
between them. The sandwich faces are simulated by sheet-metals from aluminum with thick-
nesses of 0.8 mm and 1.0 mm and by sheet-metals from steel which are 0.5 mm and 0.8 mm 
thick.
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Figure 3: Test parts for inner (left) and outer (right) tongues 
Five different punches are used for testing. They differ in weight and the shape of their tip 
(see fig. 4). Commercially available tools were chosen deliberately. 
Figure 4: Punches used for experiments 
The results of the experiments show that only the principle solutions with a cavity in the 
inner tongue have acceptable functional properties. Without a cavity the punch does not pene-
trate far enough even under heavy hits to create a connection between the sandwich faces and 
the connecting element. The sheet-metals serving as sandwich faces can easily be pulled out 
of the test stand by hand. Here it makes no difference whether the outer tongue is very rigid as 
simulated by the U-profile. The version of the outer tongue without pre-holes leads to the 
highest strength of the connection. The version with pre-holes however is recommendable if a 
low weight and an uncomplicated construction of the connecting element are demanded. The 
best fastening elements are achieved with a heavy punch with a rounded tip. The sharp-edged 
punch tears the sandwich faces instead. 
The optimal shape of the linear cavity of solution no. 3 depends basically on the material 
and the thickness of both the sandwich face and the outer tongue. Like the geometry of the 
punch it has to be determined individually for each application. However, some guidelines for 
dimensioning the point-shaped cavity of solution no. 4 can be derived from the experiments. 
The use of a punch with round tip is required. Measurements in the cross-section of the fas-
tening elements show that the thickness of the sandwich faces does not change significantly. 
Thus, the following simple equations for the diameter dM and the depth tM of the cavity can be 
derived:
(4)
(5)
s denotes the thickness of the sandwich faces, rk is the radius of the tip of the punch. The 
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values for the two factors kd and kt are estimated and must be determined for each application. 
4 PROTOTYPE
As part of the work of [3], the two best rated solution of both clinching and center-pun-
ching have been realized in a prototype (fig. 5). The clinching was processed by means of a 
path-controlled hydraulic press. The penetration depth was about 2 mm for both solutions. 
However, due to the restrictions in manufacturing processes of the institute’s workshop, it 
was not possible to manufacture a cavity that fulfills the requirements stated above. As a 
result the clinching points showed no undercut. Thus, the outer tongue of the connecting 
element and the sandwich faces could be separated from each other in axial direction of the 
fastening element. Yet, in radial direction the connection showed a satisfying strength. No 
play at all occurred. 
The center-punched connection could be established quick and easy. It also showed satis-
fying strength and was as well free from play. One cavity however was designed to deep as 
the sandwich faces were partly ripped. 
Figure 5: CAD-model of prototype (left: assembly; upper right: cross-section with cavity for punching on the left 
and cavity for clinching on the right; lower right: same view but actual prototype) 
5 CONCLUSION 
The prototype showed a satisfying strength for both clinched and punched joints. Both 
joining processes seem to be feasible to connect sandwiches in the described manner. Most 
problems of the prototype can be resolved by further research and improved manufacturing 
processes. For the considered application case, the problem of high joining forces for clin-
ching remains unsolved though. For the given requirements, center-punching can be consi-
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dered a very promising joining process. However, further research must be carried out to find 
out more about the geometric parameters of both fastening elements. It is also necessary to 
gain data about the actual strength of both joining technologies. This will be done in near 
future on a servo-hydraulic testing machine.
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Summary: When developing a new technology for joining sandwich elements, the improved 
technique should overcome the disadvantages of existing methods. Wide spread use of sand-
wich structures is still inhibited by the lack of a consistent joining technology one which is 
easy to work with, quantifiable and not dependent on special knowledge about manufacturing 
processes. A mechanical technology for joining sandwiches as developed in this paper shall 
achieve these goals. The developing process followed the design methodology according to 
Pahl et al. [1, 2]. The resulting systematic approach to the problem facilitated the generation 
of a complete solution field. This approach led to 18 promising concepts of 783 possible 
original solutions. Prototypes of those concepts showed that a reliable mechanical technology 
for joining sandwich elements is feasible. 
1 INTRODUCTION 
Sandwich construction is known as a very efficient method of structural design as it com-
bines material-specific properties in a composite of different materials to the best advantage. 
However, its widespread, high-volume practical use in the realm of mechanical engineering is 
still inhibited by the lack of a consistent joining technology, one which is easy to work with, 
quantifiable and not dependent on special knowledge about manufacturing processes. Heat-
applying methods like welding can lead to changes in material structure. Like the use of 
adhesives, they also require complex preparation, positioning and fixation of the parts to be 
joined. Other methods, such as bolts or inlays weaken the sandwiches or require specialized 
manufacturing, making it impossible to use prefabricated sandwiches. A mechanical technol-
ogy for joining sandwiches as developed in [3] shall overcome those disadvantages. 
2 SYSTEMATIC DEVELOPMENT OF PRINCIPLE SOLUTIONS 
The developing process in [3] follows the design methodology according to Pahl et al.
[1, 2]. At first, the requirements that have to be fulfilled by the joint are determined. The 
function carriers, i. e. all components which could possibly be part of the connection, are 
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identified and their geometric parameters are systematically configured in all possible com-
binations. Principle solutions for a fastener for sandwich elements are then developed by 
combining the variations mentioned above with all known mechanical joining technologies. 
Evaluation steps and inspection for geometric incompatibilities help sort out invalid or 
impractical concepts. A final evaluation leads to 18 promising concepts. 
2.1 Requirements list 
The requirements are identified and collected the requirements list. Requirements are sub-
divided into absolute requirements and preferences. The difference here is that the first ones 
must be fulfilled by a possible solution. The latter ones may be considered under justifiable 
effort and they will later serve as basis for the determination of the evaluation criteria. The 
requirements have partly been found by interviewing two companies which work and design 
with sandwich elements, partly they have arisen from the author’s own practical experiences. 
The requirements list is presented below. R and P indicate absolute requirements (R) and 
preferences (P). 
x The connection must be able to transmit all occuring forces and moments (R). 
x The dimensions of the joint shall be as small as possible yet as large as necessary (R). 
x Elastic deformations that will occur under load must not become so large as to harm the 
joint (R). 
x The principle of uniform strength shall be applied to sandwich elements and joint. The 
fatigue life of all involved parts shall be the same (R). 
x The joint shall be as lightweight as possible (R). 
x The intersection area between sandwich and joint shall be designed in a way that sharp 
deflections of the force flowlines or strong changes in their “density” are avoided (R). 
x The material of the joint must be compatible to the material of the sandwiches, e.g. 
contact corrosion must be avoided (R). 
x The utilization of the joint shall be independent of the material combination of the 
sandwich (P). If this is not possible, adaptions have to be made for the different 
materials (R). 
x Forces and moments shall be transmitted from the joint directly into the sandwich faces. 
The distance between as well as the position relative to each other of the sandwich faces 
shall remain constant even under load (R). 
x With regard to manufacturing, the design of the joint shall be as simple as possible. The 
use of large scale production methods shall be considered (P). 
x The preparation of the joint beforehand shall require as few steps as possible. If pre-
paration is necessary it shall be kept as simple as possible, e.g. if the joining technology 
necessitates holes they should be in the shape of a circle instead of a square (P). 
x The sandwich elements shall be unambiguously positioned to each other by means of 
the joint. This facilitates the joining process (P). 
x The assembly procedure shall be as easy and clear as possible (P). 
x The joint shall be visually unobtrusive (P). 
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2.2 Development of principle solutions 
As mentioned before, the first step is to identify the function carriers. The basic parts of the 
joint are the sandwich core, the sandwich faces, a connecting element, fastening elements and 
if necessary inserts (fig. 1). The function of the connecting element is that of an auxiliary part 
that connects the sandwiches by means of the fastening elements (as opposed to connecting 
the sandwiches directly, e. g. through the faces). Potentially necessary inlets will later be 
counted to be part of the connecting element. The fastening elements are the parts that are 
needed to finally establish the connection between the sandwiches and the connecting element 
or the sandwiches themselves respectively. Examples are bolts or rivets. 
connecting element
sandwich core
in
se
rt
sandwich face
: fastening element
Figure 1: Basic parts of a joint for sandwich elements
The basic elements of the connection have now been determined. They are used to define 
all possible basic configurations of how a connection between two sandwiches can be estab-
lished. For this work, the considerations are restricted to two sandwiches lying in-plane to 
each other. The derivation of rectangular or any other kind of joints of sandwiches will be part 
of later examinations. The four resulting possibilities are shown in table 1. 
connecting elementsandwich face connecting element
sandwich core
co
nn
ec
tin
g
el
em
en
t
(in
se
rt)
sandwich face sandwich face
sandwich core sandwich core
Connecting element – 
sandwich face 
Connecting element – 
sandwich core 
Sandwich face – 
sandwich face 
Sandwich core –  
sandwich core 
Table 1: Basic possibilities of  connecting two sandwiches using the elements of fig. 1 
Those possibilities can again be varied with respect to the four parameters shape, position, 
size and number leading to the 15 basic configurations shown in table 2. Those configurations 
are deliberately called “basic” as they are directly derived by altering the parameters 
mentioned before. There are apparently more configurations which will now be identified by 
systematically combining the 15 basic configurations. This combination procedure is carried 
out in compliance with the following rules: 
x Beginning with the first, each configuration is combined with all following ones leading 
to all possible combinations. 
x If two connecting elements touch or penetrate each other, then the resulting geometric 
body is seen as a new, complex connecting element. 
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x The considerations are of qualitative nature. The exact embodiment design or quantita-
tive parameters are not defined at this point. 
With connecting element(s) Without connecting element 
1 5 8
2 6 9
3 7a 10
4a 7b 11
4b 7c
4c
Table 2: The 15 basic configurations for connecting two sandwiches 
This approach naturally leads to a large number of possible configurations some of which 
will not be useful or make sense. In order to sort out those invalid configurations, a rough 
evaluation is conducted along with the combination procedure. The following criteria mark a 
configuration as invalid: 
x Geometric incompatibility: The sandwich faces or one sandwich face and the connec-
ting element penetrate each other; or a sandwich face has to be formed into two 
different directions at the same time. 
x One connecting element completely encloses another. 
x A connecting element from the group of 15 basic configurations (see above) is rebuilt. 
x A newly added element serves no function. 
The result of this combination procedure is 454 possible configurations of which 376 can 
be considered invalid for the reasons above. Table 3 shows the remaining 78 configurations. 
An evaluation step shall reduce this number to the 10 most promising configurations. The 
evaluation criteria are derived from the requirements list and weighted according to their im-
portance for the joint. This results in an objectives tree whose three upper level objectives are: 
x Good fulfillment of function; weighted with a percentage of 55% 
x Cost; weighted with a percentage of 20% 
x Easy Handling; weighted with a percentage of 25% 
The lower levels are not presented here. The 78 configurations are then scored on a scale 
from 0 to 10. The 10 highest rated concepts for a connecting element are in the order of their 
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ranking starting with the best (cp. table 3): G2, D10, D1, A1, C11, F7, B3, C1, E7, G10 
Table 3: Overview of the 78 feasible configurations for connecting two sandwiches
So far, only the connecting elements have been considered. However, the definition of the 
basic parts of a joint for sandwich elements also included the fastening elements. The rather 
abstract term “fastening element” denotes the element or part that is necessary to join two or 
more parts, e. g. bolts, rivets or clamps. As for the connecting element it is demanded to iden-
tify all possible fastening elements. Here, the German standard DIN 8593 [4] is useful 
because it lists all known manufacturing processes for joining. Of those, the mechanical 
joining processes, a total of 32, are systematically combined with the 10 most promising 
connecting elements from above. Again, a rough evaluation, conducted simultaneously to the 
combination procedure, helps sorting out invalid principle solutions. Three criteria are defined 
for this rough evaluation: 
x Ability of transmitting high forces and moments. 
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x Simple and quick joining procedure. 
x Little changes and preparations of the sandwich necessary. 
This approach results in originally 783 principal solutions of which 83 remain after the 
rough evaluation. A final evaluation using a similar objectives tree as mentioned above pro-
duces the 18 best principle solutions for a mechanical technology for joining sandwich ele-
ments. They are shown in table 4. 
1: Bolts, screwed into inner tongue, 
single-pieced connecting element 2: Bolts of diff. diameter 
3: Rivets, connecting element with 
only outer tongues 
4: Like 1, but separate outer tongues 
of connecting element 
5: Quick-connect mechanism built 
into connecting element 
6: Rivets, connecting element with 
inner and outer tongues 
7: Like 2, but separate outer tongues 
of connecting element 
8: Long bolts through center bar of 
connecting element 
9: Long bolts, off-centered, single-
pieced connecting element 
10: Quick-connect mechanism with 
pawls on inner tongues 
11: Like 6, but separate outer 
tongues of connecting element 12: Short centered bolts 
13a: Interlocking bolts 13b: Like 13a, but normal bolts on one side 
15: Like 9, but separate outer 
tongues of connecting element 
Low-cost 1: Clinching Low-cost 2: Center-punching Low-cost 3: Self-tapping screws 
Table 4: Basic possibilities of  connecting two sandwiches using the elements of fig. 1 
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3 GENERAL STRUCTURAL ANALYSIS 
The preceding considerations delivered 18 principle solutions for joining sandwiches me-
chanically. The second part of the developing process now consists of stating general mathe-
matical calculations for a structural analysis. For that purpose the 18 principle solutions are 
divided into six different groups. The solutions within each group have in common that they 
are very similar to each other with respect to their underlying working principle (table 5). 
Thus their mathematical description is also similar. This facilitates further considerations as it 
makes it possible to formulate structural analyses for each group only, instead of doing this 
for each principle solution. 
Group I combines all principle solutions that use bolts as joining elements. They differ 
slightly with respect to the length of the bolts. Solutions 1, 2, 4 and 7 use short bolts which 
clamp the sandwich faces between outer and inner tongue of the connecting element, whereas 
solutions 9 and 15 have long bolts working between the outer tongues. Group II again makes 
use of bolts. They are however located at the center of the connecting element clamping either 
both sides with long bolts (no. 8) or each side separately with short bolts (no. 12). The three 
solutions of Group III all use rivets. They only differ slightly in the assembly of the connec-
ting element. The solutions 5 and 10 of group IV are referred to as quick fasteners. This group 
is an exception to the others in that the structural analyses of the two solutions differ much. 
The grouping is however justified by the common property of allowing a quick connection 
between sandwiches without much preparation. Group V contains the so-called self-locking 
bolts. Solution 13a differs from 13b only in the way that 13a uses the self-locking bolts on 
both sides of the connecting element whereas 13b has normal bolts on one side. Group VI 
combines three solutions which were not rated high in the evaluation before. Yet they remain 
for further considerations as solutions which will presumably cause little cost. 
Group Denotation Belonging principle solutions
I Bolts, off-center 1, 2, 4, 7 (using short bolts); 9, 15 (using long bolts) 
II Bolts, centered 8, 12 
III Rivets 3, 6, 11 
IV Quick fasteners 5, 10 
V Self-locking bolts 13a, 13b 
VI Low-cost fasteners lc-1, lc-2, lc-3 
Table 5: Classification of principle solutions in 6 groups of similar working principles 
The result of the structural analysis shall be a set of generally applicable mathematical for-
mulas, i. e. for any combination of external loads these formulas can be used to calculate the 
critical load for the sandwich connection. Thus, the first step is to define a general load case 
applicable to all solutions. This load case is based on a Cartesian coordinate system and con-
sists of three forces and three moments according to figure 2. Besides, the calculations under-
lie the following constraints and assumptions: 
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x Forces are alway applied symmetrically to the sandwich faces. 
x The sandwich is treated as a solid body. 
x Loads applied to the sandwiches are transferred directly to the connecting element 
without being changed. 
x The center bar is assumed to be fixed in place. External loads can be transmitted to the 
surrounding structure through this bar. 
x The location of the highest combined loads is the reference for dimensioning. All loads 
occuring at this location are added according to their amount. 
x At this early stage of development, assumptions are often made to the safe side. This 
might lead to over-dimensioned connecting elements. 
x The structural analysis of the sandwiches themselves is not part of this work but will be 
subject of further research. This work relies on manufacturer’s information. 
x Group VI of principle solutions, the low-cost fasteners, is discussed separately in [5]. 
Figure 2: General load case
The structural analyses for the first five groups of principle solutions consist of six steps: 
1. Determination of all relevant geometric parameters of the connection. This includes 
qualitative but not quantitative design of the connecting elements. 
2. Each load of the general load case is translated into the corresponding load at the crucial 
location of the connection (usually the location of the fastening elements). 
3. Addition of similar loads to a resulting total load of the same kind. 
4. Dimensioning of the fastening elements. This includes the determination of the loads on 
the fastening elements and their subsequent structural analyses. 
5. Determination of the critical stresses in the connecting element, if necessary by 
calculating an equivalent stress. Calculation of all necessary structural analyses for the 
connecting element. 
6. Structurally analysing the sandwiches at the location of the fastening elements. 
The presentation of the structural analyses of all five groups of principle solutions would 
exceed the limits of the paper. Thus, only the calculations for group I shall be presented here 
exemplarily. The geometric parameters of this group are shown in fig. 3. Table 6 sums up the 
result of step two – the translation of the external loads to loads at the locations of the bolts. 
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Figure 3: Geometric parameters of the connection of group I (off-centered bolts)
Ext. load Load on bolts FS Direction of FS Accuracy 
Loaded tongues of 
connecting element 
FZ/Dy y-direction Exact All 
MBx y-direction Very good All 
MBz y-direction Good All 
MTy 
z-direction (axial), 
x-direction (radial) Sufficient All 
FQz z-direction Sufficient Inner 
FQx x-direction Exact All 
Table 6: Loads at the location of the fastening elements for the fasteners of group I: off-centered bolts
It is assumed that each connecting element has a number of 2n bolts. Eq. 1 and 2 are the re-
sults of the third step, i.e. the addition of similar loads to a resulting load. Eq. 1 denotes the 
maximum force on the bolts in radial direction, equation 2 in axial direction respectively. 
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(1)
(2)
As mentioned above, the fastening elements are dimensioned in the fourth step. For bolts 
this is done in compliance with the guideline VDI 2230 [6] which gives detailed instructions 
about how to calculate bolted joints. The mathematical formulation is however too extensive 
to be presented here. 
The next to last step in the structural analysis of group I is the examination of the 
connecting element with regards to critical stresses. Failure in the connecting element occurs 
if either the outer or the inner tongues fail. The structural analysis is in both cases the same 
because inner and outer tongues are frictionally connected through the sandwich face and 
hence are exposed to the same loads. The weakest and thus crucial location of the tongues 
which is considered for this step is the intersection through the holes of the bolts. At this 
location, an equivalent stress ıV,GEH is calculated: 
(3)
Stability is proven if: 
(4)
with Rp,0.2,VE being the yield point of the connecting element and sF being a safety factor. 
The sixth step of the structural analysis considers the sandwich elements. Failure can only 
occur if the maximum surface pressure of the material of the sandwich faces is exceeded by 
the bolted connection. This calculation however is part of the calculations of the fastening 
elements in step four. Thus, it shall not be presented here separately. 
4 DIMENSIONING AND LAYOUT OF PROTOTYPES 
The last part of this work comprises the manufacturing of prototypes of each of the six 
groups from the preceding chapter. For this purpose, qualitative rules for the embodiment 
design of the fasteners are stated. They mainly concern the transition between the sandwich 
faces and the connecting element. They are summarized in table 7. Finally, the prototypes are 
built following these rules. They differ in the external loads which are assumed for the 
quantitative design. This allows testing more load cases in later experiments. At this point it 
must be mentioned that due to the restrictions of the institute’s own workshop all prototypes 
are assemblies consisting of more than one part. 
Similar to the preceding chapter only the prototype of group I (bolts, off-center) shall be pre-
sented here in detail. The external loads are assumed with FZ/Dy = 10000 N and FQz = 500 N. 
The width is set to b = 200 mm. The material of the connecting element is aluminum with a 
Young’s modulus of E = 70000 N/mm², a yield point of Rp,0.2 § 150 N/mm² and a tensile 
strength of Rm § 290 N/mm². Figure 4 displays the computer-model and the final prototype. 
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Figure 5 shows all prototypes together. 
Single tongue connecting element, 
adequate workspace 
Single tongue connecting element, 
inadequate workspace 
Double tongue connecting element, 
adequate workspace 
Double tongue connecting element, 
inadequate workspace 
Table 7: Qualitative design rules for the connecting element
Figure 4: Prototype of group I (off-centered bolts)
5 CONCLUSION 
It was shown that a reliable mechanical technology for joining sandwich elements is feasi-
ble. The systematic approach to the problem ensured that all possible concepts for joining 
sandwich elements mechanically were evaluated. The prototypes demonstrated a good fulfill-
ment of the critical requirements. Most requirements defined at the beginning of the develop-
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ment are absolutely fulfilled by the prototypes. In manual tests they showed a good ability of 
transmitting all occurring loads and no deformations of the joint under load. Experimental 
testing on a servo-hydraulic testing machine will be carried in the future. The requirement that 
demands the principle of uniform strength could not be fulfilled as the only one. This is how-
ever due to the restricted production facilities of the institute. Improved manufacturing pro-
cesses will also result in smaller dimensions, a lower weight and a more unobtrusive design. 
Figure 5: All prototypes
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Summary
As the technological, structural, thermal, acoustical, durability, and other requirements for 
shell structures increase so does the application of sandwich and composite panels in land, 
marine, space vehicles, industrial, civil and other structures. Due to their high stiffness and 
strength to weight ratios, composite sandwich structures have proven their usefulness in a 
large number of applications in various technical fields, especially in aeronautics, automotive 
and civil engineering. According to the application of  floor panel (with sandwich 
construction) in civil aircraft and with regards to the fact that they undergo with different  
loading conditions, it is necessary to have a study on their mechanical behavior that submit 
stress strength and deflection (stiffness) requirements. 
In this paper, analysis of orthotropic and sandwich structure in different boundary conditions 
are considered. First, the theoretical background for analysis of orthotropic plates is 
introduced.  Next, a finite element model was developed and used as a numerical tool for 
analysis of these structures under different load and boundary conditions. The detailed design 
and analysis of sandwich panel required the input of the elastic and strength properties of the 
sandwich constituents. For this reason at first an improved testing procedure and its results 
that provided the basic elastic and strength properties are reported in this paper. 
  The obtained results are then compared with those from theoretical and experimental ones.
In theoretical calculation, the deflection and stress for sandwich plate (isotropic face & 
orthotropic face), considering various boundary conditions such as clamped (all edge 
clamped) and simply supported under local and lateral loads are estimated. 
Next, finite element method is used to determine the stresses and deflections of panels with 
various load and boundary conditions. The effect of plate aspect ratio ( ba / ) on stresses and 
deflections for simply supported, clamped and bolted conditions are investigated in detail. 
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Finally, the deflection of a sandwich panel with bolted boundary conditions under lateral 
load was studied experimentally. The results obtained from FEM, theoretical and 
experimental investigations are then compared.  
1 TESTING OF COMPOSITE SANDWICH PANEL FOR DETERMINETION OF 
MECHANICAL PERFORMANCE 
Following testing procedure was performed for determination of mechanical properties of 
Fiberlam Grade 1 sandwich panel fabricated by HEXCEL Company, which has, faces with 
two cross-plied D0  and D90 of unidirectional glass and nomex honeycomb core [1, 2]: 
x Flexural testing (long & short beam) according t0 ASTM C393-98  for face and 
core strength and stiffness 
x Indentation testing according to our procedure for local load strength 
x Insert shear testing according to BMS 4-17 for ultimate shear load on insert 
x Pull out testing according to BAC 5524 for ultimate tension load on insert 
The following mechanical properties were derived from tests. These properties are 
tabulated in Table 1.
mmt f 38.0 Face thickness 
mmt f 525.9 Core thickness 
MpaE 5800011  Face elastic modulus in D0
MpaE 5700022  Face elastic modulus in D90
MpaGxy 7000 Face shear modulus 
Mpa36311  V Face ultimate stress (in flexure) 
Mpa29022  V Face ultimate stress (in flexure) 
MpaGL 115 Core shear modulus in L direction 
MpaGW 69 Core shear modulus in W direction 
MpaEc 600 Core compression modulus 
MpaL 5.3 W Core shear strength (L direction) 
MpaW 9.1 W Core shear strength (W direction) 
Mpac 15 V Core compression strength 
3/144 mKg U Density  
N3738 Insert shear load  
N2450 Pull out load 
N2200 Indentation load 
Table 1 : Mechanical properties of Fiberlam Grade 1 sandwich panel 
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2 ANALYTICAL DETERMINATION OF DEFLECTIONS AND STRESSES IN 
SANDWICH PLATE UNDER UNIFORM LATERAL LOAD  
2.1 Simply supported orthotropic face sandwich plate  
In this section, Navier method was used for determination of deflection and stress for 
orthotropic plates [3]. Consider a simply supported rectangular orthotropic plate under 
uniform load 0),( pyxp  . Note that maximum bending moment and deflection occurs in 
center of plate, i.e. ( 2/,2/ byax   ).
Deflection of plate can be obtained as follow [3]: 
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2.2 Clamped edges orthotropic face sandwich plate 
Let us consider a clamped rectangular orthotropic plate under uniform load 0),( pyxp  .
Boundary condition state as follow 
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Deflection of plate which is calculated from energy method is given [3] 
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Maximum deflection occurs at center of plate at 0,0   xy
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Also, one can obtain bending moment in plate  
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3 CALCULATION OF DEFLECTION AND STRESSES BY FINITE ELEMENT 
METHOD
In this section, finite element method is used to determine stress and deflection of panels. 
Initially the effect of ba /  on stresses and deflections for simply supported and clamped 
condition are investigated. Then, the results were compared with theoretical results which 
discussed in pervious sections. Since no theoretical results are available for panel with bolted 
boundary, therefore, finite element method was used to calculate the deflections and stresses 
in panels. However, the experimental data was used to validate the FE results. Experimental 
results were obtained by constructing a test rig a shown in figure 1. The panel was installed on 
a fixture by bolts. The whole rig was set under a chamber and was connected to a vacuum 
pump. The vacuum pump applied an ultimate pressure equal to 23600 mkg on the panel.  The 
deflection at midpoint of the panel was measured experimentally. The results from the tests 
are given in Table 4.
Panel
Vaccum Presser = 3600 kg/m2 = 0.35 bar
seal
Vacum Bag
Figure 1 :schematic of tes procedure for panel  
3.1 Calculation of maximum deflection and stress for simply supported plate 
Equation (1) used to calculate the deflection of plate. In Calculate of Equation (1) only for 
terms are used which are ( 3,1,3;3,1,1     nmnm ). Considering a lateral load of 
2
0 /3600 mkgfp  and mma 658 , the deflection of midpoint of the plate are shown in Table 
2. According to Table 2, there is some difference between theoretical and FEM results. This is 
due to shear effect of core and shear deflection. Because in theoretical formulation shear 
962
H. Talebi Mazraehshahi, A. Vahedi, B. Hamidi Qalehjigh  and M.A. Vaziri Zanjani
modulus of the core was not considered. Actually, the FEM calculation tends to the 
theoretical calculation if the shear modulus of the core goes to infinity ( fG ).
Calculation of maximum moment and stress calculated from equations (2) and occurs at 
center of plate ( 2/,2/ byax   ).The last columns of Table 2 shows change in stress 
relative to aspect ratio ( ab / ).
b(mm) 
a=658
b/a max)( yV
Analytical 
max)( yV
FEM (Mpa)
max)( xV
Analytical 
max)( xV
FEM (Mpa)
Deflection
(FEM) 
Deflection
(Analytical)
658 1 296.79 283 263 261 36.37 34.59 
789.6 1.2 348.647 339 266 267 49.6 47.45 
921.2 1.4 411.10 399 252 256 60.3 57.85 
1052.8 1.6 455.47 442 232 239 68.4 65.65 
1184.4 1.8 485.47 471 210 222 74.2 71.25 
1316 2 504.75 490 189 210 78.2 75.11 
1447.6 2.2 516.26 503 170 208 81 77.66 
1645 2.5 523.72 513.5 147 203 83.4 79.75 
1974 3 521.73 512 119 203 84.8 80.48 
Table 2 : shows change in deflection and stress relative to aspect ratio( ab / ) for simply supported 
condition 
3.2 Calculation of maximum deflection and stress for Clamped edges plate
In this case maximum deflection occurs at center of plate at 0,0   xy
Where 20 /3600 mkgfp  , mma 658 .Results of deflection is as follow:
b(mm) 
a=658
b/a max)( yV
Analytical 
max)( yV
FEM (Mpa)
max)( xV
FEM (Mpa)
Deflection
(FEM) 
Deflection
(Analytical) 
658 1 205 203 194 10.4 9.42 
789.6 1.2 271 256 208 13.7 11.35 
921.2 1.4 288 292 211 16 12.95 
1052.8 1.6 305 314 210 17.4 14.25 
1184.4 1.8 318 325 208 18.2 15.31 
1316 2 325 330 207 18.5 16.16 
1447.6 2.2 328 331 207 18.6 16.86 
1645 2.5 331 329 207 18.5 17.68 
1974 3 329 326 207 18.3 18.63 
Table 3 : shows change in diflection and stress relative to aspect ratio( ab / ) for clamped condition 
According to Table 3 there is difference between theoretical and FEM results. This due to 
the shear effect of the core and shear deflection. Because in theoretical formulation shear 
modulus of the core was not considered. Actually, the FEM calculation tends to the 
theoretical calculation if the shear modulus of the core goes to infinity ( fG ).
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3.3 Bolted plate (panel) 
In this case, we use only finite element method for modeling panel with different aspect 
ratios ( ab / ). Mechanical properties of core and faces are similar to the mechanical properties 
which used for simply supported and clamped condition plate. For modeling the bolts, beam 
elements (Cbar2) are used; bushings (inserts) are modeled with solid element (Chex6) where 
material properties are similar to material properties of inserts. Also, in order to obtain more 
accurate results, the adhesive which is used for installation of inserts are also modeled. 
Adhesive modeled with isotropic material with a modulus of elasticity similar to epoxy resins.  
Adhesive is very effective in reducing shear stress around the holes. For this reason, it 
should be considered in modeling. Figures 2and 3 show the finite element model of the panel.  
Figure 2 : shows finite element model of panel 
Multi point constraints are used for connection between bolt and insert (Rigid element) 
which is shown in Figure 4. It is noteworthy that only half of the bolt is in contact with the 
internal area of insert (Figure 4) [4, 5].  
Figure 3 : shows finite element model of panel(bolt ,insert and adhesive).
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Figure 4: shows Multi point constraint(MPC) for jointing between bolt and insert 
Boundary conditions of model are: 
x Symmetry condition for x and y direction, (1/4 of panel has been modeled). 
x Fix condition in one end of bolts. 
x Model Constrain in Z direction along edge of floor beams. 
Ultimate Load cases 
Case 1 – Lateral load )(/3600 20 reqirementStrengthmkgfp  
Case 2 – Local Load: 
)(200*200240 trequiremenDeflectionpanelofcenterinareammonkgfF  
3.3.1 Calculation of maximum deflection and stresses under Load Case 1  
The results of this case (bolted panel) with simply supported and clamped conditions are 
compared first. Table 4 shows change in maximum deflection of panel for different aspect 
ratios. Good agreement was observed between the deflections calculated by FEM and those 
obtained by the test.
a (mm) 
width
b (mm) 
length b/a
Stress(FEM) XV
tension , compression 
Stress(FEM) yV
tension , compression
Deflection
mm (FEM) 
Deflection
mm (Test) 
664 674 1.015 134 -166 134 -167 16 ----- 
664 872 1.313 139 -171 183 -232 23.6 ----- 
664 1070 1.611 127 -158 210 -270 27.5 30 
664 1268 1.909 113 -142 222 -287 29.7 ----- 
664 1466 2.207 99.8 -128 225 -292 30.6 ----- 
664 1664 2.506 90.8 -119 224 -292 30.8 ----- 
664 1862 2.504 85.3 -112 222 -290 30.8 ----- 
664 2060 3.102 82.3 -109 219 -288 30.8 ----- 
Table 4 : Moments and stresses for bolted panel with different aspect ratio ( ab / )
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Figure 5 shows maximum deflection of panel for different boundary conditions. According 
to this graph, it can be concluded that the bolted condition is a condition which is between 
clamped and simply supported. However, it seems to be closer to the clamped condition and 
by increasing the distance between the bolts the condition tends to the simply support 
condition.
According to Figure 5 and Table 4, by increasing the aspect ratio, ab /  the deflection of 
midpoint of plate increases. The curves became flat approximately for aspect ratios greater 
than 3. For this reason if we design critical panel according to the deflection requirement (in 
our company), the remaining panels with lower aspect ratios automatically satisfy the 
requirement of deflection. The panel used for this investigation has an aspect ratio equal to 
1.64 and the allowed deflection under lateral load 20 /3600 mkgfp   is about 27.8mm.  
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clamped (FEM)
Figure 5: graph of maximum deflection versus aspect ratio ( ab / )
Maximum stress in clamped condition occurs in midpoint of long edge, but in simply 
supported it occurs in center of panel and for bolted condition its can occur in center or edge 
of the plate depending on pitch distance of bolts. For calculation of strength in bolted 
condition, the maximum stresses in x and y directions at plate centre were calculated using 
FEM and were compared with the allowable strength determined from flexural test.  Near the 
hole of bolts, stresses increase due to stress concentration.  For this reason, reaction forces 
( max,max,max, ,, ZYX RRR ) on bolts determined from FEM and compared them with forces 
obtained from insert shear and pull out tests [6]. For pitch bolt equal to 98 mm these forces 
tabulated in Table 5.
It is notable that by increasing the bolts distance, the reaction forces applied on the bolts 
increase too. Therefore, one can calculate the critical distance between the bolts by shear or 
pull-out mode failure. 
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W/2(mm) L/W )(max NRX  )(max NRY  )(max NRZ
332 1.015 1220 1270 1230 
332 1.313 1320 1860 1820 
332 1.611 1320 2220 2260 
332 1.909 1300 2400 2500 
332 2.207 1290 2480 2610 
332 2.506 1280 2500 2650 
332 2.504 1280 2520 2670 
332 3.102 1270 2520 2680 
332 3.340 1270 2520 2680 
Table 5: Bolt reaction forces for bolted panel (pitch=98 mm) with different aspect ratio ( ab / )
3.3.2 Calculation of maximum deflection under Load Case 2
Construct specification of the company for this panel urged the designers that for this load 
case, maximum deflection of panel should be lower than 0.015W where W is short edge of 
the panel. The panel under study has a width of 658mm and 
therefore mm9.9660*015.0max  dG .
Figure 6 shows fringe plot of deformation (critical panel) under load case 2. According to 
this plot maximum deflection is 9.65mm wich is lower than the company requirement. The 
aspect ratio of other panels was less than 1.611 (width of all panels are 658 mm). Regarding 
to the curves of Figure 5, one can conclude that for panels with lower aspect ratios, the 
company requirement are automatically satisfied.    
Figure 6: Deformation of panel under load case 2 (local load 240kgf)
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4 CONCLUSIONS 
A series of mechanical tests were carried out to obtain the mechanical properties of panels.  
FEM models were built based on the test data for panels with different boundary conditions. 
For simply and clamped the deflections and stresses from FEM were compared with those 
calculated using analytical methods. 
For bolted panel, the deflection results from FEM model were compared with those 
obtained from the test. For this purpose, a test rig was constructed and used to measure the 
deflection at the midpoint of the panel. Good agreement between tests and numerical results 
show the validity of the FEM model. Having validated the FEM model, it was used to 
investigate the effect of bolts distance on the panel behavior. It was found that by increasing 
the bolts distance, the panel condition is getting closer to the simply support condition. 
However, increasing the bolts distance, increases the reaction forces on the bolts which 
eventually causes the failure of them due to pull out or shear modes. 
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Summary. Welded Grid Sheet is a versatile sandwich material, consisting of two metal face 
sheets and a core of metal wire mesh. In addition to common properties observed for many 
other sandwich materials (i.e. high flexural rigidity), this material has an open cellular core, 
which can be utilized for applications involving heat exchange. The constituents of welded 
Grid Sheet are assembled to flat panels through a resistance welding process. When curved 
cooling elements are required, initially flat panels need to be formed. Therefore, the elastic-
plastic bending characteristics of this material are investigated in cylindrical die bending 
experiments. The bending limits of welded Grid Sheet are usually dictated by the strength and 
ductility of the spot welds, connecting face sheets and wire mesh. Therefore, a better 
understanding of the failure of these spot welds is essential to increase the insight into the 
elastic-plastic bending behavior of welded Grid Sheet. For that matter, shear tensile tests 
were conducted and a Finite Element (FE) model was developed that enabled the 
consideration of spot weld failure. To validate the FE-model and to determine values for the 
numerical failure criteria for the spot welds, the shear tensile test was reversely modeled and 
simulated. Subsequently, the validated FE-model was modified to analyze the elastic-plastic 
bending behavior of welded Grid Sheet during cylindrical die bending. The results of these 
FE-simulations were validated by comparing the geometry after spring back and the number 
of damaged spot welds with experimental results.  
1 INTRODUCTION 
The research into the elastic-plastic bending of welded Grid Sheet is part of a 
multidisciplinary development project, originating from the global awareness that the world is 
facing a global energy problem. Actively cooled heat shields in steam turbines made form 
welded Grid Sheet should contribute to an efficiency improvement for (fossil) power plants. 
This should result in a significant reduction of both CO2 emissions and fuel consumption for 
fossil fuel power generation. To apply these actively cooled heat shields onto the inside of 
steam turbine casings, slightly conical sections – i.e. ring segments – have to be formed from 
initially flat Grid Sheet panels.  
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1.1 Global energy problem 
Electric power is essential for the functioning and growth of the world’s economies. Since 
power generation relies to a large extent on the combustion of fossil fuels, it is a source for 
economical and environmental concern as well. In fact, the world is currently facing a global 
energy problem, which basically consists of three aspects: (i) future energy demand is 
expected to increase significantly, (ii) fossil fuel reserves are exhaustible energy sources and 
(iii) power generation based on fossil fuel combustion causes environmental problems. 
Although the (expected) environmental problems originating from fossil fuel combustion 
have lately received a lot of media attention (global warming, acid rain, etc), the other aspects 
are equally important and also need addressing. 
There is a strong urge to discover alternative energy sources that solve all three aspects of 
the global energy problem. Due to the expensiveness of the necessary energy generation 
technologies and the presence of technical problems, the share of renewable energy for power 
generation remains relatively small worldwide. Furthermore, renewable energy sources also 
have an environmental impact that might in some cases be unacceptable, if large quantities of 
power are to be generated. The development of new renewable energy generation techniques 
and the improvement of existing technologies will require large amounts of funding and time. 
In the meantime, non-renewable fossil fuels are needed to fill the gap between the capacity of 
renewable power generation and electricity demand. 
Since fossil fuels will most likely remain an important energy source, efficiency 
improvements for power generation techniques that rely on these types of fuels are urgently 
needed. High efficiencies in power generation can be achieved through combined cycle power 
plants. Combined cycle is a term used when power generation plants employ more than one 
thermodynamic cycle. Since power plants are only able to use a portion of the energy their 
fuel generates, the remaining heat from combustion is generally wasted. The combination of 
two or more cycles results in an improved overall efficiency. In a combined cycle power 
plant, a gas turbine generator produces electricity and the waste heat from the gas turbine is 
used to produce steam to generate additional electricity via a steam turbine. 
1.2 Welded Grid Sheet in steam turbines 
A cumulative efficiency factor of 58% is state-of-the-art in modern (natural gas-fired) 
combined cycle power plants. To facilitate an increase of the efficiency factor up to 65%, 
fresh steam temperatures within the steam turbine need to be increased from currently 580-
620 °C to approximately 700 °C [1]. The harsh operating conditions within the steam turbine 
at 700 °C cannot be withstood by materials currently used in the steam turbine construction 
industry. The innovative idea is therefore to protect the turbine casing by an actively cooled 
heat shield made from a sandwich material. The open-cellular structure of the core should 
allow cooling steam to be forced through it to remove heat from the hot surface of the heat 
shield. Furthermore, the structure should provide sufficient strength to resist the mechanical 
loads the heat shield will be exposed to. These mechanical loads mainly originate from 
pressure differences and temperature gradients within and in the surroundings of the heat 
shield.
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Preliminary research has revealed that welded Grid Sheet possesses excellent features to 
comply with the aforementioned requirements for the heat shield. Grid Sheet consists of two 
metal face sheets and a core of expanded metal or woven wire mesh that are typically joined 
by capacitor discharge projection welding, Figure 1 [2]. An effective cooling performance 
requires a core with excellent multi-axial permeability, which is ensured best by an interlayer 
made from metal wire mesh. The constituents of welded Grid Sheet are made from a modern 
high-temperature resistant material – the nickel-base alloy Nicrofer 6025HT [3] – to benefit 
from the excellent basic material properties of this material.  
Face sheet
Wire mesh
Face sheet
Shute wires (ø1.2 mm)
Warp wires (ø1.2 mm)
Opening width: 3.0 mm (DIN/ISO 9044)
Figure 1:  Grid Sheet’s composition 
To apply the cooled heat shield made from welded Grid Sheet onto the inside of steam 
turbine casings, conical sections – i.e. ring segments – will need to be produced that 
accurately fit between the guide blades of the steam turbine that are also mounted onto the 
turbine casing. Since the constituents of Grid Sheet are assembled by capacitor discharge 
projection welding of flat sheet metal and metal wire mesh – which results in flat Grid Sheet 
panels – subsequent forming processes are required to produce conical segments. Similar as 
well as more complex shapes might also be obtained through the assembly of pre-bent 
constituents to pre-shaped Grid Sheet panels that only require final calibration to the required 
shape by a forming process. However, the technology for this type of joining still is in its 
infancy and it is not yet possible to guarantee a homogenous spot weld strength distribution 
and accurate shape after joining.
Some sheet metal bending processes are particularly suited to produce tubular shapes – i.e. 
either cylindrical or conical – from sheet and plate materials. Since bending processes belong 
to the most common sheet metal forming processes, much is known about the deformation 
mechanisms. Therefore, bending processes were considered best suited to analyze the elastic-
plastic behavior of welded Grid Sheet and to produce curved parts from initially flat panels. 
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2 RESEARCH OBJECTIVES AND APPROACH 
The development of a comprehensive prediction model – accurately describing the bending 
phenomena observed for welded Grid Sheet – is the ultimate goal for the conducted research 
activities. The research objectives in this paper have been defined with this goal into mind. 
Therefore, this paper will make a relatively small but significant contribution to the 
enhancement of the insight into the bending behavior of welded Grid Sheet. A research 
procedure has been developed and corresponding experimental and numerical methods have 
been selected. 
2.1 Research objectives 
The deformation imposed on the welded Grid Sheet during bending has both elastic and 
plastic portions. The plastic part of the deformation is permanent, and it is not recovered, 
when the sheet is unloaded. The elastic part of the deformation, on the other hand, is 
recovered upon removal of the load. The term for the latter phenomenon is springback. In 
order to accurately attain a desired shape, springback is to be accounted for either in tool 
design and/or through the adjustment of bending parameters; depending on the type of 
bending process.
Since little is known about the elastic-plastic material behavior of all-metal cellular 
sandwich structures – having a geometric complexity similar to welded Grid Sheet – more 
insight into this behavior is required before any conical ring segment can be successfully bent 
in an efficient way. The research presented in this paper is therefore restricted to the bending 
of cylindrical instead of conical parts. The knowledge gained through the analysis of bending 
cylindrical shapes should provide a solid basis for bending conical shapes in the future.
Preliminary bending experiments revealed that a significant number of spot welds might 
get damaged or even fail, if they are overloaded during forming [3]. The damage to and 
failure of spot welds does not only diminish the structural strength of welded Grid Sheet, it 
also affects the final shape of a bent part. Consequently, a reliable non-destructive testing 
method is required to evaluate the presence and preferably also the quality of individual spot 
welds. The effect of damaged spot welds on the final geometry of the bent part is also focused 
on. The influence of damaged spot welds on the remaining structural strength of welded Grid 
Sheet is investigated by a project partner [4]. Furthermore, the mechanisms leading to spot 
weld damage or failure are analyzed to gain a comprehensive overview of all aspects relevant 
to bending welded Grid Sheet.
During the weaving process the warp wires of the metal wire mesh are more severely 
deformed than the shute wires, which results in a larger amplitude and different mechanical 
properties for the warp wires. Due to this difference, the contact area between warp wires and 
face sheets is much larger than the contact area between shute wires and face sheets during 
capacitor discharge projection welding. As a result, different spot weld strengths are obtained 
for both types of contact. Therefore, an additional objective is to analyze whether – and if 
relevant to what extent – the alignment of the metal wire mesh affects the bending behavior. 
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2.2 Research procedure and methods 
Various bending processes can be used to produce tubular shapes from flat panels; e.g. 
offset folding, roll bending, etc. Hohmeier [5] developed however a flexible cylindrical die 
bending tool (R=200 mm), which is also used for the experiments discussed in this paper. 
Two variants of cylindrical die bending can be recognized: free bending and coining (also 
denoted air bending and bottoming, respectively). For free bending, the work piece is bent 
without pressing the punch to the bottom of the die. The opposite is the case for coining. The 
latter variant is characterized by the dimensions of the bent work pieces being almost entirely 
determined by the geometry of both die and punch. Although the required forces during free 
bending are smaller, coining is preferred for its higher precision. 
Next to a suitable bending process, the enhancement of the insight into the bending 
behavior of welded Grid Sheet requires a measuring method to evaluate springback after 
bending. Hohmeier [5] evaluated the springback behavior of welded Grid Sheet (made from 
other materials) through tracing the geometry of the bent panels on graph paper followed by 
ruler measurements and calculations. A higher accuracy of the geometry measuring technique 
is however preferred. Therefore, the digitization system ATOS III [6] has been used to enable 
a detailed analysis of the geometry of the bent parts. The ATOS III system, Figure 2, is based 
on the triangulation principle: the sensor unit projects different fringe patterns on the object to 
be measured and observes them with two cameras. Based on the optical transformation 
equations, the computer automatically calculates the 3D coordinates for each camera pixel 
with high precision. Subsequently, the computer can calculate the radius for a defined cross 
section of the bent part. 
Figure 2:  3D-digitization system (left), Infrared thermography system 
Another important evaluation parameter is the presence and quality of the spot welds after 
bending. Spot welds can be inspected visually with a microscope through the preparation 
(grinding and polishing) of embedded Grid Sheet specimens. This is however very labor-
intensive and relatively inaccurate. Furthermore, this type of inspection actually is a 
destructive testing method due to the preparation requirement. Therefore, infrared 
thermography – a non-destructive testing technique – which is commonly used to detect 
defects in sandwich materials, has been selected for the evaluation of spot weld quality. This 
technique detects and measures heat emissions and transforms the results into visible images, 
Figure 2. For welded Grid Sheet one face sheet is heated and viewed from the same side. At 
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locations where spot welds are (still) present, part of the applied heat is conducted into the 
wire mesh. This can be observed as a spot on the face sheet having a lower temperature than 
its direct surroundings. Heat application must be relatively uniform over the area being 
inspected, which promotes unidirectional heat flow through the material perpendicular to the 
surface. For welded Grid Sheet this is accomplished best through a flash lamp. After 
conducting the measurements the images need interpretation, which is currently accomplished 
through visual non-automated inspections.   
Although cylindrical die bending experiments contribute to the enhancement of the insight 
into the bending behavior, the investigation of the mechanisms determining this behavior are 
more interesting from a scientific point of view. Since many aspects affect the damage to 
individual spot welds and the final geometry of the bent part, a precise prediction of 
springback and spot weld damage by analytic models is rather complicated. Therefore, FE-
simulation is used to analyze the mechanisms that affect the bending behavior. Through 
reverse FE-simulations of the shear tensile test, the ‘numerical’ strength of the spot welds has 
been determined. The experimental shear tensile tests have also been used to analyze the shear 
behavior of welded Grid Sheet. Subsequently, the validated FE-model has been used to 
simulate the bending behavior of welded Grid Sheet in cylindrical die bending. The FE-
simulations of the bending processes have been validated with experimental results. The 
reference criteria have been: the geometry after spring back and the number of failed or 
damaged spot welds. 
3 RESULTS 
The influence of the alignment of the wire mesh, the effect of a heat treatment before 
bending, and the influence of the specimen length have been investigated in cylindrical die 
bending experiments. To analyze the mechanisms dictating the bending behavior of welded 
Grid Sheet, FE-simulations have been conducted.  
3.1 Cylindrical die bending experiments 
The results of the conducted cylindrical die bending experiments are shown in Figure 3. 
The ratio between R; radius before spring back and R’; the radius after spring back, is an 
indication for the amount of spring back that occurred. A ratio of R/R' = 1 would correspond 
to the situation that no spring back has occurred. The radius before spring back remains 
constant, as it is determined by the radii of either the die or the punch. The error indicators in 
Figure 3 represent 95% confidence intervals that have been calculated on the basis of the 
scattering of the springback ratio for specimens bent under identical conditions. 
By observing the error indicators in Figure 3, it becomes apparent that a heat treatment 
significantly reduces the fluctuation in the springback behavior. Furthermore, it becomes clear 
that a heat treatment generally results in a reduction of springback. The heat treatment is 
expected to induce an increased ductility near the spot welds, resulting in less spot welds 
failing or getting damaged during bending. In addition, a heat treatment will most likely 
homogenize the spot weld strength. In this scenario a heat treatment results in a more constant 
number of damaged spot welds for specimens bent under identical conditions and hereby an 
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improved reproducibility of the springback behavior is observed. Since the quiet cracking 
sound of failing spot welds during bending of welded Grid Sheet specimens that were not 
subjected to a heat treatment was more pronounced than for heat treated specimens, the 
aforementioned theory might be a good explanation for this effect. The discrepancy with 
respect to the acoustic behavior might however also be an indication for differences in 
fracture behavior; i.e. either ductile or brittle.  
Another observation that can be made from Figure 3 is that the spring back for larger 
specimen lengths is observed to decrease. This is most likely caused by a process-related 
larger deflection and corresponding higher total strain. The amount of plastic deformation is 
therewith higher and hereby the self-aligning torque is reduced, which results in a reduction of 
springback.
Futhermore, the alignment of the wire mesh is observed to have a decisive influence on the 
springback behavior. If the warp wires are aligned parallel to the specimen length, springback 
is significantly less than for Grid Sheet specimens, where the warp wires are aligned 
perpendicular to the specimen length. During capacitor discharge projection welding the 
contact areas between wires and face sheets are much larger for warp than for shute wires. 
Consequently, the spot welds between face sheets and shute wires are very small and can even 
be considered virtually non-existent. The bonding strength between face sheets and wire mesh 
(i.e. resistance to delamination) is therefore mainly controlled by the spot welds connecting 
face sheets and warp wires. Whether the geometry of the spot welds, the shape difference 
between warp and shute wires, or the difference in mechanical properties for warp and shute 
wires, are responsible for the aforementioned effect, requires additional research. Since 
welded Grid Sheet – where the warp wires are aligned parallel to the specimen length – 
demonstrates superior bending properties, the remainder of this paper is dedicated to this 
particular type.
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Figure 3:   Results of the cylindrical die bending experiments 
Infrared thermography could not reveal any significant differences with respect to 
975
G. Hirt, R. Kopp, M. Franzke and J. van Santen 
damaged or failed spot welds for the different test conditions. In fact, almost all verified spot 
welds were still present after bending, Figure 7. Furthermore, the spot welds were not 
inspected previous to bending, which makes a reliable conclusion with respect to the effect of 
particular bending parameters on spot weld damage impossible at this moment. The cracking 
sound of spot welds getting damaged during bending is most likely caused by the failure of 
the spot welds connecting warp and shute wires in the centre of the interlayer. On the other 
hand, this sound might also be caused by the failure of the virtually non-existent spot welds 
between face sheets and shute wires. Both types of spot welds can not or only to a limited 
extent be evaluated through infrared thermography. The strength of the spot welds connecting 
face sheets and warp wires apparently is sufficient to withstand the loading originating from a 
bending radius of 200 mm.
3.2 FE-simulation of cylindrical die bending 
Since the bottleneck for the formability of grid sheet is the strength and ductility of the spot 
welds, a better understanding of the mechanisms leading to spot weld damage and failure is 
essential. To enable an extensive analysis of both the spot weld damage and the springback 
behavior, a 3-dimensional model composed of solid elements was constructed with the 
software Programmer’s Environment for Pre-Postprocessing (PEP) [7]. The standard FE-
model was a unity cell, which enables an uncomplicated assembly of multiple unity cells to 
construct larger FE-models. After the geometrical construction of the FEM-model in PEP, the 
model was transferred to LS-Dyna. All simulations with conducted with this FE-software 
utilizing explicit algorithms.  
x
y
Distance 
transducers
Fixating 
plates
Figure 4:  Shear tensile test equipment 
Cylindrical die bending experiments have demonstrated that spot welds might sometimes 
get damaged or even fail at arbitrary locations during bending. Therefore, one of the 
requirements for the simulation of cylindrical die bending was to incorporate the possibility of 
spot weld failure and/or damage into the FE-model. Ideally, a critical shear stress should be 
defined, which releases the connection between the nodes concerned. Unfortunately, most LS-
976
G. Hirt, R. Kopp, M. Franzke and J. van Santen 
Dyna contact cards are only applicable for shell elements. However, the instruction 
CONSTRAINED_TIED_NODES_FAILURE is compatible with solid elements and allows 
for the definition of a maximum plastic strain. If this defined maximum is exceeded, the 
contact between the nodes resembling a spot weld is released. To validate the developed FE-
model and to determine the boundary values for the failure criteria for each node pair, 
resembling a single spot weld, a shear tensile test fixture was designed and constructed, 
Figure 4. This special fixture hamstrings bending loads on the face sheet during testing. By 
reverse modeling of the shear tensile test, in which the failure values for each node pair are 
adapted until the force and failure time in the FE-simulation correspond to those observed in 
the experimental shear tensile tests (Figure 5), the starting FE-model for the subsequent 
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Figure 5:  Results of the shear tensile validation simulations 
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Figure 6:  Comparison of calculated and measured springback behavior 
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simulation of cylindrical die bending was created. 
The forming simulation revealed large stress concentrations at all spot welds locations. 
After the forming simulation is completed and the grid sheet is completely pressed in the die, 
the spring back of the bent segment has to be simulated. The spring back calculation of the 
grid sheet was accomplished using an implicit solver. LS-Dyna provides a tool, designated 
“dynain” in LS-Dyna nomenclature, which uses the output file called “dynain” of the explicit 
forming simulation. There still is a relatively large discrepancy between the real geometry of 
Grid Sheet after bending and the calculated geometry after springback, Figure 6. As already 
explained virtually no spot weld defects could be detected, Figure 7, which makes a 
comparison of experimental and numerical results with regard to spot weld failure impossible. 
Figure 7:  Infrared thermography image of welded Grid Sheet 
4 CONCLUSIONS AND OUTLOOK 
Although some interesting (new) properties of welded Grid Sheet have been discovered, 
additional research is needed to increase the insight into the elastic-plastic bending behavior 
of welded Grid Sheet and to further develop the research methods and techniques. 
4.1 Recapitulation of elastic-plastic bending behavior 
Cylindrical die bending experiments revealed that a heat treatment after capacitor 
discharge projection welding improves the formability of welded Grid Sheet and increases the 
reproducibility of the geometry after bending (i.e. after springback). Furthermore, it can be 
concluded that the alignment of the woven wire mesh has a decisive influence on the bending 
behavior. The reasons for the dependence of the bending behavior on the alignment are 
currently investigated in more detail.      
Although springback can be analyzed through the developed FE-model, the accuracy of the 
springback calculation should be enhanced in the future. The presented research procedure 
and developed measuring methods will contribute to the development of a reliable prediction 
model describing springback and spot weld damage (and failure). Due to the relatively large 
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bending radius, R=200, only a restricted number of spot welds get damaged during bending. 
Future research should therefore involve bending of welded Grid Sheet into cylindrical 
segments with smaller radii.  
4.2 Prospective research 
Although the research presented in this paper provides important (new) insights into the 
elastic-plastic bending behavior of welded Grid Sheet, additional research is required to fully 
understand the mechanisms that determine the elastic-plastic properties of this highly versatile 
sandwich material. The explained research method – relying on both experimental and 
simulation techniques – will serve as a guideline for the planning and conduction of future 
research. To broaden the insight into the forming behavior other welded Grid Sheet variants, 
having different geometrical and/or material compositions, will be analyzed. The 
development of a comprehensive and validated prediction model (either of numerical or 
empirical nature, accurately describing the bending behavior of different types of welded Grid 
Sheet, will be the ultimate research goal. 
The determination of the exact bending limits – i.e. minimum bending radii – for different 
types of welded Grid Sheet through experimentation will be one of the first challenging 
objectives. Since the bending limits are typically dictated by the damage and/or failure of spot 
welds, non-destructive testing methods that enable the evaluation of the presence and/or the 
quality of spot welds before and after bending will play a decisive role in the realization of 
this objective. Although infrared thermography has shown promising results, the 
interpretation of the results is highly operator dependent. Therefore, the used thermography 
measuring method needs further optimization. Furthermore, the use of additional non-
destructive testing techniques has already been considered. Although additional research is 
needed to develop a reliable evaluation procedure, preliminary experiments have indicated 
that ultrasonic testing offers an interesting potential. This testing technique should not only 
enable the evaluation of spot welds connecting face sheet and wire mesh, the quality and/or 
presence of spot welds connecting warp and shute wires located in the centre of the interlayer 
of welded Grid Sheet can also be determined through this method. After determining the 
bending limits, appropriate measures will be developed that enable a minimization of spot 
weld damage and/or failure to enhance the formability limits of welded Grid Sheet.  
The experimental determination of the bending limits of welded Grid Sheet would require 
many redesigns and reproductions of cylindrical die bending tools every time different radii 
would need to be bent. Therefore, four-roll bending has been selected as a more cost-efficient 
alternative to cylindrical die bending to determine the bending limits of welded Grid Sheet. A 
repositioning of the bending rolls enables a simple adjustment to different bending radii 
without any physical modifications to the tooling. Furthermore, this bending process is 
capable of producing cone parts that will ultimately be needed to produce cooling elements 
made from welded Grid Sheet for steam turbines. The springback behavior is analyzed 
simultaneously to the evaluation of spot weld quality for different bending radii and the 
developed simulation and calculation models are modified and (re)validated to enhance the 
predictability of both spot weld damage and springback. To significantly reduce the 
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computation time for the FE-simulations, a replacement of solid elements for the wire mesh 
by beam elements is currently under investigation.  
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Summary. The current study presents a special-purpose analysis tool, based on the finite 
element method, for parametric design studies of sandwich panels with scarf repair. This 
design tool provides the complete three-dimensional stress and strain fields in scarf-repaired 
sandwich panels without any requirements for the nature of the lamination and the type of 
loading. The model takes into account geometric nonlinearity in the adherends and assumes a 
bi-linear stress-strain relationship for the adhesive. The response of sandwich panels with 
both full and partial repairs of the top facesheet has been investigated.
1  INTRODUCTION 
 Bonded joints have become the most common type of repair, and they exist in a variety of 
forms, such as lap, scarf, and stepped. The objective of a scarf repair is to restore the static 
strength and durability of a composite structure that contains damages due to unexpected 
impact loading on the structure or cracks within the structure after longtime usage, and for 
environmental reasons. Panels with scarf repair do not experience excessive secondary 
bending, and the magnitude of transverse shear and peel stress concentration is also not very 
severe. In fact, in the case of homogeneous adherends, the stress variation inside the adhesive 
remains fairly uniform. On the other hand, panels made of composite laminates experience 
non-uniform stress variation within the adhesive [1-4]. Therefore, an accurate prediction of 
the stress and strain fields is crucial for failure analysis [4]. 
 Analytical and numerical methods have been used in the past to examine scarf and stepped 
lap joints [5,6]. These methods are two-dimensional in nature, with limitations on the 
boundary conditions and loading types. These limitations of the analytical methods can be 
overcome by employing the finite element method [1-4,7,8]. Detailed three-dimensional finite 
element analysis of scarf joints can be performed using solid elements. Although accurate 
enough, these models tend to be computationally expensive due to the presence of a thin 
adhesive layer and the numerous layers of plies in the laminate or the facesheet of a sandwich 
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panel. Mesh refinement can be significant, especially in the case of nonlinear analysis, where 
a fine mesh might be required for convergence. Moreover, due to the discretization in the 
transverse direction, it might not be possible to parameterize the meshing process. Therefore, 
a new mesh generation is necessary for each panel with a different number of plies, adhesive 
thickness, or panel dimensions.  
 An alternative to this approach is to use an element based on a single-layer theory, which 
utilizes a modest number of degrees of freedom and provides accurate results. The current 
analysis utilizes one such plate element [9] for the adherents and a separate solid element for 
the adhesive layer in between the adherents. The tapered scarf is visualized as a stepped joint, 
with numerous steps in order to replicate the taper as closely as possible. The analysis 
incorporates geometric and material nonlinearity in the adherent and adhesive elements, 
respectively. A bi-linear stress-strain relationship is used for the material model, and geo-
metric nonlinearity is incorporated based on the total Lagrangian formulation. The analysis 
accounts for finite boundaries, the presence of a cutout or grind-out in the skin, arbitrary and 
multiple repair sites, general loading conditions, material anisotropy, different thicknesses of 
the repair patch and skin, and different repair and parent materials. The material properties are 
input for each ply without any limitation on refinement in the thickness direction. While it is 
computationally robust and fast, it leads to accurate stress predictions in each specific ply and 
the adhesive layer.  
2 PROBLEM DEFINITION 
 The construction of a sandwich panel with the top facesheet under scarf repair is 
illustrated in Figure 1. The thicknesses of the core, top facesheet, and bottom facesheet are 
denoted by hC, hTF, and hBF, respectively. The entire top facesheet, or only a part of it, can be 
under repair. The panel has a rectangular planar geometry with length Lx and width Ly . The 
facesheets, as well as the core, can be composed of homogeneous, elastic, and orthotropic 
material layers. As shown in Figure 1, the panel is subjected to forces and moment and 
prescribed displacements at the edges. The problem posed herein concerns the determination 
of the complete three-dimensional stress and strain fields in the base facesheets, repair 
material, core, and adhesive. 
3 PRESENT APPROACH 
 In the current analysis, both plate and solid elements are utilized to model the panel with a 
repair. As shown in Figure 2, the base region, consisting of the facesheet and core, is repre-
sented through a single plate element, through the thickness. Similarly, plate elements are 
used to model the repair in the top facesheet. The adhesive layer, on the other hand, is 
modeled using a solid element. Since all the plate elements are required to have a constant 
thickness, a fictitious material, with a very low stiffness value, is used in the region where the 
adherent doesn’t occupy any space, as shown in Figure 2.  
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Figure 1:  Sandwich panel with scarf repair 
Figure 2: The three layers of the scarf super element 
 The composite scarf element shown in Figure 2 has the adhesive solid element sand-
wiched between the adherend plate elements. Since only one layer of adhesive element is 
used, the nodal displacements of the adhesive element are expressed in terms of the plate 
element placed above and below the adhesive element. Therefore, the adhesive is comprised 
of pseudo nodes, without any independent degrees of freedom. The stiffness matrix and the 
unknown displacement vector of the super element, comprised of the adherend and adhesive 
layer, have the following form: 
32
Scarf 1 32
78 78
HOT adh adh
base bb br
adh HOT adh
rb repair rr u
ª º« » 
« »¬ ¼
K K KK
K K K
 (1) 
^ `Scarf 1T base repair v v v  (2) 
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where 32HOTbaseK  and 32HOTrepairK  are the stiffness matrices of the base and repair adherend, 
respectively, and adhK  is the stiffness matrix of the adhesive layer. Details of the HOT32 
plate element with geometric nonlinear capabilities and the adhesive element with material 
nonlinearity are given in sections 3.1 and 3.2, respectively. The region outside the repair is 
modeled using the HOT32 plate element.  
3.1  Plate Element 
 The triangular plate element contains 13 degrees of freedom at each node, as shown in 
Figure 3. These degrees of freedom consist of two in-plane displacements ( , )u v , two out-of-
plane rotations ( , )x yT T , and three transverse nodal displacements ( ,w 1,w 2 )w  and their deriv-
atives ,( ,xw , ,yw 1, ,xw 1, ,yw 2, ,xw 2, )yw . The weighted-average in-plane displacement compo-
nents in the x- and y-directions are denoted by u  and v , respectively. The weighted-average 
transverse displacement is denoted by w. The weighted-average bending rotations about the 
negative x and positive y axes are denoted by xT  and yT , respectively. Their positive sign 
convention is shown in Figure 3. The transverse displacements 1 2( , )w w , not weighted 
averaged, represent the symmetric and anti-symmetric expansion modes through the thickness 
of the element. As shown in [9] the displacement components of the sandwich panel are 
defined in the form 
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where z h]   is the normalized thickness and varies in the range 1 1] d d . In accordance 
with the {3,2} plate theory, the in-plane displacement components vary cubically and the 
transverse displacement component varies quadratically across the thickness of the panel. At 
any point in the panel, the in-plane displacement components in the x - and y -directions are 
represented by ( , , )xu x y z  and ( , , )yu x y z , respectively, and the transverse displacement 
component by ( , , )zu x y z .
 The governing equations concerning the equilibrium equations and continuity of inter-
element displacements along the element edges are derived utilizing the hybrid energy 
functional. The resulting equations of equilibrium and boundary conditions are derived in [9].  
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Figure 3: Three-noded triangular element with degrees of freedom at a node
The kinematic continuity conditions are imposed not only on the weighted-average 
displacements and slopes ( , , , , )yxu v w T T , but also on the derivatives of the higher-order dis-
placement modes 1 2( , )w w  in the transverse direction. Therefore, the finite element implemen-
tation of the equilibrium equations requires at least 1C  interelement continuity for the out-of-
plane displacement modes of w , 1w , and 2w . Because of this requirement, the finite element 
implementation of the total potential energy functional in terms of the assumed displacement 
field becomes rather difficult. The hybrid energy functional formulation overcomes the 
difficulty of the 1C  interelement continuity requirement because the displacements, as well as 
the slopes, are independently assumed only along element boundaries, which can be rendered 
identical along the common boundaries of adjacent elements. However, the kinematic 
compatibility between the displacements and slopes along the element boundaries is preserved 
in order to avoid a possible shear-locking phenomenon. Also, as part of the hybrid energy 
functional formulation, the stress and moment resultants within the element are selected in the 
form of complex power series so as to satisfy the equilibrium equations. 
 The hybrid energy functional for an element, H3 , is defined as 
1
2
e e
T T
H b b
A
dA d
*
3   *³ ³S CS T u  (4) 
in which the element boundary is denoted by e*  and its area by eA . The vectors bT  and bu
include the components of the boundary forces and boundary displacements, respectively. In 
accordance with the hybrid energy formulation, the resultant stress vector, S , must satisfy the 
equilibrium equations identically. The derivation of S  satisfying the equilibrium equations is 
presented in [9]. The boundary displacement vector, ( )kbu , containing the assumed boundary 
displacement components and the boundary stress vector, ( )kbT , containing the resultant 
stresses and moments corresponding to the boundary displacement vector ( )kbu  are also given 
in [9]. Therefore, substituting for the stress vector, the boundary displacement and boundary 
stress vectors in the hybrid energy functional result in 
0
1
2
T T T T T
H b v3      3b H b Ȝ cb R b R v b G v  (5) 
where 
e
T
A
dA ³H P CP  (6a) 
985
Manabendra Das, Erdogan Madenci and Damodar R. Ambur. 
( )
( ) ( ) ( )
k
T k k k
s b
k
d
*
 *¦ ³G P B B L  (6b) 
0
e
T
b
A
dA ³R S CP  (6c) 
( )
3
( ) ( ) ( )
0
1
k
T k k k
v s b
k
d
 *
 *¦ ³R S B B L  (6d) 
0 0 0
1
2
e
T
A
dA3  ³ S CS  (6e) 
in which the explicit definition of each of the matrices and vectors is given in [9]. In matrix 
form, the hybrid energy functional, H3 , can be rewritten as 
0
1 ˆˆ ˆ ˆ ˆ ˆ ˆ
2
T T T T
H b v3     3b Hb R b R v b G v   (7) 
where 
^ `ˆ ,T T T b b Ȝ , ˆ Tª º « »¬ ¼
H cH c 0 , ^ `ˆ ,
T T T
b b R R 0 , ˆ ª º « »¬ ¼
GG 0
 In accordance with the concept of energy minimization, the first variation of the hybrid 
energy functional with respect to the unknown vector bˆ  of generalized coordinates yields 
 ˆˆ ˆ ˆ ˆT bG    b H b R G v 0  or  1 ˆˆ ˆ ˆ b b H G v R   (8) 
With this explicit solution form, the hybrid energy functional becomes  
0
1
2
T T
H L o3    3v k v f v  (9) 
in which the linear stiffness matrix Lk and the resultant force (load) vector 0f  are defined as 
1ˆ ˆˆT
L
-k = G H G  and -10 ˆˆ ˆ ˆ
T T T
b vf = R H G - R  (10) 
Finally, the element equilibrium equation is obtained by requiring the first variation of the 
hybrid energy functional to vanish: 
 0 0TH LG G3    v k v f  (11) 
For arbitrary variation of G v , the element equilibrium equations become 
0L  k v f  (12) 
 The nonlinear analysis is based on the total Lagrangian formulation. The principle of 
virtual work in the total Lagrangian formulation is given by 
986
Manabendra Das, Erdogan Madenci and Damodar R. Ambur. 
0
( ) ( ) 0
0 0
t t k k t t
kV
S E d VG G' ' ¦³  (13) 
In this expression, the left subscript indicates the configuration by which the quantity is 
measured and the left superscript refers to the configuration of the body at a specific time. The 
right superscript refers to the thk  component of the stress and strain resultant vectors. The 
right-hand side represents the virtual work done by the conservative external forces on the 
virtual displacements. The Piola-Kirchoff stress can be decomposed into two components 
such that 
( ) ( ) ( )
0 0 0
t t k t k kS S S'    (14) 
The incremental Piola-Kirchoff stress vector, ( )0 kS , represents the incremental loading 
between t t '  and t  and ( )0t kS  represents the known component from time t . The Green 
strain at any state t t '  can be written in terms of linear and nonlinear components as 
( ) ( ) 0
0 0 0
t t k t t k t t
L NLE E E
' ' '   (15) 
This expression can be written in terms of the unknown displacement as 
     ( ) ( ) ( )0 12
T Tt t k k t t k t
L NLE
'     B v v v v B v v  (16) 
where ( )kLB  and ( )kNLB  are the linear and nonlinear strain-displacement relationship vector and 
matrix, respectively, corresponding to the thk  strain resultant component. Based on the hybrid 
formulation provided in the previous section, the linear strain-displacement relationship 
matrix can be expressed as 
1 ˆˆT
L
 B CP H G  (17) 
The matrix ( )kNLB  is obtained based on von Karman assumptions and, therefore, the current 
analysis is applicable only for small rotations. The incremental strain ( )0
kE  can be obtained 
by finding the difference of strain at t t '  and t
( ) ( ) ( ) ( ) ( ) ( )
0 0 0
1
2
Tk t t k t k k t T k T k
L NL NLE E E
'    B v v B v v B v  (18) 
The virtual strain increment can be expressed as 
( ) ( ) ( ) ( )
0
Tk k t T k T k
L NL NLEG G G G  B v v B v v B v  (19) 
The expression for stress can now be written in terms of the unknown displacements as 
( ) ( ) ( ) ( ) ( ) ( ) ( )
0 0 0
1
2
Tt t k t k j t k j t T j T j
jk jk L NL NL
j j
S S C E S C' § ·     ¨ ¸© ¹¦ ¦ B v v B v v B v
 
 (20) 
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where jkC

 represents the linear relationship between the resultant stresses and strains. 
Substituting the expressions for virtual incremental strain and total stress from (19) and (20) 
into the virtual work expression and neglecting the higher-order terms results in 
0
( ) ( ) ( ) ( ) ( ) ( )
( ) ( ) ( ) ( ) 0 ( ) ( ) ( ) ( )
0 0 0
T Tk k k t T k k t t k
jk jkL jk L L NL NL L
k j k j kV
k t t T k t k k t k k t k k t
jkNL NL NL e L NL
k k k k
C C C
C S d V S S
§ §
 ¨ ¨¨ ©©
··    ¸¸
¹ ¹
¦¦ ¦¦ ¦³
¦ ¦ ¦ ¦
B B B v B B v B
B v v B B v f B B v
  

 (21) 
The final nonlinear system of finite element equations can be written as 
 L v e iV   k k k v f f  (22) 
where Lk , vk , and Vk  are the linear, initial displacement, and geometric stiffness matrices 
and if  is the internal force vector. The explicit form of these matrices and vectors is as 
follows: 
0
( ) ( ) 0Tk k
L L jk L
k jV
C d V
§ ·
 ¨ ¸
© ¹
¦¦³k B B

 (23a) 
0
( ) ( ) ( ) ( ) ( ) ( ) 0Tk t T k k t t k k t t T k
jk jk jkv L NL NL L NL NL
k j k kV
C C C d V
§ ·
 ¨ ¸
© ¹
¦¦ ¦ ¦³k B v B B v B B v v B
  
 (23b) 
0
( ) ( ) 0
0
t k k
NL
kV
S d VV
§ · ¨ ¸
© ¹
¦³k B  (23c) 
0
( ) ( ) ( ) ( ) 0
0 0
t k k t k k t
i L NL
k kV
S S d V§ · ¨ ¸
© ¹
¦ ¦³f B B v  (23d) 
Note that combining the linear strain-displacement relationship matrix given in (17) with 
(23a), the linear stiffness matrix obtained from the hybrid formulation, (10), can be repro-
duced. The complete from of the tangent stiffness matrix that appears in. (1) can be expressed 
as 
32HOT
L v V  K k k k  (24) 
3.2  Adhesive Element 
 A six-nodded solid element, shown in Figure 4, is used for the adhesive layer. Unlike the 
plate element, the adhesive element is based on displacement formulation. Each node has 13 
degrees of freedom, as in the case of the plate element. Rather than having independent 
degrees of freedom, the displacement at these nodes are expressed in terms of the nodal 
displacements of the adherent plate elements lying above (repair) and below (base) the 
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adhesive element. Therefore, the adhesive element is composed of pseudo nodes rather than 
actual nodes, as shown in Figure 4. The adhesive nodal displacements are expressed as  
32
32
HOTadh
basebaseadh base
adh HOTrepairrepair repair
­ ½­ ½° ° ° °ª º  ® ¾ ® ¾« »¬ ¼° ° ° °¯ ¿ ¯ ¿
vv T 0v 0 Tv v
 (25) 
where adhbasev  and adhrepairv  are displacements at the nodes connected to the base and repair, 
respectively, and baseT  and repairT  are transformation matrices. The displacement field on the 
bottom and top surfaces of the adhesive element can be expressed in terms of the nodal 
displacements, adhbasev  and adhrepairv , as 
adh adhadh
bottom basexy
adhadh adh
xytop repair
­ ½ ­ ½ª º° ° ° ° ® ¾ ® ¾« »
¬ ¼° ° ° °¯ ¿ ¯ ¿
u vN 0
0 Nu v
 (26) 
where the matrix adhxyN  is comprised of the area coordinates for a triangle. The displacement 
field within the element varies linearly through the thickness, such that 
^ `
adh
bottomadh
adh
top
N NK K 
­ ½° ° ® ¾
° °¯ ¿
u
u
u
 (27) 
where NK  and NK  are one-dimensional linear interpolation functions. Therefore, combining 
(24), (25), and (26), the displacement field inside the element can be expressed as 
^ `
32
32
HOTadh
baseadh xy base
adh HOTrepairxy repair
N NK K 
­ ½ª º ° °ª º ® ¾« » « »¬ ¼¬ ¼ ° °¯ ¿
vN 0 T 0u 0 T0 N v
 (28) 
The strain field inside the element takes the form 
32
32
HOT
baseadh adh
HOT
repair
­ ½° ° ® ¾
° °¯ ¿
v
İ Ǻ
v
 (29) 
Figure 4: Adhesive element with pseudo nodes 
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where adhǺ  is the strain displacement transformation matrix and the strain vector consists of 
all six components  
^ `Tadh xx yy zz yz xz xyH H H J J J İ  (30) 
The stiffness matrix can be therefore be defined as 
78 78
T
adh
adh adh
adh adh adh adh bb br
adh adh
br rrV
dV
u
ª º  « »¬ ¼³
K KK B D B K K  (31) 
where adhD  is the stress-strain relationship matrix and the subscripts b  and r  correspond to 
the base and repair, respectively. The isotropic adhesive material has a bilinear relation 
between the effective transverse shear stress, ffeW , and effective transverse shear strain, effJ .
The effective transverse shear stress and strain in the adhesive are defined as 
2 2
eff xz yzW W W         (32) 
2 2
eff xz yzJ J J   (33) 
As shown in Figure 5 the initial shear modulus of the bilinear adhesive behavior is denoted by 
1G , and it reduces to 2G  when the effective transverse shear strain, effJ , reaches the critical 
shear strain, cJ . For a given value of effective strain, effJ , the effective stress, effW , can be 
obtained from Figure 5. Thereafter, the effective shear modulus can be obtained as 
eff eff effG W J  (34) 
Moreover, the effective Young’s modulus can be expressed as 
 2 1eff effE G Q   (35) 
Note that due to the dependence of the effective modulus on the effective strain, the system of 
equations becomes nonlinear and an iterative method based on the Newton-Raphson method 
is utilized. 
4 RESULTS 
 In order to demonstrate the capabilities of the current analysis tool, a sandwich panel with 
a repaired top facesheet is considered. As shown in Figure 6, the facesheet may be subject to 
full or partial repair. The panel has length and breadth of 40 in and 28 in, respectively, and the 
scarf ratio is 30. The top facesheet has 40 plies with a stacking sequence of (45/90/-45)5s and 
the bottom facesheet has 8 plies with a stacking sequence of (45/90/-45)2. Each ply has a 
thickness of 0.0072 in and the core is 1.0 in thick. The material properties are listed in Table 
1. The adhesive has a critical shear strain value of 0.06cJ  .
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Figure 5: Bilinear relation between effective stress and effective strain 
Figure 6: Cross-section of sandwich panel with  full (top) and partial (bottom) facesheet repair 
 Repair Facesheet Core Adhesive 1 Adhesive 2 
1E (psi) 71.58 10u 67.50 10u 21.50 10u 51.56 10u 31.75 10u
2E (psi) 58.50 10u 67.50 10u 17.50 10u 51.56 10u 31.75 10u
3E (psi) 58.50 10u 61.15 10u 52.00 10u 51.56 10u 31.75 10u
12G (psi) 54.40 10u 56.30 10u 31.00 10u 46.00 10u 26.00 10u
13G (psi) 54.40 10u 56.30 10u 31.00 10u 46.00 10u 26.00 10u
23G (psi) 52.80 10u 56.00 10u 44.00 10u 46.00 10u 26.00 10u
12Q 0.34 0.06 1.20 0.30 0.46
13Q 0.34 0.34 51.00 10u 0.30 0.46
23Q 0.53 0.34 51.00 10u 0.30 0.46
Table 1: Material properties of different components of the sandwich panel. 
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 In the first case, the panel top facesheet is subject to full repair. Also, the panel is 
subjected to a resultant moment of xM =500.0 lbs-in/in . The variation of transverse shear 
strain, rzJ , and stress , rzV , inside the adhesive along the x-axis is shown in Figures 7 and 8, 
respectively. Although, an external moment is applied to the panel, the top facesheet remains 
under tension and the effect of stress stiffening is not very significant. Therefore, no 
significant difference is observed between the linear and nonlinear solutions. 
 In the second case, the panel top facesheet is subject to partial repair. The top 20 plies of 
the top facesheet are under scarf repair and the rest are undamaged. In this case, the panel is 
subjected to a displacement of 0.18 inyxu u  . Under the influence of the prescribed 
displacement, the effective strain inside the adhesive exceeds the critical strain, thereby 
triggering a nonlinear material response. The transverse shear strain, rzJ , and stress , rzV ,
inside the adhesive along the line that makes a 45q with the x-axis is shown in Figures 9 and 
10, respectively. Since the effective strain in certain regions exceeds the critical value of 
0.06cJ  , the elastic modulus in those regions gets degraded. This results in higher strain 
values in comparison to the linear response and the stresses in these regions are reduced and 
more load is carried by the facesheet in the undamaged region. 
5 CONCLUSION 
 An analysis tool for scarf repair analysis of sandwich panels has been developed and 
verified against predictions based on the commercially available finite element program 
ANSYS. It has been demonstrated that sandwich panels with complete or partial repair of the 
top facesheet can be analyzed without any difficulty. The analysis takes into account both 
geometric and material nonlinearity. The loading, material properties and panel geometry can 
be arbitrary. While offering computational efficiency, this analysis tool provides accurate 
stress and strain fields. 
  Figure 7: Transverse shear strain, rzJ  Figure 8: Transverse shear stress, rzV
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  Figure 9: Transverse shear strain, rzJ Figure 10: Transverse shear stress, rzV
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Summary. In the present study, an improved higher order zigzag theory is proposed and it is 
applied to study the bending and free vibration response of laminated sandwich plates. The 
theory satisfies the condition of continuity in transverse shear stresses at all the layer 
interfaces and transverse shear stress free condition at the top and bottom of the plate. In 
addition to that it accounts for the transverse flexibility effect of the core. The variation of in-
plane displacements through thickness is assumed to be cubic, while transverse displacement 
varies quadratically only within the core. The core is modelled as a 3-D elastic continuum. An 
efficient C0 finite element is proposed for the implementation of the proposed plate theory. 
The accuracy and range of applicability of the present formulation are established by 
comparing the present results with 3-D elasticity solutions and other results available in the 
literature.  
1 INTRODUCTION 
Sandwich and composite constructions are quite popular for design and development of 
aerospace, underwater and automotive structures because of their lightweight and directional 
properties. Some of the attractive properties of these structures are high heat resistance, high 
strength-to-weight ratio, good energy and sound absorption, and often also low production 
cost. The accurate prediction of the structural behaviour of laminated sandwich plates is quite 
complicated because of the complex variation of their through-thickness properties. Due to the 
low shear modulus compared to that of extensional rigidity, the effect of shear deformation 
plays a significant role in the analysis of composite structures. In case of sandwich, large 
difference of values of elastic moduli of the face sheets and cores makes this effect more 
pronounced and severe. In order to model the effect of shear deformation in a realistic manner 
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several laminated plate theories proposed by many researchers. As an initial effort in this 
direction, the first order shear deformation theory [1] may be stated where uniform transverse 
shear strain is taken over the entire laminate thickness. The performance of the first order 
shear deformation theory is strongly dependant on shear correction factors. For a better 
representation of the transverse shear deformations, higher order plate theories are proposed 
by Lo et al. [2], Reddy [3], Khedir and Reddy [4] and few others where the use of the shear 
correction factor could be eliminated. It gives continuous variation of transverse shear strain 
across the entire thickness, which leads to discontinuity in the variation of the transverse shear 
stresses at the layer interfaces. Unfortunately the actual situation is entirely opposite and the 
degree of discontinuity in the transverse shear strain is severe in the sandwich plates at the 
core face sheet interfaces due to a wide variation of their material properties. In order to 
overcome this problem, layer-wise plate theories are proposed by Srinivas [5], Toledano and 
Murakami [6], Li and Liu [7], Robins and Reddy [8] where unknowns are taken at each layer 
interface. The major disadvantage of these theories is their computational involvement since 
the number of unknowns increases with the number of layers. With the idea of layer-wise 
theory the unknowns for the in-plane displacements at the different layer interfaces are 
expressed in terms of those at the reference plane and it is termed as refined theories [9- 11]. 
In these plate theories the in plane displacements have a piecewise linear variation across the 
plate thickness, which gives a zigzag pattern. A further improvement in this direction is due to 
Di Sciuva [12], Bhaskar and Varadan [13], Cho and Parmerter [14, 15] and some other 
investigators who considered the variation of inplane displacements to be superposition of 
linearly varying piecewise field on an overall higher order variation.  
The refined plate theories discussed above do not take into account the compressibility 
effect of the core. When the cores are made of transversely soft/flexible materials, the effect 
of core transverse normal strain becomes quite important. So, the conventional modeling 
techniques [16-20] are not adequate to accurately predict the behaviour of soft core sandwich 
plates which neglect transverse flexibility of the core. In this situation the 3-D elasticity 
solutions of Pagano [21] for static response and some similar studies due to Srinivas and Rao 
[22] and Noor [23] for vibration problem can give an exact picture but being analytical in 
nature their applications are limited to a specific class of problem only.  
A finite element investigation of the problem is carried out by Lee and Fan [24] 
considering transverse normal deformation of the core where the laminated face sheets are 
simply modeled as Mindlin's plates while the displacements of the core are linearly 
interpolated from the displacements of the face sheets. Oskooei and Hansen [25] have 
similarly modeled the face sheets as Reissner-Mindlin plates but a higher order through 
thickness variation is adopted for the core displacements taking additional unknowns within 
the core layer. A similar attempt based on spline finite strip method is made by Yuan and 
Dawe [26] where the variation of in-plane displacements over the core thickness is taken as 
quadratic utilizing additional unknowns at the core mid-plane. Kant and Swaminathan [27] 
presented an analytical solution for vibration of simply supported composite and sandwich 
plate considering the effect of transverse normal strain/stress but the analysis is based on 
higher order theory, which fails to predict the transverse shear strain discontinuity at the layer 
interfaces as discussed earlier. A layer-wise model is proposed by Rao and Desai [28] who 
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have taken three displacements and three transverse stresses at the interfaces, which are used 
to have a cubic through thickness variation for the three displacement components in any 
layer. As it involves a large number of unknowns, the model applicable for a layer is applied 
to the whole laminate to have a simplified model defined as equivalent single layer theory 
where they have also used layer-wise theory based on mixed formulation. Frostig and 
Thomsen [29] have presented an efficient analytical model based on higher order sandwich 
panel theory to study the vibration of sandwich panels with flexible core.  
Considering all these aspects in view, in this study an attempt has been made to develop 
an improved plate model to predict the behaviour of laminated sandwich plate considering the 
effect of the transverse normal deformation of the core. The in-plane displacement fields are 
assumed as a combination of a linear zigzag model with different slopes in each layer and a 
cubically varying function over the entire thickness. The out of plane displacement is assumed 
to be quadratic within the core and constant throughout the faces.  The plate model is 
implemented with a computationally efficient C0 finite element developed for this purpose 
and applied to solve a number of the sandwich plate problems.  
2 MATHEMATICAL FORMULATION 
The through thickness variation of in-plane displacements as shown in Fig. 1 may be 
expressed as follows
1 1
2 3
1 1
( ) ( ) ( ) ( )
u ln n
u u i l l j
x i i xu j j xl x x
i j
U u z z z H z z z z H z z z zT D D E K
 
  
          ¦ ¦ (1)
1 1
2 3
1 1
( ) ( ) ( ) ( )
u ln n
u u i l l j
y i i yu j j yl y y
i j
V v z z z H z z z z H z z z zT D D E K
 
  
          ¦ ¦ (2)
where, u, v denote the inplane displacement of any point in the reference plane (plate mid-
plane), xT  and yT  are the rotations of the normal to the midplane about y-axis and x-axis 
respectively, un  and ln  are number of upper and lower layers respectively, xE , yE , xK , yK  are 
the higher order unknowns, i xuD ,
i
xlD ,
i
yuD and
i
ylD  are the change of slopes at the 
upper/lower i-th interface between i-th and (i+1)th layer and ( )uiH z z  and ( )
l
jH z z   are 
the unit step functions. 
The transverse displacement as shown in Fig. 2 may be expressed as 
1 2 3 ,  for core
, for upper faces
, for lower faces
u l
u
l
W l w l w l w
w
w
  
 
 
(3)
where, uw , w and lw  are the values of the transverse displacement at the top, middle and the 
bottom layer of the core, respectively and l1, l2 and l3 are Lagrangian interpolation functions in 
the thickness co-ordinate.   
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The stress-strain relationship of an orthotropic layer/lamina (say k-th layer) having any 
fibre orientation with respect to structural axes system (x-y-z) may be expressed as 
^ ` ^ `kQV Hª º ¬ ¼ (4)
where, ^ `V , ^ `H  and kQª º¬ ¼  are the stress vector, the strain vector and the transformed rigidity 
matrix of k-th lamina, respectively [30]. 
Utilizing the condition of zero transverse shear stress at the top and bottom surfaces of the 
plate and imposing the condition of the transverse shear stress continuity at the interfaces 
between the layers, xE , yE , xK , yK ,
i
xuD ,
i
xlD ,
i
yuD and
i
ylD  may be expressed as 
z
-1
2
nu
-nl
-nl-1
-2
1
nu-1 
h/2
h/2 
Įxlnl-1
Įxl1
Įxu1
Įxunu-1
Txu
z1u
z1l
zn-2l
zn-1l
znl
z2l
z2u
zn-1u
zn-2u
znu
x
Fig. 1. General lamination scheme and displacement configuration 
Fig. 2. Variation of transverse displacement (W) through the thickness 
of sandwich plate 
hf
hc
hf
wl
w
wu
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^ ` > @^ `AE D (5)
where,^ ` ^ `1 1 1 11 2 1 2 1 2 1 2... ... ... ...u l u l TT n n n nx x y y xu xu xu xl xl xl yu yu yu yl yl ylE E K E K D D D D D D D D D D D D    
^ ` ^ `, , , , TT x y u x u y l x l yu v w w w w wD T T and the elements of > @A  are dependent on the 
material properties. 
With the help of the above equation the displacement field is modified which now contains 
first order derivatives of uw  and lw , which usually requires C
1 continuous shape functions for 
finite element approximation. In order to avoid the usual difficulties associated with 
satisfaction of C1 continuity, xuw , , yuw , , xlw ,  and ylw ,  are replaced with uxT , uyT , lxT  and lyT ,
respectively where uxT , uyT , lxT  and lyT  are considered as independent field variables. It has 
imposed the following constrains, which are enforced variationally through penalty approach.  
, , , ,0, 0, 0, 0u x ux u y uy l x lx l y lyw w w wT T T T        (6)
Using linear strain-displacement relation and Eqs. (1)- (3), the strain vector ^ `H  may be 
expressed in terms of unknowns as 
^ ` ^ ` > @^ `,
T
T U V W U V U W V W or H
x y z y x z x z y
H H Hª ºw w w w w w w w w     « »w w w w w w w w w¬ ¼
(7)
where, ^ `H is strain vector and the elements of > @H are functions of z and unit step functions.  
The displacement components at any point within the plate may also be expressed as 
^ ` > @^ `
U
f V S f
W
­ ½
° °  ® ¾
° °¯ ¿
(8)
where, ^ ` TT x y ux uy lx ly u lf u v w w wT T T T T Tª º ¬ ¼ and the elements of > @S are
functions of z and unit step functions.  
With the quantities found in the above equations, the Lagrangian of the system may be 
expressed as 
.s extL T U W PO    (9)
where sU , T are the strain energy and kinetic energy, respectively, Wext. is the work done by 
the external transverse loads, and PO is the penalty term for the satisfaction of the constraints 
expressed in Eq. (6).  
Using Eqs. (4) and (7), the strain energy is expressed as  
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^ ` ^ ` ^ ` > @^ `
1
1 1
2 2
n
T Tk
s
k
U Q dxdydz D dxdyH H H H
 
ª º  ¬ ¼¦ ³³³ ³³ (10)
where, 
> @ > @ > @
1
n
T k
k
D H Q H dz
 
ª º ¬ ¼¦ ³ (11)
Using Eq. (8), the kinetic energy is expressed as  
^ ` ^ ` ^ ` > @^ `
1
1 1
2 2
n T T
k
k
T f f dxdydz f R f dxdyU
 
  ¦ ³³³ ³³    (12)
where, > @ > @ > @
1
n
T
k
k
R S S dzU
 
 ¦ ³ , Uk is the mass density of the k-th layer and the dot indicates 
derivative with respect to time ‘t’. 
The work done by a distributed transverse load of intensity q(x, y, t) is 
.extW W q dxdy ³³ (13)
Using Eq. (6), the penalty term is expressed as 
^ ` ^ ` ^ ` ^ `
^ ` ^ ` ^ ` ^ `
, , , ,
, , , ,
2
TT
u x ux u x ux u y uy u y uy
TT
l x lx l x lx l y ly l y ly
w w w w
P dxdy
w w w w
O
T T T TJ
T T T T
§ ·    ¨ ¸ ¨ ¸¨ ¸     © ¹
³ ³
(14)
where J  is the penalty parameter. 
2.1 Finite element formulation 
A nine-noded quadrilateral C0 isoparametric element is used in the present study. The 
generalized displacement vector G  at any point may be expressed as  
1
n
i i
i
NG G
 
 ¦ (15)
where, Gi is  the displacement vector corresponding to node i, Ni is the shape function 
associated with the node i  and n is the number of nodes per element, which is nine in the 
present study. 
With the help of above Eq. (15), the strain vector ^ `H  as appeared in Eq. (7) and the 
displacement vector ^ `f may be expressed in terms of {G} as  
^ ` > @^ `BH G , ^ ` > @^ `f C G (16)
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where, [B] is the strain-displacement matrix in the Cartesian co-ordinate system and > @C is a 
matrix, similar to that of > @B .
The Lagrangian as given in Eq. (9) may be rewritten with the help of Eqs. (10)- (16) as  
^ ` > @^ ` ^ ` > @^ ` ^ ` ^ ` ^ ` ^ `1 1 12 2 2
T T T T
e e e pL M K F KG G G G G G Gª º    ¬ ¼  (17) 
 where, > @eM , > @eK  and pKª º¬ ¼ are the element stiffness matrix, the mass matrix and the  
penalty matrix, respectively and > @eF is the elemental load vector. 
The equation of motion of the plate system can be obtained by applying Hamilton’s 
principle
2
1
0
t
t
LdtG  ³ , which finally yields the generalized eigenvalue problem as 
               > @^ ` > @^ ` ^ `M K PG G   (18)
where, > @K , > @M  are the global stiffness matrix and mass matrix, respectively, and^ `P  is the 
global load vector.  
Now governing equations for different types of analysis can easily be written as follows: 
Static analysis: > @^ ` ^ `K PG  (19)
Free vibration analysis: > @^ ` > @^ `2K MI Z I (20)
where, Z  is the natural frequency, and ^ `I are the vectors defining the mode shapes. 
After incorporating the boundary conditions, the governing equations for different cases are 
solved to get displacements and stresses in case of static analysis and natural frequency (Z)
for the requisite number of modes required in case of free vibration problem.
3 NUMERICAL RESULTS AND DISCUSSIONS 
In order to show the performance of the present formulation, several numerical examples 
of the laminated sandwich plates are analyzed and the results obtained are compared with the 
published results.   
The following non-dimensional quantities used in the present analysis are defined as 
       
32
2
2 4
0 0 0
100, , , , , , , , , , .x y z xy xz yzx y z xy xz yz
wE hh h w
q a q a q a
V V V V V V V V V V V V   
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3.1 Simply supported rectangular sandwich plate with different aspect ratios 
A simply supported sandwich plate (0/90/C/90/0) with aspect ratios b/a=1.0 and 2.0 is 
considered. The material properties used for the core are taken as E1=E2=0.04E, E3=0.5E,
G12=0.016E, G23=G13=0.06E, Q12=0.25, tc=0.8h, while those of each face sheet are E1=25E,
E2=E, G23=0.2E, G12=G13=0.5E, Q12=0.25, tf=0.05h, with h being the total thickness of the 
plate. It is subjected to a distributed load of intensity 0 sin( / )sin( / )q q x a y bS S . The non-
dimensional deflections ( w ) at the plate mid-plane and stresses at the important points are 
calculated for different mesh divisions and presented with those of the 3-D elasticity solution 
[21] in Table 1. The present results are in very good agreement with the 3-D solution [21]. 
The table also shows that the convergence of the results with mesh refinement is excellent. 
b/a h/a References 
, ,0
2 2
w
a b§ ·
¨ ¸© ¹
, ,
2 2 2
x
a b h
V
§ ·
¨ ¸© ¹
, ,
2 2 2
y
a b h
V
§ ·
¨ ¸© ¹
0, ,0
2
xz
b
V
§ ·
¨ ¸© ¹
,0,0
2
yz
a
V
§ ·
¨ ¸© ¹
0,0,
2
xy
h
V
§ ·
¨ ¸© ¹
1.0 0.01 Present (4×4)a 0.8864 1.06428 0.0527 0.1930 0.1763 0.04207 
  Present (6×6) 0.8861 1.0827 0.05364 0.19626 0.17933 0.04280 
  Present (8×8) 0.8860 1.0889 0.05395 0.1974 0.18034 0.04304 
  Present (10×10) 0.8860 1.0917 0.05409 0.1979 0.1808 0.04315 
  Present (12×12) 0.8860 1.0932 0.05416 0.1981 0.1810 0.0432 
3-D Elasticity [21] 0.8867 1.0974 0.05048 0.1850 0.1687 0.0434 
         
 0.1 Present (4×4)a 1.7226 1.1080 0.05898 0.1917 0.1770 0.0458 
  Present (6×6) 1.7212 1.1271 0.06000 0.1950 0.1800 0.04660 
  Present (8×8) 1.7210 1.1335 0.060336 0.19606 0.1810 0.04686 
  Present (10×10) 1.7209 1.1364 0.06049 0.1966 0.1814 0.04699 
  Present (12×12) 1.7209 1.1380 0.06057 0.1968 0.1817 0.04705 
3-D Elasticity [21] 1.7240 1.1417 0.06321 0.1839 0.1694 0.04712 
         
2.0 0.01 Present (4×4)a 1.6126 1.9228 0.03847 0.3284 0.0518 0.03837 
  Present (6×6) 1.6120 1.95626 0.03914 0.3340 0.0527 0.03904 
  Present (8×8) 1.6119 1.9674 0.03936 0.3359 0.0530 0.03927 
  Present (10×10) 1.6118 1.9725 0.0395 0.3367 0.0531 0.0394 
  Present (12×12) 1.6118 1.9752 0.0395 0.3371 0.0531 0.0394 
3-D Elasticity [21] 1.6127 1.9823 0.0397 0.3146 0.0497 0.0396 
         
 0.1 Present (4×4)a 2.9681 1.9473 0.04816 0.3199 0.069709 0.04802 
  Present (6×6) 2.9657 1.9810 0.04898 0.3253 0.070900 0.04885 
  Present (8×8) 2.9653 1.9923 0.049254 0.32714 0.07129 0.04913 
  Present (10×10) 2.9652 1.9974 0.04938 0.32798 0.07148 0.04925 
  Present (12×12) 2.9652 2.0001 0.04945 0.3284 0.07157 0.04932 
3-D Elasticity [21] 2.9712 2.0073 0.05206 0.3064 0.0671 0.04940 
Table 1: Non-dimensional deflection ( w ) and stresses ( , , , ,x y xz yz xyV V V V V ) at the important points of a simply 
supported sandwich plate 
a : Quantities within the parenthesis indicates mesh size 
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3.2 Square sandwich plate under all edges clamped condition 
A square sandwich (0/C/0) plate, clamped in all four edges and subjected to distributed 
load of intensity 0 sin( / )sin( / )q q x a y bS S  is studied by taking thickness ratios, h/a=0.01, 
0.02, 0.05, 0.10 and 0.25. The thickness of each face is 0.1h and that of core is 0.8h. The 
material properties are same as given in the previous example. The deflection, the stresses at 
some important points obtained from the present formulation are presented in Table 2.  It may 
be noted from the results that the percentage increase in the transverse displacement for higher 
thickness ratios i.e. from 0.10 to 0.25 is much higher than those for lower thickness ratios i.e. 
from 0.01 to 0.02.  Same kind of observations may also be noted for the stress values except 
the transverse shear stress ( xzV ) which decreases as the thickness ratio increases. 
h/a References , ,0
2 2
w
a b§ ·
¨ ¸© ¹
, ,
2 2 2
x
a b h
V
§ ·
¨ ¸© ¹
, ,
2 2 2
y
a b h
V
§ ·
¨ ¸© ¹
0, ,0
2
xz
b
V
§ ·
¨ ¸© ¹
,0,0
2
yz
a
V
§ ·
¨ ¸© ¹
0,0,
2
xy
h
V
§ ·
¨ ¸© ¹
0.01 Present 0.2256 0.4382 0.0175 0.3445 0.0501 0.0006 
        
0.02 Present 0.2723 0.4412 0.0207 0.3236 0.0529 0.0010 
        
0.05 Present 0.5728 0.4550 0.0410 0.2660 0.0686 0.0028 
        
0.10 Present 1.4363 0.5081 0.0858 0.1975 0.0978 0.0063 
        
0.25 Present 5.6674 0.9977 0.1647 0.1273 0.1276 0.0141 
Table 2: Non-dimensional deflection ( w ) and stresses ( , , , ,x y xz yz xyV V V V V ) at the important points of a 
clamped square sandwich plate under sinusoidal load 
3.3 Simply supported cross-ply laminated plate 
A symmetric cross-ply square laminate with different 1 2E E ratios is considered in the 
present problem. The non-dimensional fundamental frequency parameters 
(  2 2b h EO Z U ) of the laminate (3, 5 and 9 layers) with the thickness ratio, h/a = 0.2, 
are presented in Table 3 for 1 2 3, 10 and 20E E  . The orthotropic material properties of the 
individual layers in the laminate are 2 3E E , 12 13 2 23 20.6 , 0.5G G E G E   
and 12 13 23 0.25Q Q Q   . The three dimensional elasticity solution of Noor [23] is also 
presented in the table for necessary comparison. The table clearly shows that the performance 
of the present formulation is very good in terms of solution accuracy and the rate of 
convergence with mesh refinement.  
No. of Layers E1/E2 References 3 5 9 
Present (6×6) 6.5527 6.5789 6.5907 3
Present (8×8) 6.5519 6.5781 6.5899 
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Present (10×10) 6.5517 6.5779 6.5897 
Present (12×12) 6.5516 6.5778 6.5896 
Present (14×14) 6.5516 6.5778 6.5896 
Noor [23] 6.6185 6.6468 6.66 
% Error 1.02 1.04 1.06 
Present (6×6) 8.1532 8.4005 8.5101 
Present (8×8) 8.1522 8.3996 8.5091 
Present (10×10) 8.1520 8.3993 8.5089 
Present (12×12) 8.1519 8.3992 8.5087 
Present (14×14) 8.1519 8.3992 8.5087 
Noor [23] 8.2103 8.5223 8.608 
10
% Error 0.71 1.46 1.16 
Present (6×6) 9.2404 9.7726 10.0142 
Present (8×8) 9.2395 9.7718 10.0132 
Present (10×10) 9.2393 9.7715 10.0129 
Present (12×12) 9.2392 9.7714 10.0128 
Present (14×14) 9.2392 9.7714 10.0128 
Noor [23] 9.5603 9.948 10.1368 
20
% Error 3.47 1.80 1.23 
Table 3: The non-dimensional fundamental frequency parameters (  2 2b h EO Z U ) of a simply supported 
cross-ply square laminated plate  
3.4 Simply supported rectangular sandwich plate with different aspect ratios 
A simply supported rectangular sandwich plate (0/90/C/90/0) is considered. The material 
properties used are same as given in sub-section 3.1. The analysis is performed for three 
different aspect ratios (b/a=1.0, 2.0 and 3.0) and two different thickness ratios (h/a=0.1 and 
0.2) with mesh division of 12u12. The non-dimensional frequency parameters 
(   1 22 2 fb h EO Z U ) for first six modes are presented in the Table 4. It may be noted from 
the results that frequency parameters increases with the increase in aspect ratios whereas it 
decreases with the increase in thickness ratio.
Mode numbers b/a h/a References 
1 2 3 4 5 6 
1.0 0.1 Present (12×12) 8.881 16.661 17.725 22.6609 24.6137 24.615 
 0.2 Present (12×12) 5.664 9.396 9.904 12.2588 12.2613 12.421 
         
2.0 0.1 Present (12×12) 24.641 27.076 35.524 49.9979 66.7487 66.904 
 0.2 Present (12×12) 12.318 17.723 22.659 29.6987 36.8789 37.023 
         
3.0 0.1 Present (12×12) 36.963 58.711 65.146 73.9247 79.9526 100.894 
 0.2 Present (12×12) 18.479 36.947 38.106 42.7467 50.9948 55.3739 
Table 4: Non-dimensional frequency parameters (   1 22 2 fb h EO Z U ) of a simply supported sandwich plate 
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4 CONCLUSIONS 
In this paper an improved higher order zigzag plate theory for bending and vibration 
analysis of soft core sandwich plate is proposed. It satisfies shear free conditions at the top 
and bottom surfaces of the plate and inter-laminar shear stress continuity at the layer 
interfaces. The through thickness variation for the in-plane displacements is cubic with 
discontinuity in the transverse shear strain at the layer interfaces. A quadratic variation of the 
transverse displacement is taken for the core layer. The most attractive feature of such an 
involved plate theory is that it requires sufficiently less number of unknowns. An efficient C0
finite element formulation is developed to implement the improved sandwich plate model. 
The results obtained for the deflection, stresses and natural frequencies of the sandwich plate 
structure show excellent performance of the present formulation. The convergence of the 
results with mesh refinement is found to be very good indicating reasonably less number of 
elements can attain the desired accuracy. Some new results for different thickness ratios and 
aspect ratios are also reported for future references. 
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Abstract
Sandwich plates represent an efficient structural element providing a high stiffness-weight ratio 
characteristic. Moreover, when using this structural element, different design configurations and 
materials in the core can be adopted in order to obtain desired properties. From high dissipation 
elastomers to light and stiff honeycombs, several core materials can be applied, looking for high 
damping ratios or simply to obtain an high flexural stiffness/weight ratio. 
Despite the huge interest on the sandwich structures, its numerical modeling requires special attention 
in the representation of the skin/core relation phenomena. This aspect assumes an important role when 
dealing with soft cores. In fact, despite the difficulties arising from the high skin/core modulus ratio, 
which requires a representative displacement field descriptor, the numerical model should take into 
consideration the permissible transversal deformation to which the core may be submitted to. 
Currently, the modeling of such behavior requires the application of layerwise models accomplishing 
for a complete 3D spatial field description, which lead usually to a high computational cost during the 
simulation of sandwich panels. 
In this paper, to trim down the computational cost, it is proposed a simpler and cost-effective 
layerwise model based on a two-dimensional displacement field descriptor. This finite element is 
formulated by using a plate finite element to represent the in-plane and out-plane deformation field of 
each layer, and a bar finite element to represent the nodal transversal displacement degree-of-freedom. 
The proposed finite element formulation and numerical implementation are assessed by comparison 
with results obtained from other modeling methodologies. Furthermore, the finite element model is 
also validated through the correlation analysis between the numerical results and the experimental data 
obtained from a dynamic analysis of representative specimens. 
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1 Introduction 
 Sandwich plates are nowadays an interesting structural element, presenting a good stiffness-weight 
relation. Such elements are becoming interesting solutions in the structural engineering, being 
gradually introduced in light-weight structures, like automobile bodies and aircraft fuselages and 
internal panels.
Despite the interest on these structural solutions, the numerical simulation of sandwich panels, 
especially those with soft cores, is difficult due to the specificity of the required spatial model. 
Currently, the embedding of thin damping layers within a sandwich panel configuration, following a 
single core or multiple core configurations [1], is gaining attention as potential solutions to improve 
the structure dynamic response, safety and durability, while maintaining an high stiffness/weight ratio. 
These sandwich plates, as well as those with a soft foam core, are usually modeled by commercial 
finite element packages using the well-known classical laminate plate theory (CLPT) or an equivalent 
single layer theory (ESL). However, both approaches are unable to take into account for the high shear 
deformation pattern developed inside the damping layers or the soft material core. To overcome such 
difficulties, a layered scheme of plate and solid brick finite elements [2-4] is usually applied, 
providing a correct description of the in-plane displacement field along the layers. Though this 
modeling approach is able to describe accurately the displacement field and the shear deformation 
pattern of laminates and sandwich structures with high material ratios, it leads to a high computational 
cost and time consuming spatial modeling task and restricts significantly the model modification 
capability, an important issue during optimization design simulations. 
Seeking for accurate and generalized finite elements, able to be easily manipulated in order to modify 
the laminate configuration and the material allocation without the need for re-meshing tasks, layerwise 
plate and facet-shell finite elements [5-12] have been recently proposed, demonstrating its ability to 
represent the high shear patterns developed inside the soft cores of sandwich panels. However, since 
these finite elements are usually based on the application of facet-shell formulations to each individual 
layer, forcing the displacement continuity condition directly in the laminate displacement field, the 
out-of-plane displacement is usually neglected, being unable to describe the real behavior of thick soft 
cores which may undergo through-thickness deformation. 
In this work a facet-shell layerwise finite element is enhanced by introducing a through the thickness 
stiffness matrix to account for the out-of-plane displacement of each layer. The generalized 
formulation is described in section 2, the finite element implementation is presented in section 3 and 
section 4 presents numerical tests, results and discussion of the finite element accuracy and capability.  
2 Plate layerwise formulation 
Considering that the multi-layer laminate or sandwich structure can be divided into several 
homogeneous and isotropic or orthotropic layers, each layer can be individually treated as a thick plate 
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following the Reissner-Mindlin assumptions, ensuring the interface displacement continuity directly at 
the respective displacement field description. 
Each layer is modeled according to the following assumptions:   
     • extensional and shear deformations of all the layers are accounted;  
     • deformation through the thickness is neglected;   
     • translational and rotary inertias of all the layers are accounted;  
     • linear theories of elasticity and viscoelasticity are used;  
     • materials are isotropic or orthotropic, and homogeneous in each layer.  
2.1  Displacement field 
Considering a generic layer k  of the sandwich plate with thickness kh , its displacement field k}{u
can be defined as:
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 where 0u  and 0v  are the translations of the reference layer ( 1=k ) and 
x
kE ,
y
kE  are the rotations of 
the normal about the y  and x  axes, respectively. The continuity of the displacement field between 
the layers is guaranteed through a set of coupling terms in the displacement field definition. 
To take into account for the through the thickness deformation, the layer’s assumption of null out-
plane deformation is alleviated at the laminate level, considering that an out-of-plane displacement can 
be prescribed at each interface level. Nevertheless, the displacement continuity of the out-plane 
component is directly imposed and the plane stress state condition at the layer level is ensured by 
using a constant through the thickness displacement parameter in the displacement field description of 
each individual layer. Therefore, the transversal translation kw  of the generic k -th layer is defined by 
the mean value of the top and bottom transversal translations, respectively 1kw  and kw .
The displacement field, k}{u , can be represented through a set of generalized variables as: 
}{][=}{ dkk Nu    (2) 
 where:
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 represents the generalized displacement field and k][N  an allocation matrix.
2.2 Strain and stress fields 
The strain field for a generic k -th layer, k}{H , is obtained from the displacement field through the 
application of a differential operator matrix ][L  as:
kk }]{[=}{ uLH    (4) 
which can be defined in terms of the generalized displacement field through the application of the 
deformation matrix k][B  as: 
}{][=}{ dkk BH    (5) 
where kk ]][[=][ NLB .
Consecutively, the stress field of this generic layer is defined from the strain field by application of the 
constitutive law of the material, represented by the constitutive matrix k][D , which is layer’s material 
dependent:
kkk }{][=}{ HV D    (6) 
The local constitutive matrices are directly defined at the layer level by the isotropic material 
properties or determined from the lamina constitutive matrix ][C  for an orthotropic material, applying 
a coordinate system transformation. 
When frequency dependent materials are applied in the core, which occur for integrated damping 
treatments with viscoelastic materials or sandwich panels using viscoelastic foams of cork compounds, 
the constitutive matrices become frequency dependent and require a special solution method, like the 
direct frequency analysis to obtain a frequency domain solution, or the application of rheological 
parametric models, such as the GHM method [13], the ADF approach [14] or the fractional derivative 
models [15]. Regardless the specificity of the solution method and constitutive model approach, the 
finite element spatial model formulation is completely independent of the viscoelastic constitutive 
relation.
2.3 Velocity field and inertia matrix 
The velocity field can be obtained as the time derivative of the displacement field, as: 
  }{][}{}{ d
t kkk
 N 
w
w uu  (7) 
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The inertia matrix kJ ][  for the k -th generic layer is defined by: 
kk
T
kkJ ][][][=][ NN J    (8) 
where
> @ 33=][ xkk IUJ    (9) 
 being kU  the mass density of layer k .
2.4  Strain and kinetic energies 
Once defined the stress, strain, displacement and velocity fields at the layer level, the elastic storage 
energy and the kinetic energy for the entire layered spatial domain can be calculated through the 
adding up of the energy contribution of each individual layer, as: 
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 where n  stands for the number of layers of the plate and A  represents the in-plane domain. 
2.5 Virtual work of the surface loads 
The virtual work WG  produced by a transverse distributed load }{q  acting on the face layers of the 
layered plate is defined by:  
dSqdW T
S
}{}{= GG ³    (12) 
where S  is the surface area of the distributed load and }{ dG  is the virtual displacement vector. 
2.6 Variational formulation 
To derive the variational statement equivalent to the governing differential equations, as well as the 
natural boundary conditions, it is herein applied the Hamilton's principle, which can be formally stated 
as:
0=)( 2
1
2
1
dtWdt
t
t
t
t
PK ³³ 33 GG    (13) 
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 where K3  and P3  are, respectively, the kinetic and strain energies of the system and WG  is the 
virtual work done by the external forces. 
Introducing Equations (10), (11) and (12) into (13), and performing the variation and an integration by 
parts, the above stated Hamilton's principle yields:  
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which, since it must be satisfied for an arbitrary variation }{ dG  within the time interval > @21, tt , the 
variational statement or the weak form can be defined as:  
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3 Finite element formulation 
3.1  Coordinate systems and interpolation basis 
The proposed finite element, which is based on the 4-node isoparametric quadrilateral element and 
herein denoted as layw4x, is reproduced from a similar layerwise finite element (layw4m) [11], which 
will be recalled herein as a reference for performance and results comparison. 
The three-dimensional domain under analysis is represented onto a global cartesian coordinate system 
( ZYX ,, ) whereas the stiffness and mass matrices of each element are computed in a local cartesian 
coordinate system ( zyx ,, ) coplanar with the element face. These element matrices are transformed 
back to the global coordinate system, where global assembly is then possible to be performed. 
The local geometry of the finite element is mapped into a natural coordinate system ( ]K[ ,, ), where 
the ]  direction is coincident with the z  direction, in which the standard set of bilinear interpolation 
functions are used to interpolate the geometry and the variables within the finite element domain. The 
elemental generalized displacement field }{ ed  is approximated by using this set of interpolation 
functions, represented by the shape functions matrix ][N , and the elemental vector of nodal degrees 
of freedom }{ eid  as:
}]{[=}{ ei
e dNd    (16) 
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3.2 Weak form finite element discretization 
The global weak form stated in (15) can be expressed as the sum of the elemental integral forms, 
allowing the definition of the matrices and vectors at the element level. Therefore, the global weak 
form can be expressed from the contributions of the entire set of En  finite elements, as: 
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which allows the definition of the element mass ][ eM  and stiffness ][ eK  matrices, as well as the 
element load vector }{ eif , as:
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i dAqNf }{][=}{ ³  (20) 
where ][][=][ NB kk B  is the deformation matrix for a generic layer k  of the finite element. 
The assembly of the element contributions requires the relation between the degrees of freedom of 
each individual element }{ eid  and the global degrees of freedom vector }{ id , which is commonly 
established through the connectivity matrices ][ eR , as:
}]{[=}{ i
ee
i dRd    (21) 
3.3 Equations of motion 
The global semi-discrete equations of motion for the entire layered structure can be expressed as: 
}{=}]{[}]{[ iii fdKdM     (22) 
 where the assembled global mass ][M  and stiffness ][K  matrices and the assembled global force 
vector }{ if  are described as a result of the application of the connectivity matrices onto the element 
matrices.
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3.4 Finite element improvement 
Since the intended main application of the finite element formulation is the modeling of thin sandwich 
or layered composite plates with soft and viscoelastic cores, some attention must be paid onto the 
finite element formulation in order to avoid common locking problems. In this finite element 
formulation some known and well founded numerical strategies are applied, following the same 
approach applied in the layw4m formulation [11]. Thus, a non-conforming interpolation scheme is 
applied to the membrane formulation, following the work of Wilson et al. [16] and Taylor et al.[17], 
to avoid the in-plane shear or trapezoidal locking of the bilinear quadrilateral element. Additionally, 
the shear locking problem, to which the finite element formulation hereby proposed is vulnerable, is 
alleviated through the application of a generalization of the MITC [18] approach to the layerwise 
model. Details on these numerical strategies and its implementation into the layerwise formulation can 
be found at [11,12]. 
3.5 Out-plane stiffness 
As initially proposed, the out-of-plane displacement on each individual layer is considered to be 
constant, but not necessarily identical to the remaining layers of the laminate. To ensure the out-of-
plane continuity at the layer interfaces, the generalized displacement vector contains 1n
out-of-plane degrees-of-freedom, and the layer formulation considers a constant out-of-plane 
displacement value, identical to the mean of transversal displacements at top and bottom interfaces of 
the layer. 
The transversal stiffness of each layer can be modeled as four transversal and independent linear 
springs, whose degrees-of-freedom are these top and bottom layer transversal displacements 1kw  and 
kw .
Therefore, the stiffness matrix of a generic layer k  is defined as the superposition of this transversal 
spring stiffness onto the original plate stiffness, as depicted in Figure 1. 
Figure 1 – Transversal spring stiffness concept 
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To derive the equivalent stiffness of each transversal spring it is considered to be materialized as a 
laterally restrained bar finite element with a cross section zkA  identical to one quarter of the element 
layer area and length equal to the layer thickness. Considering all these assumptions, the individual 
stiffness matrix for each nodal spring of layer k , for an isotropic material, is defined as: 
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These individual matrices are assembled onto a global transversal matrix which is added to the finite 
element stiffness matrix at the layer level. No mass contribution of these fictitious add-on spring 
elements is considered. 
4 Finite element testing: numerical results 
The finite element formulation was implemented in Matlab  environment using the SDT  toolbox 
[19] for the finite element model manipulation, the matrix assembly and solving tasks. 
A generic test, based on the determination of the modal parameters for a rectangular sandwich plate 
with a high modulus ratio and different core Poisson’s ratios, is applied to demonstrate the 
contribution of the transversal stiffness. The results obtained with a similar layerwise finite element, 
with a formulation that overlooks the through the thickness deformation, and the results achieved by 
the application of a layered model formed by hexahedral solid finite elements (see [3] for details) are 
used as a reference for validation of the hereby proposed formulation. 
Additionally, the present model is also applied in the calculation of the natural frequencies for a 
simply supported square sandwich plate with orthotropic composite skins and an isotropic foam core. 
For this example, layer level and global level finite element results are available, which provided a 
reference basis for validation. 
Finally, the finite element is applied to simulate a long span sandwich beam with a soft core to which 
numerical and experimental data is available.  
4.1 Example 1: natural modes of a sandwich plate with soft core 
This example exploits the soft core effect in a rectangular sandwich plate. The plate, described in 
Table 1, has thin aluminum skins and a soft core with a high modulus ratio. Both thin and thick 
sandwich conditions are applied and two different Poisson’s ratios for the core material are also 
introduced in this example, demonstrating the effect of the compressibility grade of the core in the 
symmetric mode shapes frequencies. 
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Table1 - Geometry parameters and material properties of Example 1   
Geometry
 Length     a mm300
 Width     b mm200
   1h mm1
 Thickness     2h mm40  / mm2
    3h mm1
Material properties
x  Skins - Aluminum
 Young modulus    1,3E Pa
91072u
 Poisson ratio    1,3Q 0.32
 Density    1,3U
3/2710 mKg
x  Core - hypothetic soft foam 
 Young modulus    2E Pa
3102u
 Poisson ratio    2Q 0.25/0.49
 Density    2U
3/1140 mKg
Boundary conditions    C-F-F-F
C: clamped / F: free 
The results obtained with the present finite element model (layw4x) are compared with those obtained 
using a layered model approach with solid brick finite element (Model 3H). More details on these 
layered approaches can be found in [3]. Additionally, an analogous layerwise model (layw4m) which 
shares the same plate formulation but does not consider the through the thickness deformation, is 
applied for comparison of the anti-symmetric natural modes results. 
The sandwich plate is considered to be clamped in one of its smallest sides and totally free at the 
remaining ones. It was modeled by a 18x12 finite elements mesh and, when using model 3H, 3 layers 
of hexa8 finite elements were applied through the thickness, one for each material layer. Similarly, 3 
layers are used for the layerwise models. This through-thickness coarse spatial modeling, which does 
not introduce an important error in the interesting natural modes, intends to avoid the large set of 
deformation mode shapes of the core that is obtained when it is represented by an higher number of 
solid layers in the model 3H or numerical layers in the layerwise models. 
The computed natural frequencies are listed on tables 2-3 and Figure 2 represents the corresponding 
mode shapes, obtained with the layw4x finite element (graphical post-processing is applied to depict 
the three-dimensional deformed geometry of the mode shapes). 
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Table 2 - Natural frequencies of sandwich plate with soft core – Thick core (40mm) [Hz]    
 compressible core 0.25=2Q  incompressible core 0.49=2Q
Mode  Model 3H layw4x layw4m  Model 3H layw4x layw4m 
F1 3.25 3.26 3.26  3.23 3.24 3.24 
T1 10.62 10.70 10.70  10.58 10.66 10.66 
F2 19.50 19.67 19.67  19.47 19.64 19.64 
T2 35.13 35.64 35.64  35.10 35.61 35.61 
F3 47.57 48.94 48.94  47.54 48.90 48.90 
F1E 11.34 11. 37 ---  41.27 41.40 --- 
T1E 14.99 15.17 ---  42.06 42.84 --- 
F2E 22.16 22.40 ---  45.03 45.93 --- 
T2E 36.60 37.18 ---  53.39 54.84 --- 
F3E 48.53 50.00 ---  61.62 64.59 --- 
Table 3 - Natural frequencies of sandwich plate with soft core – Thin core (2mm) [Hz] 
 compressible core 0.25=2Q  incompressible core 0.49=2Q
Mode  Model 3H layw4x layw4m  Model 3H layw4x layw4m 
F1 8.07 8.08 8.08  8.06 8.07 8.07 
T1 26.77 26.96 26.96  26.74 26.95 26.95 
F2 49.88 50.07 50.07  49.87 50.06 50.06 
T2 90.20 91.12 91.12  90.19 91.12 91.12 
F3 122.11 124.80 124.80  122.10 124.80 124.80 
F1E 125.91 126.10 ---  467.90 475.40 --- 
T1E 127.63 129.00 ---  Na 477.20 --- 
F2E 134.26 135.80 ---  Na 479.20 --- 
T2E 153.30 155.82 ---  Na 486.10 --- 
F3E 172.64 178.11 ---  Na 495.90 --- 
Na: unavailable data 
      The results for the layered model (model 3H) were obtained using Nastran hexa8 finite elements. 
As it is well known, this solid finite element (hexa8), from the MSC.Nastran finite element library, has 
shear locking and volume locking protection mechanisms, which additionally provides a validation 
analysis for the finite element remedies introduced in the proposed finite element. 
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Mode 1 at 3.257 Hz
F1
Mode 3 at 11.37 Hz
F1E
Mode 2 at 10.7 Hz
T1
Mode 4 at 15.17 Hz
T1E
Mode 5 at 19.67 Hz
F2
Mode 6 at 22.4 Hz
F2E
Mode 7 at 35.64 Hz
T2
Mode 8 at 37.18 Hz
T2E
Mode 9 at 48.94 Hz
F3
Mode 10 at 50 Hz
F3E
Figure 2 – Mode shapes for sandwich plate with soft core (thick core) 
1017
R.A.S. Moreira and J. Dias Rodrigues 
4.2 Example 2: simply supported sandwich plate with orthotropic skins 
In this example a square sandwich plate with orthotropic cross-ply laminate skins (0º|90º|core|0º|90º) is 
analyzed [20]. Both thin and thick sandwich plates are considered. 
Geometry parameters, material properties and boundary conditions are summarized in Table 4. 
Table 4 - Geometry parameters and material properties for Example 2 
Geometry
 Square sandwich plate a x b
 Thickness/width ratio  bh / = 100:1|10:1
 Skin/core thickness ratio  1:10 skincore hh
Material properties
x  Skins –cross-ply orthotropic laminate
      
3
231312
131312
321
/ 1627
49.0 ; 22.0
 205.6 ;  895,6
 34.10 ;  131
mKg
GPaGGPaGG
GPaEEGPaE
 
   
   
   
U
QQQ
x  Core – isotropic material
3/ 97
0.0
 45.3
 89.6
mKg
MPaG
MPaE
 
 
 
 
U
Q
Boundary conditions    S-S-S-S
S: simply supported 
The results obtained for this example, the natural frequencies, are normalized as: 
skinEh
b
¸¸¹
·
¨¨©
§
 
2
2 UZZ    (24) 
These natural frequencies normalized values for the thick and thin sandwich plate are listed in tables 5 
and 6, respectively. The results obtained by a semi-analytical approach using a mixed layerwise model 
[21], which is reported to produce accurate results [22], are also listed, providing the analysis 
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reference. Numerical results obtained from local higher-order models [22] are also presented in the 
tables for finite element assessment.  
Table 5 – Normalized natural frequencies of sandwich square plate: a/h=10  
Solution Natural Modes 
1,1 1,2 2,2 1,3 2,3 3,3 
layw4x (antisymmetric) 1.8522 3.2426 4.3280 5.3155 6.1941 7.8266 
Rao and Desai (LW) [21] 1.8480 3.2196 4.2894 5.2236 6.0942 7.6762 
Zhen et al [22] 7th ord 1.8740 3.2620 4.3427 5.3065 6.1573 7.7703 
Zhen et al [22] 5th ord 1.8889 3.2831 4.3683 5.3320 6.1868 7.8055 
Zhen et al [22] 3rd ord 1.9742 3.3944 4.5413 5.5484 6.4678 8.2285 
Rao and Desai (ESL) [21] 4.9624 8.1934 11.987 10.517 13.749 16.451 
Kant and Swaminathan [20] 4.8594 8.0187 10.297 11.738 13.471 16.132 
Kant and Swaminathan [23] 4.8519 7.9965 10.255 11.681 13.389 16.004 
Reddy [24] 7.0473 11.909 15.290 17.321 19.812 23.507 
Senthilnathan et al [25] 7.0473 11.962 15.290 17.370 19.833 23.507 
Whitney-Pagano [26] 13.869 30.643 41.558 50.939 58.364 71.372 
      
layw4x    (symmetric)  12.219 12.378 12.594 12.868 13.150 13.823 
Table 6 – Normalized natural frequencies of sandwich square plate: a/h=100  
Solution Natural Modes 
1,1 1,2 2,2 1,3 2,3 3,3 
layw4x (antisymmetric) 11.962 23.524 31.117 36.538 41.849 50.322 
Rao and Desai (LW) [21] 11.940 23.402 30.943 36.143 41.447 49.762 
Zhen et al [22] 7th ord 12.040 23.738 31.860 36.733 43.154 49.989 
Zhen et al [22] 5th ord 12.090 23.890 32.080 37.005 43.474 50.245 
Zhen et al [22] 3rd ord 12.248 24.359 32.761 37.861 44.485 51.563 
Rao and Desai (ESL) [21] 15.548 39.265 55.151 73.495 84.292 106.590 
Kant and Swaminathan [20] 15.509 39.029 54.762 72.757 83.441 105.378 
Kant and Swaminathan [23] 15.465 38.923 54.633 72.593 83.269 105.181 
Reddy [24] 15.952 42.227 60.127 83.998 96.313 124.205 
Senthilnathan et al [25] 15.952 42.371 60.127 84.425 96.716 124.205 
Whitney-Pagano [26] 16.218 44.707 64.504 94.910 108.905 143.797 
Only for comparison, the published results using ESL [21] and global higher-order models [20,23] are 
also listed in tables 5 and 6, which clearly over estimate the natural frequency values for soft core 
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sandwich plates, as also reported by Zhen et al [22]. Additionally, for the thick sandwich plate, 
Table 5 also reports the normalized frequency values for the symmetric mode shapes, demonstrating 
the ability of the present finite element to represent the through the thickness deformation. 
From the results listed in Tables 5 and 6, and considering the mixed layerwise model as a reference for 
this example, it is possible to conclude that the present model is able to produce valuable results, even 
for a coarse mesh as the one applied in this analysis (20x20 finite elements). It is also important to 
mention that the finite element model applied in this analysis only considered 5 numerical layers, one 
for each material lamina. A finer subdivision of the material layers into several numerical layers, 
which is easily achieved when using a generic layerwise model as the layw4x, would produce more 
accurate results with some computational cost increase. 
4.3 Example 3: sandwich beam with a soft polymer foam core 
This example is not a classic benchmark test but became interesting since experimental data is 
available [27]. It consists in a wide beam with thin steel skins and a thick soft polymer foam core. 
Model details can be found in Table 7, which replicate the original data from the work of Sokolinsky 
and co-workers [27].   
Table 7 - Geometry parameters and material properties for Example 3   
Geometry
 Length     L mm260
 Width     b mm9.59
   1h mm9.1
 Thickness     2h mm8.34
    3h mm9.1
Material properties
x  Skins - Steel
 Young modulus    1,3E Pa
910210u
 Poisson ratio    1,3Q 0.30
 Density    1,3U
3/7900 mKg
x  Core – Divinycell H60
 Young modulus    2E Pa
61056u
 Poisson ratio    2Q 0.27
 Density    2U
3/60 mKg
Boundary conditions   C-F-F-F
C: clamped / F: free 
The beam is considered to be clamped at one end where rotations and translations are restrained. 
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The results presented in Table 8 were obtained with the present finite element (layw4x) using three 
numerical layers in the core (5 layers in total) and only one numerical layer to represent the core (3 
layers in total). The remaining presented results were published in the original study [27] and were 
obtained using a higher order theory and a two dimensional finite element analysis using a refined 
mesh. The experimental results presented in the same publication are also listed in Table 8, but do not 
provide a reference for the analysis since the experimental boundary conditions aren’t exactly 
replicated by the numerical work. Moreover, the applied frequency resolution in the frequency band 
corresponding to the analyzed symmetric mode shapes, forbid the proper identification of these 
frequencies.
Table 8 - Natural frequencies of cantilever sandwich beam [Hz]    
Mode  
layw4x 
(5layers) 
layw4x 
(3layers) 
Higher order 
theory [27] 
2D Finite 
Element [27] 
Experimental
Horizontal [27] 
Experimental
Vertical [27] 
F1 164.9 165.2 165 165 194 -- 
F2 514.1 517.1 511 512 553 544 
F3 925.2 936.4 910 913 949 950 Fl
ex
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n
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ti-
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m
m
et
ric
 
F4 1416 1441 1373 1379 1404 1391 
T1 1134 1145 
T2 1417 1428 
T3 1970 2014 To
rs
io
n 
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ti-
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m
m
et
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From Table 8 it is possible to conclude that the present model is able to provide results similar to those 
reported in the literature and are consistent with those obtained experimentally. Since the applied 
boundary conditions does not entirely agree with the experimental ones, as it was impossible to 
represent the core discontinuity at the cantilever root (the experimental specimen presents a small gap 
in the core at the fixed root), it is easily recognized the effect of this incoherency for the high 
frequency modes. 
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5 Conclusion
The layerwise model hereby presented provides a valuable tool for the analysis of isotropic or 
orthotropic laminates or sandwich plates with high modulus ratios. The improvement presented in this 
finite element, providing the ability to consider the through-thickness deformation, permits to maintain 
the interesting capabilities of the layerwise theory, while providing the core compression stiffness 
description, which is very important for the analysis of soft core sandwich plates. In fact, the 
application of a layerwise finite element to model a laminated structure provides flexibility and 
customization freedom, which is not easily achieved by other modeling approaches.  
The results obtained in the finite element test permitted to verify the formulation robustness and 
accuracy of the developed layerwise finite element with through-thickness deformation. 
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Summary. This article deals with new 3-D failure criterion to calculate the material effort of  
foam cores based on polymethacrylimide (ROHACELL®) for sandwich constructions under 
multiaxial conditions. In collaboration with the German Institute for Polymers (DKI) this 3-D 
failure criterion for ROHACELL® was developed. This model is suitable to describe the 
compressible material behaviour and the strength differential effect of PMI-foams. New 
tubular test specimen made of ROHACELL® 51 WF, 110 WF and 200 WF and a new test 
facility were developed to determine the mechanical properties under different loading 
conditions. To measure the strain distribution parallel and perpendicular to the loading 
direction the non-contact measurement system ARAMIS was used. For each stage of load, the 
3-D coordinates of the object surface are calculated from the 2-D digital images. The 
developed 3-D failure criterion need only three free parameters to describe the surface of the 
breakage in the 3-D stress space. These parameters can be determined by using the results of 
pure tension, compression and shear stress states. Combined tension/shear and 
compression/shear stress states were carried out to validate the 3-D failure criterion. The 
new 3-D failure criterion is more suitable to describe the material behaviour of ROHACELL®
than other potential bodies (e. g. von Mises). This 3-D failure model is easy to implement in 
commercial FE programs. Due to the present results the use of the 3-D failure criterion to 
determine the material effort of ROHACELL® is recommendable. 
1 INTRODUCTION 
Sandwich structures are generally made up of one upper and one lower thin and stiff face 
sheet, which are supported by a thick low density core material [1]. These three components 
are bonded with two adhesive layers. The stiff and strong face sheets are used to carry the in-
plane stresses while the core is used to carry the shear stresses produced by transverse loads. 
Sandwich structures have a high bending stiffness and strength to weight ratio in comparison 
to monolithic structures. This sandwich principle is primarily used for light weight transport 
applications (e. g. aircrafts, trains, trucks, cars, boats) and is well known as a natural design 
concept, e. g. bones and botanical stems [2]. 
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ROHACELL® is a closed-cell polymethacrylimide (PMI) foam that is ideally suited for 
strong, lightweight sandwich construction. ROHACELL®'s natural color is white to slightly 
yellow. Production of ROHACELL® starts when three precisely determined quantities of 
colorless liquids (two monomers and the blowing agent) are mixed (Figure 1). During the first 
stage of the process, the mixture is converted by free radical polymerization to a slightly 
yellow, transparent plastic sheet, which still contains the unchanged blowing agent. During 
the second stage, the plastic sheet is heated to temperatures around 390 °F (200 °C) yielding 
rigid, white, closed cell foam. Simultaneously, the chemical structure of the original 
unfoamed polymer is changed by various cyclization reactions, which are chemical reactions 
where both the blowing agent and the plastic take part in. Substances, which are gaseous at 
this temperature, are liberated, forming small gas bubbles in the plastic [3]. 
ROHACELL® sandwich foam cores offer a high level of stiffness and strength to weight 
ratio, good fatigue properties, high temperature resistance (up to 180 °C/ 356 °F), excellent 
resistance to compressive creep (< 2 %) due to the pressure during processing (up to 0.7 MPa/ 
100 PSI), good consolidation of prepreg skins on top and bottom as well as underneath of 
profiles (e. g. A-stiffener), ease of machining and thermoforming, provide stiffener profile 
geometry, reduction in lay-up and manufacturing costs, reduction in manufacturing cost due 
to co-curing, reduction in tooling costs, comprehensive QM system as well as a proven 
logistic concepts. 
Figure 1: Manufacturing and chemistry of ROHACELL® closed-cell PMI foam [3] 
Structural ROHACELL® sandwich foam cores are successfully used in a number of such 
kinds of aircraft applications. One of the most prominent applications is the air inlet duct 
panels for the centre engine of the Boeing MD 11 aircraft (Figure 2). The precisely CNC-
machined and thermoformed-to-shape foam profiles contribute to significant cost savings 
during lay-up. High-performance PMI foam cores offer excellent resistance to compressive 
creep during the cure, resulting in a thorough laminate consolidation without surface dimpling 
effects. In contrast to honeycomb cores, the isotropic cellular structure of PMI foams provides 
dimensional stability also against lateral pressure during the autoclave cure, eliminating the 
necessity of core profile stabilizers, typically used for honeycomb cures. Also the foam core 
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evenly transfers the autoclave pressure to the surface layers of the shell underneath, resulting 
in a good consolidation without any marks or other surface imperfections. 
Figure 2: Boeing MD11 
In [4], [5] and [6] the potential of a bi-functional usage of PMI foam cores for realizing 
cost and weight optimized A-Stringer profiles is outlined. It will be discussed that the foam 
core can serve as a mandrel during lay-up and cure and as a structural member of the stringer 
component. It can also be concluded that a PMI foam-filled A-Stringer can contribute to 
increasing the stability and buckling resistance of a thin-walled CFRP-structure significantly. 
Furthermore foam-filled A-Stringers can improve the strength and the fatigue life of the 
stiffener and the skin/stiffener interface in comparison to hollow A-Stringers [3], [4]. If 
ROHACELL® is also used as a structural member, the wall-thickness of the covering CFRP 
face sheets can be reduced by approximately one to two plies, offering a “weight-neutral” 
solution compared to a monolithic A-former [6]. Thus it is necessary to take the core material 
of sandwich structures into account to use the bi-functional usage of ROHACELL® PMI 
foams, serving as a mandrel and as a structural member of the sandwich design. To use 
ROHACELL® as a structural core it is necessary to analyse the stress distribution of the 
sandwich structure under loading condition. Afterwards the effort of the core material can be 
determined using the three dimensional stresses and a suitable 3-D failure criterion. This 
would exploit the full inherent cost and weight saving potential of the ROHACELL® foam-
filled sandwich design. 
2 THEORY OF 3-D FAILURE CRITERION FOR RIGID FOAMS BASED ON PMI 
In [7] a new 3-D failure criterion for rigid foams based on PMI (ROHACELL®) is 
developed using invariant theory. In the invariant notation the present state of stress in an 
object is described independent of the selected coordinate system [7].  
A stress tensor comprises a hydrostatic component (axiator) and a deviator. The axiator 
describes a state of omnidirectional tension or compression, whereas the deviator contains a 
resultant tensile, compressive, or shear stress respectively. No statement about the direction of 
the stress is implied [8]. 
The potential chosen in [7] is an ellipsoid potential with its general mathematical 
formulation being 
1026
M. A. Roth, A. Kraatz 
2
21
2
1211
'
2
2 1
3
V
V
aa
IaIaI VV  


 )        (1)
with the first invariant  
kkI V 1             (2) 
and the second deviatory invariant
2
''
'
2
jiijI
VV 
            (3) 
Principally there are the following constraints for the material dependent characteristic 
values a1 and a2 [7]:  
02 ta             (4) 
and    
   »
¼
º
»
¼
º



1
12,1
2
22
21 a
aaaa         (5) 
The equivalent stress VV can be determined according to the following equation [9]: 
    
222
444121212
12
11
2
1
2
121
2
2
'
212


 
aa
IaIaaaaIaa
VV    (6) 
The factor of material effort fE equals the ratio of actual equivalent stress VV to the action 
plane resistance to tensile failure R+ [9]: 
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Implying the first invariant I1 regards the influence of hydrostatic stress states on 
compressible solids. In contrast to solid steel, for example, cellular solids are prone to failure 
under hydrostatic compression. Potentiating I1 to the power of an uneven exponent allows to 
describe the different behaviour of the foam when exposed to tensile versus compressive 
stress. Including I1 with an even exponent enables a closed shape of the potential´s field [7]. 
Parameters a1 and a2 are derived from the material specific characteristic values kV and dV,
which provide information about the ratio of shear to tensile strength (kV) and compressive to 
tensile strength (dV). Consequently their determination requires results from pure axial tensile 
test (R+ = action plane resistance of the foam to tensile failure = tensile strength) and 
compressive tests (R- = action plane resistance of the foam to compressive failure = 
compressive strength) and pure shear tests (Rs = action plane resistance of the foam to shear 
failure = shear strength). Those parameters can be computed using the following equations 
[7]: 
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The above mentioned criterion assumes isotropic and homogeneous material behaviour and 
is suitable to describe the typical compressible material behaviour and the strength differential 
effect (i. e. tensile strength  compressive strength  shear strength) of PMI foams [10].
The new developed 3-D failure criterion according to DKI/ Röhm need only three free 
parameters to describe the surface of the breakage in the 3-D stress space. These parameters 
can be determined by using the results of pure tension, compression and shear loadings 
(Chapter 3). Combined tension/shear and compression/shear loadings were carried out to 
validate the 3-D failure criteria (Chapter 4). 
2 MATERIAL 
The ROHACELL® 51 WF, 110WF and 200 WF grades were tested. The averaged 
density U of tested specimens are presented in Table 1. In general, a low standard deviation of 
the density was observed between specimens of the same ROHACELL® type. 
 ROHACELL®
51 WF 110 WF 200 WF 
Foam Density ȡ [kg/m3] 50.4 r 0.6 102.8 r 0.7 194.8 r 1.7 
Cell Diameter dcell [μm] 405 434 476 
Table 1: Density and cell diameter of ROHACELL® foams 
The average cell diameter dcell of ROHACELL® WF with different densities are analysed 
with micro computed tomography (μ-CT) and scanning electron microscopy (SEM) [7] and 
are listed in Table 1. The homogeneous and 100 % closed-cell foam structure of 
ROHACELL® 110 WF is shown in Figure 3. 
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Figure 3: μ-CT and SEM of ROHACELL® 110 WF 
3 EXPERIMENTAL PROCEDURE 
The needed parameters of the 3-D failure criterion to describe the surface of the breakage 
in the 3-D stress space are determined by using the results of quasi-static pure tension, 
compression and shear load experiments. A new tubular specimen was developed and used to 
realize the experiments with one and the same geometry (Figure 4). The tubular test 
specimens are made of ROHACELL® 51 WF, 110 WF and 200 WF using shape-cutting 
operation. Afterwards the tubular test specimens are glued on flanges using coaxial centering 
device for the assembling. 
Figure 4: Geometry of tubular test specimen 
A tension-/ compression-/torsion testing machine including an optical deformation 
measurement system was used to perform quasi-static uniaxial and combined tests (Figure 5). 
The strain distribution parallel and perpendicular to the loading direction was measured using 
the non-contact measurement system ARAMIS. For each stage of load, the 3-D coordinates of 
the object surface are calculated from the 2-D digital images (Figure 5). 
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Figure 5: Tension-/ compression-/torsion testing machine including the optical deformation 
measurement system ARAMIS 
During the quasi-static compression test the actual stress at the first collapse of the cell 
structure is used for the compressive strength R-. Otherwise the stresses at breakage point are 
used for tensile strength R+ and shear strength RS during the quasi-static tension and torsion 
testing. The determined mechanical properties of ROHACELL® 51 WF, 110 WF and 200 WF 
are shown in Table 2. 
 ROHACELL®
51 WF 110 WF 200 WF 
Tensile Young’s Modulus EZug [MPa] 83.3 r 3.0 188.5 r 1.1 388.2 r 1.3 
Poison Ratio QZug [1] 0.32 r 0.02 0.38 r 0.00 0.38 r 0.03 
Tensile Strength R+ [MPa] 1.25 r 0.03 3.66 r 0.06 5.27 r 0.11 
Compressive Young’s Modulus EDruck [MPa] 73.1 r 2.9 179.7 r 2.3 375.8 r 1.7 
Poison Ratio QDruck [1] 0.28 r 0.02 0.39 r 0.01 0.37 r 0.02 
Compressive Strength R- [MPa] 0.86 r 0.02 3.89 r 0.12 6.84 r 0.13 
Shear Modulus G [MPa] 29.6 r 2.0 84.9 r 6.2 175.2 r 0.7 
Shear Strength RS [MPa] 0.60 r 0.01 2.19 r 0.05 4.28 r 0.09 
Table 2: Mechanical properties of ROHACELL® 51 WF, 110 WF and 200 WF 
The needed parameters for the 3-D failure criterion a1, a2, kV and dV can be determined 
using the results of Table 2 including equations 10 to 13 and are listed in Table 3. 
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 ROHACELL®
51 WF 110 WF 200 WF 
kV [1] 0.86 1.13 1.43 
dV [1] 0.66 1.16 1.23 
a1 [1] -0.31 0.07 0.45 
a2 [1] 0.00077 0.02 0.53 
Table 3: Parameters for the 3-D failure criterion a1, a2, kV and dV of  
ROHACELL® 51 WF, 110 WF and 200 WF 
In Figure 6 the parameters kV and dV related to density of PMI foams are shown. It can be 
concluded, that the needed parameters for the 3-D failure criterion kV, dV, a1 and a2 depend on 
the density of the foam and are not constant. Therefore it is necessary to determine the 
characteristic values dV and kV for any density.
In general PMI foam shows no von Mises behaviour, cause kV and dV are unequal one. 
Figure 6: dV/U- and kV/U-diagram 
In Figure 7 the 3-D failure criterion of ROHACELL® 51 WF, 110 WF and 200 WF in 
V11/W12-plane are presented. It is shown, that the surface of the breakage in the 3-D stress 
space increase with the density of the foam. The DKI/ Röhm criterion includes 
compressibility and strength differential effect of PMI-foams. 
Figure 7: 3-D failure criteria of ROHACELL® 51 WF, 110 WF and 200 WF in V11/W12-plane 
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4 VALIDATION OF 3-D FAILURE CRITERION 
Combined tension/shear and compression/shear loadings were used to validate the 3-D 
failure criterion of the considered PMI foams using the same test specimen geometry and test 
facility, which was described in Chapter 3. The criteria in V11/W12-plane of ROHACELL®
51 WF, 110 WF and 200 WF are presented in Figure 8 to 10.If the potential body according to 
von Mises is calibrated using the tensile strength, the obtained compressive stresses are too 
high for ROHACELL® 51 WF (Figure 8). Otherwise if the potential body according to von 
Mises is calibrated using the compressive strength, the obtained tensile stresses are too low. 
Figure 8: 3-D failure criterion of ROHACELL® 51 WF and  
potential body according to von Mises in V11/W12-plane 
For ROHACELL® 110 WF the potential body according to von Mises is suitable 
(Figure 9), cause the parameters dV and kV are nearby equal to one.
Figure 9: 3-D failure criterion of ROHACELL® 110 WF and  
potential body according to von Mises in V11/W12-plane 
If the potential body according to von Mises is calibrated using the tensile strength, the 
compressive stresses obtained are too low for ROHACELL® 200 WF. Otherwise if von Mises 
is calibrated using the compressive strength, the tensile stresses obtained are too high.
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It can be concluded, that all experimental results fit very well with the V11/W12-curve of 3-D 
failure criterion according to DKI/ Röhm. Therefore the 3-D failure criteria of ROHACELL®
51 WF, 110 WF and 200 WF in V11/W12-plane are validated. 
Figure 10: 3-D failure criterion of ROHACELL® 200 WF and  
potential body according to von Mises in V11/W12-plane 
Furthermore the 3-D failure criterion was independently validated by Composite 
Technology Center GmbH (CTC) and Fraunhofer Institut für Werkstoffmechanik (IWMH) 
[11]. Hereby 3-D failure criterion according to DKI/ Röhm as well as other criteria (e. g. von 
Mises, Beltrami, Sandel and Tresca) were implemented in a numerical program. A 4-point-
bending loaded sandwich beam with PMI foam as core material and face sheet made of CFRP 
were simulated and analysed (Figure 11). Experimental results using 4-point-bending test 
were used to validate the numerical results. The sandwich beam failed due to a shear crack in 
the core material. The calculated material effort fE of ROHACELL® using the DKI/ Röhm 
criterion agree very well with experimental results. The new 3-D failure criterion according to 
DKI/ Röhm is more suitable to describe the material behaviour of ROHACELL® than the 
other potential bodies [11]. This 3-D failure model is easy to implement in commercial FE 
programs. Due to the present results the use of the 3-D failure criterion to determine the 
material effort of ROHACELL® is recommendable. 
Figure 11: Numerical results of the material effort fE of the PMI foam core (ROHACELL®)
of a 4-point-bending loaded sandwich beam 
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5 SUMMARY 
ROHACELL® sandwich foam cores are successfully used in a number of applications. 
ROHACELL® can be used as manufacturing aid during the manufacturing process due to its 
excellent resistance to creep compression during the cure, resulting in a thorough laminate 
consolidation without surface dimpling effects. In addition to a manufacturing aid 
ROHACELL® can be used as a structural core due to its high specific mechanical properties. 
The core material carries especially the shear and compressive stresses produced by 
transverse loads while the stiff and strong face sheets are used to carry the in-plane stresses. 
Furthermore ROHACELL® can contribute to increasing the stability and buckling resistance 
of a thin-walled CFRP-structure (e. g. A-stringer) significantly. If ROHACELL® is also used 
as a structural member, the wall-thickness of the covering CFRP face sheets can be reduced. 
To use ROHACELL® as a structural core it is necessary to analyse the stress distribution of 
the sandwich structure under loading condition. Afterwards the effort of the core material can 
be determined using the three dimensional stresses and a suitable 3-D failure criterion.  
In cooperation with the German Institute for Polymers (DKI) a 3-D failure criterion for 
PMI foams ROHACELL® was developed. This model is suitable to describe the compressible 
material behaviour and the strength differential effect (i. e. tensile strength  compressive 
strength  shear strength) of PMI foams. New tubular test specimen made of ROHACELL®
51 WF, 110 WF and 200 WF and a new test facility were developed to determine the 
mechanical properties under different loading conditions (pure tension, compression, shear as 
well as combined tension/shear as well as compression/shear). A tension-/ compression-
/torsion test machine including the optical deformation measurement system ARAMIS was 
used. The new developed 3-D failure criterion need only three free parameters to describe the 
surface of the breakage in the 3-D stress space. These parameters can be determined by using 
the results of pure tension, compression and shear loadings. Combined tension/shear and 
compression/shear loadings were carried out to validate the 3-D failure criterion. The new  
3-D failure criterion is more suitable to describe the material behaviour of ROHACELL® than 
other well-known potential bodies, e. g. von Mises. The implementation of this 3-D failure 
criterion in numerical finite element programs is easy and it is already implemented in 
commercial finite element programs like ABAQUS, ANSYS® and ESAComp. Due to the 
present results the use of the 3-D failure criterion to determine the material effort of 
ROHACELL® is recommendable.  
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Summary. A design tool for initial dimensioning of inserts in sandwich panels is being de-
veloped. The design tool is based on a high order sandwich beam theory, and can predict the
strength of an insert in a sandwich panel subjected to four different load cases, pull out normal
to the face of the sandwich plate, shear parallel to the face of the sandwich plate, torsion around
the axis of the insert, and bending moment around an axis parallel to the plane of the sandwich
plate. For brevity only the pull out load case is considered in the present investigation. Strength
predictions from the design tool are being compared to predictions using ﬁnite element (FE)
analysis and destructive material tests.
1 Introduction
It is generally accepted that sandwich structures have a superior weight to stiffness and
weight to strength ratio compared to monolithic structures. The layered nature of the sand-
wich does however, with the soft core in its center, pose some limits to its capability to carry
localized loads. In order to increase this, local reinforcements called inserts can be embedded
in the core [1]. Analyzing the strength of inserts in sandwich plates is not trivial, and there are
few tools available to do so. The aim of the present work is to develop a tool for initial strength
analysis of inserts in sandwich plates which will be implemented in the composite analysis code
ESAComp.
In the Insert design handbook [2] three main groups of inserts are identiﬁed. They are called
type A, B and C and they are deﬁned according to the list below. Although the developed
method can be used to analyze through thickness (B,iii), fully potted (B,ii), and partially potted
inserts (B,i), only fully potted inserts are presented in this investigation for brevity.
A Inserts of this type are placed into the core material prior to the assembly of the sandwich
component. Thus they are fully bonded to both skins and core material.
B These inserts are the main focus of this study; they are placed into the sandwich compo-
nent post manufacturing. They exist in three sub categories:
i Partially potted, which only goes through one face sheet and do not extend through
the full thickness of the core material, see ﬁgure 2.
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

tc
tf,1

tf,2
ﬀ R
ﬀ rp
ﬀ ri
Figure 1: Fully potted insert with dimensions
ii Fully potted, which extends through the full thickness of the core material and one
of the face sheets, see ﬁgure 1
iii Through the thickness, which extends through the full thickness of the core material
and both face sheets, see ﬁgure 3
C This group contains mechanically fastened inserts which consist of two threaded parts.
The parts are entered into drilled holes through the sandwich component from each side
and screwed into each other.
Figure 2: Circular sandwich plate with partially
potted insert
Figure 3: Circular sandwich plate with through
thickness insert
Models available in the literature can be divided into two main categories; analytical and
ﬁnite element models. The analytical models, of which two have been found in the literature,
Thomsen [3, 4, 5, 6] and Kristensen [7], have to be solved using a numerical method. Thus they
cannot be directly used for hand calculation. Since they are inherently made in a parametric
form, once they have been implemented into a code they can be used to solve problems with
different geometries. However, there are some limitations to the accuracy of the result in some
load cases due to the restrictive assumptions in the models. E.g. the method presented by
Kristensen [7] is based on fracture mechanics modeling of the core material alone and does
not take the face sheets into account. Using a fracture mechanics approach might not yield
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reasonable results for sandwich with aluminum honeycomb core since the most common failure
is shear buckling of the honeycomb walls. The method presented by Thomsen [3, 4, 5, 6]
assumes that in plane stiffness in the core is zero. Expanding the model to take in plane stiffness
into account is possible, but the complexity of the model is increased dramatically and the
accuracy of predictions does not increase notably.
A ﬁnite element model has to be generated speciﬁcally for each problem to be solved, thus
it is tailor made for that single problem and cannot necessarily be used for another. The level of
detail in a ﬁnite element model can vary from a very detailed 3D model such as in the work of
Bunyawanichakul [8] to an, in comparison, coarse 2D model as the one utilized by Bozhevol-
naya and Lyckegaard [9], [10], or Tsouvalis and Kollarini [11]. Therefore, the complexity of
the FE model depends on the level of detail required to analyze the problem at hand. Thus
ﬁnite element analysis can be used to analyze most combinations of materials and load cases
for inserts in sandwich panels.
2 Governing equations
The problem of a circular sandwich plate with a through-thickness or fully potted insert sub-
jected to external loads is formulated and solved numerically in terms of a high-order sandwich
plate theory in which the 2 face sheets and the core and potting materials are modeled sepa-
rately, Thomsen [3]. In this model, the problem is governed by 24 fundamental ﬁeld variables
as shown in eqn. (2), they are deﬁned in [3]. They are deﬁned with respect to the coordinate
system shown in ﬁgure 4. The 20 variables, marked with index 1 and 2, describe the behavior
of the upper and lower face sheets respectively. The behavior of the core material is described
by 2 shear stress variables, τrz and τθz, and their derivatives with respect to r; ∂τrz/∂r = qr and
∂τθz/∂r = qθ.
{y(r, θ)} = {u1r0, u1θ0, w1, β1r , β1θ , N1r , N1rθ,M1r ,M1rθ, Q1, (1)
τrz, qr, τθz, qθ,
u2r0, u
2
θ0, w
2, β2r , β
2
θ , N
2
r , N
2
rθ,M
2
r ,M
2
rθ, Q
2}
From these governing ﬁeld variables a system of 24 ﬁrst order partial differential equation
can be derived, see [3]. The equation system is solved by piecewise direct numerical integration
along the r direction. The method is called ”multiple point shooting method” or the ”multi
segment method of integration”. In order for the system to be solvable a total of 24 boundary
condition have to be deﬁned.
3 Boundary conditions
The boundary conditions were chosen to, as closely as possible, simulate the boundary con-
ditions of the actual test setup used to measure the pull-out strength of inserts in sandwich
plates as described in the ESA Insert Design Handbook [2]. However, the model can handle
completely arbitrary boundary conditions. Since the model assumes circular symmetry, the
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r, u
1,2
r0
z,w

θ, u1,2θ0
Figure 4: Sandwich plate with fully potted insert and coordinate system
plate is not allowed to move in the r or θ directions at the center. Neither is it allowed to rotate
around the r or z axis, see ﬁg. 5.
Figure 5 shows a schematic of simply supported boundary conditions in the θ = 0 plane.
The edge of the plate is not allowed to move in the z direction, but it is allowed to move in the
r direction, and it is allowed to rotate around the θ axis
P,z,w

r, u1,2r0
Figure 5: Schematic of simply supported boundary conditions in the θ = 0 plane
In the analysis the imposed, simple support conditions are treated in a way similar to what
is shown in the schematic in ﬁgure 6. At the edge, the face sheet which would be in contact
with the support in a test condition is not allowed to move in the z direction. As a result,
normal forces, and bending moments are set equal to zero at the plate edge. Under the general
assumption of small deﬂections it is reasonable to assume that the membrane stresses that arise
from movement in the r direction from deﬂection in the z direction are negligible.
Ideally shear stresses should also be set equal to zero at the plate edge. Because the system of
governing equations is solved by piecewise integration, and the very low local bending stiffness
of the face sheet, setting the shear stresses equal to zero results in very large deﬂections close
to the plate edge, to reduce this effect the total vertical resultant of the shear stresses working
on the area of the plate edge are set to be equal to the point load at the middle of the plate.
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P,z,w

r, u1,2r0

Upper face sheet

Lower face sheet
ﬀ Location of insert and potting
Core material
Figure 6: Interpretation of simply supported boundary conditions in the θ = 0 plane
4 Benchmarking
The developed analysis model has been benchmarked against three different alternative mod-
els. The load case considered in the present work was pull out of the insert normal to the plane
of the sandwich plate. One model was an analytical expression for the deﬂection of a circular
sandwich plate with a point load at its center. Two models were made using the ﬁnite element
code Ansys [12]. A 2 dimensional axisymmetric plane ﬁnite element model, and a 3 dimen-
sional shell ﬁnite element model constructed of a quarter model of a circular plate. The face
sheets were modeled as aluminum, and the core material as aluminum honeycomb with smeared
out material properties. One reason for this was that it was impossible to model orthotropic face
sheets, with reasonable accuracy, in a two dimensional axisymmetric FE model. That would
have required a three dimensional quarter model of a circular plate with every constituent mod-
eled with solid elements. Which in its turn would have resulted in a model which was too
large to analyze with the FE code licenses available. It was also found reasonable to question
the accuracy of such a model since the core material was modeled as solid with smeared out
material properties. The elements would have been signiﬁcantly smaller than the cell size of
the honeycomb core. Therefore it was decided to limit the benchmarking to face sheets of alu-
minum. Deﬁnition of the dimensions of the sandwich plate and insert together with the material
properties of the constituent materials can be found in table 1 and ﬁgure 1.
The geometry considered was a circular axisymmetric plate with a fully potted insert as
shown in ﬁgure 1. The pull-out load, P = 1kN , was placed in the plate center, and the boundary
conditions considered were simply supported.
4.1 Analytical expression
The analytical model is based on classical sandwich theory, as described by Zenkert [13].
According to this, the deﬂection of a sandwich plate consists of two independent modes, one
governed by bending deformation, and one governed by shear deformation. Assuming that both
face sheets have the same material properties and the same thickness, the bending stiffness D
and the shear stiffness S are deﬁned as follows in eqns. (2) and (3) respectively.
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Radius R 105 mm
Insert radius ri 7 mm
Hole radius rp 10 mm
Face thickness tf 0.2 mm
Core thickness tc 20 mm
Insert height hi 17 mm
Face stiffness Ef 70.5 GPa
Core stiffness Ec 310 MPa
Core shear modulus Gc 138 MPa
Pull out load P 1000 N
Table 1: Dimensions and material properties used in the benchmarking
D =
Etfd
2
2
(2)
S =
Gcd
2
tc
(3)
In eqns. (2) and (3) E is the Young’s modulus of the face sheet, Gc is the shear stiffness of
the core material, tf is the face sheet thickness, tc is the core thickness, and d = tf + tc. The
analytical expression for the vertical deﬂection considers a simply supported circular sandwich
plate with a centered point load. It consists of two parts; one part describing the deﬂection due
to bending, eqn. (4), and one part describing the deﬂection due to shear, eqn. (5). A more
thorough deﬁnition of eqns. (4 - 5) can be found in [13].
wb =
P (1− ν)
16πD
[
3 + ν
1 + ν
(R2 − r2)− 2r2lnR
r
]
(4)
P is the point load, R is the radius of the plate, and r is the coordinate along the radial axis,
see ﬁg 4.
ws =
P
2πS
ln
R
r
(5)
The total deﬂection is w = wb +ws. As can be seen from eqn. (5), the solution is singular at
r = 0. Therefore the analytical solution is only valid at a certain distance from r = 0. 4.5 mm
was used in this study.
4.2 Two dimensional axisymmetric plane FE model
The two dimensional ﬁnite element model was constructed using eight node plane elements
with capability for axisymmetric analysis, Plane82 [12]. The model was parametrized in order
to make it easier to conduct a parametric study. Boundary conditions were applied in a similar
way to what is described in the section covering boundary conditions of the module. The center
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of the plate was only allowed to move along the z-axis. In order to be able to apply boundary
conditions, the FE model was extended by 10 mm compared to the analytical model. In the
simply supported model, the extended portion of the top face sheet was restrained in the z-
direction. In order to ensure that the stress gradients and peeks were captured a model with
a very ﬁne mesh was used. The model had 450611 degrees of freedom, and 74565 elements.
Figure 7 shows the area where the top face sheet, potting and insert meet. As can be seen from
the ﬁgure, the face sheets were modeled with 3 elements through the thickness, the potting
was modeled with 36 elements in the r-direction, and the material between the two face sheets,
i.e. insert, potting and core, were modeled with 129 elements in the z-direction. The potting
measured 3 mm in the r-direction, and the face sheet was 0.2 mm thick. The ﬁnely meshed
model did, however, not produce any signiﬁcantly different results from a coarser model with
51214 degrees of freedom and 8386 elements.

Upper face sheet
	
Insert

Potting


Core
0.2 mm
ﬀ 3.0 mm
Figure 7: Mesh density in the area where the insert, potting, core and upper face sheet meet.
4.3 3 dimensional plate FE model
The 3 dimensional ﬁnite element model was constructed using eight node layered shell el-
ements, Shell91 [12], with the capability to deform in shear. Only a quarter of a circular plate
was used, and in order to keep the model as simple as possible, there was no insert modeled at
its center. The two radial edges were given symmetry boundary conditions. Thus in-plane trans-
lation, and rotation around the edge was restrained. The circumferential edge was restrained in
the z-direction for the simply supported model.
4.4 Deﬂections
Figure 8 shows the predicted deﬂections of a simply supported sandwich plate according to
the different models used. Since the analytical model is singular at r = 0 those predictions are
only used for r ≥ 4.5mm. The analytical model, the three dimensional FE model and the devel-
oped analysis model show quite good agreement, whereas the two dimensional axisymmetric
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model predicts a somewhat lower deﬂection. The reason for this is believed to be that the model
is a plane 2D model not allowing for displacement in the θ-direction or rotation around the θ or
z-axis, thus generating a somewhat stiff model.
Figure 8: Predicted deﬂection of simply supported
sandwich plate at P = 1000N
Figure 9: Predicted shear stress distribution in core
at P = 1000N
4.5 Stress levels
Since the insert was not modeled in the three dimensional plate FE model and the shell el-
ements used did not resolve local stress gradients through the thickness of the plate, the stress
results from the high-order model were only compared with the results from the two dimen-
sional plane axisymmetric FE model. Figure 9 shows the predicted shear stress in the center
plane of the sandwich panel, with insert and potting region marked in red and green respec-
tively. Outside the potting the two models show good agreement. Within the potting there is a
certain disagreement which may be attributed to a ﬁnite element mesh that was not ﬁne enough.
Tests with mesh reﬁnement did however not show any signiﬁcant changes in the predicted shear
stresses within the potting. The agreement between the two models is not good within the in-
sert. However, the most common modes of failure in pull out of inserts in sandwich panels are
shear failure in the core material or disbonding between the core material and face sheets or
disbonding between the potting and the face sheets [2]. Therefore the results within the insert
are assumed not to affect the prediction of the failure loads in the governing failure mechanisms.
Transverse normal, peel, stress, or tensile stress, along the upper interface is shown in ﬁgure
10. The upper interface is deﬁned as a line at the height of the lower side of the upper face sheet
where it connects to the core material. The line also goes through the top of the potting and
the insert. The predictions from the two dimensional axisymmetric FE model and the proposed
model show good agreement along most of the interface. The area where the agreement is not
so good is within the insert. This is assumed to be because the loads are applied in different
ways in the two models. In the FE model the load is applied as a point load, whereas in the
proposed model it is applied as a distributed load spread out over the surface of the insert.
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Figure 10: predicted stress distribution in interface
between top face sheet and core constituents at P =
1000N
Figure 11: Predicted stress distribution in interface
between bottom face sheet and core constituents at
P = 1000N
Figure 11 shows the predicted peel stress, or tensile stress, along the lower interface. The
lower interface is deﬁned as a line at the height of the top side of the bottom face sheet where
it connects to the potting and the core material. Along most of the interface the stresses are
predicted to be zero, or very close to zero. At the transition between the core and the potting
the predictions show some stress singularities. Since the stress levels are relatively low they are
assumed not to be of signiﬁcance to the pull-out strength of the insert, but to be sure it should
be assessed with material tests.
5 Failure analysis
Two examples of possible output from the proposed analysis model are given below. This is
not an exhaustive list, only a presentation of two possibilities which are believed to be most in-
teresting when analyzing pull-out strength of inserts in sandwich plates. The loading, boundary
conditions, and geometry are the same as used in the benchmarking section. Material properties
for the potting are taken from the material data sheet for 3M DP760, and the material data for the
core material are taken from the material data sheet for Hexcel HexWeb CRF-1/4-ACG-.002-
3.4. Because of limited availability of material properties, the compressive strength is assumed
to be equal to the tensile strength for both materials. The material data used are presented in
table 2. A test series to verify the predictions shown here is initiated, but not ﬁnalized therefore
experimental data cannot be presented.
Shear failure in core or potting
One of the common modes of failure in pull-out of inserts in sandwich panels is core shear
failure [2], [8], [14], and [15]. A quadratic shear failure criterion according to eqn. 6 was
implemented in the proposed analysis model. The predicted failure index is shown in ﬁgure
12. The upper graph shows the distribution within the potting, and the lower graph shows the
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Core Young’s modulus Ec 540 MPa
Core shear modulus Gc 195 MPa
Core shear strength τˆl 1.4 MPa
Core shear strength τˆw 0.85 MPa
Core compressive strength σˆc 0.85 MPa
Potting Young’s modulus Ep 5.9 GPa
Potting shear modulus Gc 2.2 GPa
Potting shear strength τˆp 29 MPa
Potting compressive strength σˆc 79 MPa
Table 2: Material properties for core material and potting used in the examples below
distribution within the core material.
Ssc =
(
τrz
τˆrz
)2
+
(
τθz
τˆθz
)2
≤ 1 (6)
In eqn. 6 τij is the stress level in the ij direction according to the analysis, and τˆij is allowable
stress in the same direction. The criterion predicts failure when the value is equal to or greater
than one. With the material properties in table 2 inserted into the analysis model, shear failure
is predicted to occur in the potting at a pull out load of 844 kN, and shear failure in the core is
predicted to occur at a pull out load of 3.10 kN. As can be seen in the lower graph in ﬁgure 12
failure is predicted to occur in the core at the intersection between core and potting.
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Figure 12: Predicted shear failure criterion, failure
due to stress is predicted when Ssc ≥ 1. Predicted
mode of failure, shear failure in core at a predicted
failure load Pcrit = 3.10kN
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Figure 13: Predicted peel failure criterion, failure
due to peel is predicted when Spc ≥ 1. Predicted
mode of failure, peel of face sheet from core at a
predicted failure load Pcrit = 2.96kN
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Peel of face sheet from core or potting
Another important mode of failure in pull-out of fully potted inserts in sandwich panels is
peel, or separation, of the rear side face sheet from the core material or potting [2]. A quadratic
criterion taking both tensile stresses and shear stresses according to eqn. (7) into account was
implemented into the analysis model. The upper graph in ﬁgure 13 shows the failure index at
the interface between the face sheet and potting, and the lower graph in ﬁgure 13 shows the
failure index at the interface between the face sheet and the core material.
Spc =
(
σz
σˆz
)2
+
(
τrz
τˆrz
)2
+
(
τθz
τˆθz
)2
≤ 1 (7)
In eqn. (7) σz is the predicted stress, and σˆz the allowable tensile stress in the interface.
Failure is predicted to occur when the value equals or exceeds one. Using the material data in
table 2; peel failure in the upper interface between the face sheet and the core is predicted to
occur at a pull out load of 2.96 kN, and peel failure between the lower face sheet and the core
is predicted to occur at a pull out load of 2.98 kN. As ﬁgure 13 shows, failure is predicted to
occur in the core at the intersection between the core and the potting.
6 Conclusion
A model for the analysis of the pull-out strength of inserts in sandwich panels has been
assessed. The predicted deﬂections showed good agreement compared with predictions made
with an analytical expression, a 2 dimensional axisymmetric plane FE model, and a 3 dimen-
sional sandwich plate model. Stress levels were compared between the proposed model and a
2 dimensional FE model; shear stress levels in the middle of the sandwich plate, and peel stress
levels along the interface between the top face sheet and core and potting as well as the inter-
face between the bottom face sheet and core and potting. Good agreement was found between
predictions along the interfaces between the face and core, and also in the interface between the
face and potting. For initial calculations of the strength of an insert in a sandwich panel, the
proposed model could prove to be a very powerful and relatively simple tool to use.
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Summary. This article deals with experimental, theoretical, and FE characterization
of the local buckling in foam-core sandwich beams. In the theoretical approach, this
phenomena is considered in a periodic formulation (unbounded wrinkle wave); a non-
linear stress-strain response of the face material is accounted for. In the FE approach, non-
linearity of the core material is modelled also. Full-ﬁeld strain measurement is employed in
the tests showing that the commonly used edgewise compression set-up can cause premature
waviness of the faces and, therefore, nonlinear local deformations in the core layer.
1 INTRODUCTION
The wrinkling (local buckling) problem is an important part of the sandwich design,
since the core layer provides a limited support for the in-plane compressed face sheets.
This has been investigated in many studies, and a number of experimental ﬁndings
and theoretical approaches appeared. The known solutions usually assume an explosive
(bifurcation-type) and unbounded propagation of the wrinkle waviness and a purely elastic
behaviour of the core material. The face sheet material is also often considered as ideally
elastic. However, many materials (polymer composites, metals, etc.) exhibit a non-
linear deformation prominent under high stresses. The foam materials can also show a
nonlinear response even at small strains. Finally, the local buckling usually does not occur
simultaneously on the entire sandwich panel. All these features can cause the failure onset
at a signiﬁcantly lower load than that predicted by a linear-elastic model.
In this article, the local buckling of a typical foam-core sandwich is studied under
uniaxial edgewise compression. The test set-up is shown to produce a complex stress-
strain ﬁeld in the core layer. Due to the nonlinear core material response, this eﬀect
results in a premature failure that can be adequately predicted only using an FE model.
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Table 1: Basic mechanical properties of the sandwich constituents (tension/compression).
material thickness, mm E, MPa ν εult, % σult, MPa γult, grad τult, MPa
GFRP 2.4 24540a 0.25 2.2a/1.4b 295a/291b – –
WF51 50 85c 0.32 3.3d/2.3c 1.42d/0.90c 1.2e 0.5e
a ASTM D 638M b ASTM D 3410 c ASTM D 1623-78 (out-of-plane of the foam block)
d ASTM D 3039 (in-plane of the foam block) e ASTM C 273 (in-plane of the foam block)
2 EXPERIMENTAL
The object of study are straight beams (47×270 mm in-plane dimension) comprised of
thick Rohacell WF51 foam core and relatively thin transversely quasi-isotropic faces. The
latter is made of 4 layers (symmetric lay-up) of E-glass non-crimp fabric impregnated with
vinylester resin. Basic material data (the Young’s modulus E, ultimate stress, σult, τult,
and strain, εult, γult) are listed in Table 1. The Poisson’s ratio, ν, is either estimated by the
laminate theory or taken from the coremanufacturer’s data sheet, Ref. [1]. Figures 1 and 2
show typical load curves and tangent moduli (derived by diﬀerentiation of the curves) of
these materials under a quasi-static uniaxial loading. Large drop in the tangent moduli
prior to the failure can be seen in Fig. 2, especially for the compressed foam material.
The edgewise compression tests are performed according to ASTM C364–94. The
specimen edges are reinforced with 15 mm long tabs made of the same laminate as the
face sheets and glued at their outer surfaces. Then, the edges are milled to ensure that
they are ﬂat and parallel. The specimens are compressed between two rigid plates at the
cross-head displacement rate of 2 mm/min. Series of 10 specimens is tested.
A full-ﬁeld displacement registration equipment (one digital camera with 1 fps picture
frequency and Limess software) was used for several tests. Figure 3 shows a typical
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Figure 1: Stress-strain curves for GFRP (left) and WF51 (right) under uniaxial loading.
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transversal strain ﬁeld observed prior to the failure. It is seen that a signiﬁcant local
deformation occurs in the core due to the face sheet waviness. This waviness appears
already at the early loading stage, obviously due to 1) a load eccentricity (because of tabs)
and 2) self-ﬁxation of the edges at the loading plates that results in a slight swell of the
specimen (because of the Poisson’s eﬀect). In principle, the ﬁrst diﬃculty can be overcome
by gluing extra tabs into the core underneath the face sheets. The second diﬃculty seems
to be an inherent property of this standard test, since the friction inevitably prevents free
transversal displacements of the specimen edges.
Figure 4 shows typical strain distributions along the face-core interface (at about 1 mm
distance below the interface) for two loading stages. Particularly, Fig. 4(right) shows the
strain components measured under the bottom face in Fig. 3 (i.e. less than 1 sec before the
failure). Data shown in Fig. 4(left) are measured at the same line but much earlier (under
approximately 1/2 of the ultimate load). Both plots exhibit waviness having prominent
maximums near the tabs. At the moment of failure, the maximal compressive strain
underneath the face-core interface is about 4% that is two times more than the yield strain
typical for this foam grade, Table 1. Corresponding inward transversal displacements are
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Figure 2: Tangent moduli for GFRP (left) and WF51 (right) under uniaxial loading. Fitted with the
5-th order polynomials, since the original data show a large scatter.
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Figure 3: Typical strain ﬁeld (εy) observed in the core prior to the failure.
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about 0.6–0.8 mm. The tensile strain in the adjacent bulges approaches 1%; the maximal
outward displacement is about 0.4–0.5 mm . Taking into account the non-linear material
response, Fig. 1(right), it is obvious that the supporting eﬀect of the core layer decreases
or even vanishes (due to the core crushing in compression) in these local areas.
Figure 5(left) shows progression of several strain maximums (compressive and tensile)
during the loading. The strains are measured and averaged within small circles near the
bottom face as shown in Fig. 3. The 1st and 2nd maximums show almost constant strain
rate until a certain moment, when it increases suddenly. This can be attributed to the
local buckling onset. The 3rd and 4th maximums do not show such a behaviour. Thus,
the buckling is localized near the tabs and, in spite of a continuous waviness of face sheets,
does not occur in the central part of the specimen, obviously due to almost intact (stiﬀer)
support of the core layer. The face sheet debonding apparently starts in the 2nd zone,
most likely by a shear or tensile fracture of the foam material at the face-core interface.
The load curve (load cell signal vs. edge displacement), especially after its diﬀerentiation
as shown in Fig. 5(right), can also be an indicator of the local buckling onset. It is seen
that, after a short period of the clearance adjustment, the overall stiﬀness culminates in
step #20 and then decreases gradually by about 25%. This eﬀect should be attributed to
a gradually increasing face sheet waviness as well as to a non-linear behaviour of the face
and core materials. At step #98, the stiﬀness starts to degrade rapidly. This moment
coincides with the local buckling onset seen in Fig. 5(left).
The test data are given in Table 2 in comparison with the theoretical and FE results
discussed below. The ultimate stress is used, because they diﬀer very little from the
buckling onset values. Since the in-plane stiﬀness of the laminate is much larger than
that of the core layer, the compressive stress in the face sheet is calculated as
σ = P/2hfb, (1)
where P is the total load, hf is the face thickness, and b is the beam width.
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Table 2: Ultimate strength obtained experimentally vs. theoretical and FE predictions.
test data, all linear-elastic nonlinear-elastic face all nonlinear-elastic
Eq.(1) Eq.(2) FE Eq.(3) FE FE
σult, MPa 168.3–192.4 317.1 344.1 279.9 293.0 216.8
3 THEORETICAL
Consider static bending of an inﬁnite beam (which represents the face sheet) having
thickness hf and bonded to an isotropic half-plane (which represents an inﬁnitely thick
core layer). The beam is axially compressed by a “dead” force σhf (per unit width). The
face sheet is assumed to be thin and non-stretchable and to keep the straight form of
equilibrium up to the critical state. Thus, there is no diﬀerence between displacements
at its midplane and at the face-core interface, and no inﬂuence of the interfacial shear
stress. As a ﬁrst approximation, both the face and core materials are considered as ideally
linear-elastic. Using the thin plate Kirchoﬀ-Love theory for the face and Lame´ equations
for the core, the critical (in the Euler’s sense) stress for this model is, Ref. [2],
σult =
3
3
√
4
xn
hf
E1, x
3
n =
Df
E1
, Df =
Efh
3
f
12
, E1 =
2Ec
(1 + νc)(3− νc) , l = π
3
√
2xn (2)
where Df is the ﬂexural rigidity of the face sheet, E1 is the reduced elastic modulus of
the core layer (plane stress state is assumed), and l is the natural wavelength.
Using Eq. (2) and elastic properties from Table 1, the critical stress is easily calculated.
However, its value exceeds the average test data (175.7 MPa) in 80%, Table 2. The natural
wavelength is estimated to be about 33 mm that also disagrees with Fig. 4.
Of course, a better approach is to account for the nonlinear behaviour of the face sheet
material. For example, the reduced modulus of elasticity (called also the von Ka´rma´n’s
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Figure 5: Typical growth of the max. strain in the core (left) and typical load-displacement response
(right, σ is given by Eq. (1)) under edgewise compression. L is the beam length; u is the edge displacement.
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modulus) can be used. In the present case of a rectangular cross-section its reads as
Er(σ) =
4EfEt(σ)(√
Ef +
√
Et(σ)
)2 , (3)
where Et is the tangent modulus, Fig. 2(left). The reduced modulus theory assumes that
a stress release occurs on the convex side of the beam simultaneously with the buckling
onset. For a short-length wrinkle wave the use of Eq. (3) is even conservative, since certain
portions of the face sheet undergo mainly rotation with a minor bending and thus have a
stress release on both sides. This is because the wrinkled face sheet is less shortened than
in the case of an ideally uniaxial deformation. Therefore, the “correct” critical stress will
lie somewhere above the value calculated using the reduced modulus, Refs. [3, 4].
After substitution of Eq. (3), Eq. (2) becomes non-linear and requires a numerical
procedure. Solution is given in Table 2. As can be seen, the reduced modulus theory
gives more realistic estimation of the critical stress if compare with the purely elastic
solution; however, the predicted value is still 60% higher than the experimental one. The
natural wavelength is estimated to be about 29 mm that is also still not realistic.
Thus, the face sheet material nonlinearity has important but not primary destabilizing
inﬂuence on the structure. To approach a more accurate solution, it is necessary to
account for localization of the face sheet bending and for local nonlinear deformation of
the core material, which are observed in the experimental study. Obviously this can not
be achieved analytically, and an FE analysis should thus be applied.
4 FE ANALYSIS
The FE package CosmosM is used. Since the core layer is thick and the strains decay
rapidly through its thickness, Fig. 3, only one face sheet and half of the core thickness are
modelled. Schematic of the model with applied boundary conditions is shown in Fig. 6.
The core is meshed as a rectangular domain with 4-node isotropic shell elements
(shell4). The face and tabs are meshed with 2-node beam elements (beam2d). The
model is composed of 10 elements through the core and 108 elements lengthwise, i.e.
a 2.5×2.5 mm mesh is created. The tabs have the same mesh density and are coupled
node-to-node to the face, enforcing the two nodes to rotate and move by the same amount.
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Figure 6: Schematic of the FE model, not scaled.
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A conservative compressive load (concentrated force) is applied at the edge of one of
the tabs. Actually, it should be applied somewhere in between the tab midplane and the
face midplane, or applied in two portions at both midlines. The used way is a conservative
simpliﬁcation resulting in a larger load eccentricity.
The linear-elastic analysis is performed ﬁrst. The buckling mode (only the 1st mode
is considered here) is shown in Fig. 7(top); a slight non-symmetry is seen which can
be attributed to a limited length of the model. The critical stress agrees well with the
theoretical estimation by Eq. (2), Table 2; the diﬀerence does not exceed 10%. The
wavelength is about 30 mm that is also close to the theoretical results.
A more reﬁned model accounts for the nonlinear elastic response of the face sheet
material, Fig. 1(left). In the software, the nonlinear elastic model relies on the assumption
of proportional loading, when components of the stress tensor vary monotonically in a
constant ratio to each other. Then, the total strain vector is used to compute the eﬀective
strain to obtain the current position at the deﬁned stress-strain curve, Ref. [5].
Result of a geometrically linear FE analysis is given in Table 2 and shows a minor
(about 5%) discrepancy with the theoretical value calculated using the reduced modulus
theory. The buckling mode (again non-symmetric with respect to the centre) is shown in
Fig. 7(bottom). However, the wavelength is about two times smaller than the theoretical
one (12 mm vs. 29 mm). The reason for this eﬀect is not yet clear for the authors.
Finally, nonlinear response of the core material is also introduced into the FE model,
according to Fig. 1(right). The same nonlinear elastic material model is used as for the
face sheet; the foam crush plateau is modelled as almost horizontal line producing very
low tangent modulus, see the dash-and-dot line in Fig. 1(right). Geometrically nonlinear
analyses are performed to calculate the equilibrium displacement solutions for a number
of given loads, by using the modiﬁed Newton-Raphson method under the load control.
The deformed shape and strain ﬁelds are shown in Fig. 8 for the load step #18
at which, as proved below, the local buckling occurs. Comparison with the full-ﬁeld
measurements, Fig. 3, reveals a good agreement of the strain pattern. However, the
FE analysis overestimates the maximal strains by a factor of 2. This can be due to 1)
signiﬁcantly increased, if compare to a real specimen, load eccentricity and 2) localization
of the core “crushing” in the elements adjoining the face sheet (in a real specimen, the
foam cells are ﬁlled with the resin at the interface and thus have a smoother strain ﬁeld).
Figure 7: Buckling modes: linear-elastic face and core (top) or nonlinear elastic face and linear-elastic
core (bottom). Geometrically linear solutions.
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1.9%-8.3%
-1.56 grad 1.56 grad
Figure 8: Strain ﬁelds at the load step #18: transversal, εy, (top) and shear, γ, (bottom). Nonlinear
elastic face and core, geometrically nonlinear solution. The deformed shape is scaled by a factor of 5.
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Figure 9: Growth of the max. strains in the core (left) and load-displacement response (right) in the
nonlinear FE analysis. L is the beam length; u is the edge displacement. Positive strains are displayed.
Figure 9(left) shows growth of the maximal strains in the core during the loading. It
is seen that the tensile strain under the bulge (that corresponds to zone #2 in Fig. 3)
can not initiate the failure, since the ultimate value (3.3%, Table 1) is not reached. The
model can most likely fail by the shear fracture, since the maximal shear stress exceeds
the ultimate value of 1.2 grad. But these are very rough speculations hardly applicable
to the real sandwich beams, because the shear strength data are obtained on large foam
specimens, which failed due to a stress concentration, Ref. [6]. Last but not least, the
used rheological model (nonlinear elasticity with proportional strain growth) and uniaxial
test data can not provide a quantitatively correct results for the strain ﬁelds.
The load curve is shown in Fig. 9(right), along with the stiﬀness function. They
generally resemble Fig. 5(right), although the FE model produces a stiﬀer response. As
in the real specimens, the stiﬀness degradation accelerates at a certain moment (step
#18), which may be considered as the local buckling onset. The corresponding stress,
Table 2, is close to the upper limit of the test data, the diﬀerence is only 13%. Taking
into account imperfections existing in the real specimens and simpliﬁcations introduced
in the FE analysis, such a result is wholly satisfactory.
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5 CONCLUSIONS
The main results of this preliminary study can be outlined as
• the specimen conﬁguration commonly used in the edgewise compression testing of
sandwich beams has a load eccentricity due to the presence of tabs. This causes a
local bending of the face sheet accompanying by a nonlinear deformation of the foam
core. As a result, the buckling is localized, and the ultimate load can signiﬁcantly
be lower than that predicted by a linear stability analysis;
• therefore, for some combinations of the sandwich constituents, nonlinearity of the
face sheet and core materials can be very important for a correct prediction of the
ultimate load. These eﬀects can adequately be accounted for only in an FE analysis.
It is demonstrated that the simplest uniaxial test data combined with a low-CPU
FE model can provide a solution suﬃcient for the engineering purposes;
• the results can be improved by introducing more realistic rheological behaviour and
by using more complex test data (e.g. for multi-axial strain state) in the FE model,
especially for the core material. Also, a better load application can be modelled by
using the shell or solid elements for the face sheet (and, consequently, for the core
layer in the latter case) as well as by accounting for non-uniformity of the density
distribution through-the-thickness of the foam core, Ref. [6].
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Summary. The present study is concerned with a probabilistic homogenization analy-
sis of solid foams. In order to account for the effect of micro structural disorder, a lo-
cal probabilistic approach is proposed. The analysis is applied to different two-
dimensional model foams, where the effects of the disordered microstructure on the ef-
fective properties are outlined.  
1 INTRODUCTION 
Solid foams are important core materials in modern sandwich construction. The main ad-
vantages of this class of materials are their low specific weight in conjunction with their abil-
ity to perform additional, non-mechanical functions such as e.g. heat insulation. Disadvantage 
is the disordered random microstructure leading in many cases to a distinct scatter in the mac-
roscopic material response. 
Since the pioneering work of Gent and Thomas [6] appeared, numerous studies on the me-
chanics of foamed materials and the numerical homogenization analysis of these materials 
have been published (e.g. Gibson and Ashby [7], [8], Warren and Kraynik [16]). Most of 
these analyses are based on a regular periodic model of the micro structure. On the other 
hand, structural foams may exhibit a distinct micro structural disorder resulting in a distinct 
uncertainty in the effective properties whether determined experimentally or numerically. 
Experimentally, the distinct variability has been proven especially in the recent systematic 
studies by Blazy et al. [1] as well as by Ramamurthy and Paul [11] where strong variabilities 
of all effective mechanical properties have been observed. Especially in the latter study, local 
variations in the relative density of the material have been identified as an important source of 
macroscopic uncertainties in the material response. 
Most of the numerical approaches dealing with the effects of micro structural disorder are 
based on a homogenization analysis using a single large scale representative volume element 
where the micro structural geometry is determined in a randomized manner (e.g. Huyse and 
Maes [10], Roberts and Garboczi [12], Shulmeister et al. [13], Zhu et al. [17]). The computa-
tional foam model is in most cases generated using a Voronoi [15] tessellation of the repre-
sentative volume element, either in its direct (-) version or in a constrained form (-Voronoi 
1057
Jörg Hohe and Volker Hardenacke. 
tessellation) requiring a minimum distance of neighboring cell nuclei (e.g. Chen et al. [2]). 
Although these approaches are able to account for the effects of the randomness of the micro 
structure on the average material properties, they are unable to assess the scatter of the proper-
ties. Furthermore, extremely large representative volume elements are required in order to get 
convergent results. Evidence are the remaining numerical anisotropies observed in several 
studies. 
In order to circumvent the mentioned problems, Fortes and Ashby [5] have proposed a di-
rect probabilistic approach based on the probability of the cell wall orientations in space. 
Other probabilistic approaches have been proposed by Cuitiño and Zheng [3] based on a Tay-
lor averaging technique. In order to assess especially the scatter in the effective properties, 
Hohe and Becker [9] have used a numerical technique based on the multiple analysis of a 
small scale volume element with randomized micro structure in conjunction with a stochastic 
evaluation of the results. 
In the present study, a different approach is employed, where a large scale statistically rep-
resentative volume element for the micro structure is subdivided into small, statistically non 
representative testing volume elements. For the testing volume elements, the homogenization 
analysis is performed and the results are evaluated by stochastic methods, providing the prob-
ability distributions for the effective properties. The computational foam models are generated 
using a Voronoi technique in Laguerre geometry (see e.g. Fan et al. [4]) which was found to 
provide the most appropriate models for foamed materials. For simplicity, all analyses are 
performed in two dimensions. Nevertheless, an extension to three dimensions can be per-
formed in a straight forward manner. 
2 LOCAL PROBABILISTIC HOMOGENIZATION 
2.1 Strain energy based concept 
The homogenization analyses in the present study are based on a strain energy based con-
cept presented earlier (Hohe and Becker [9]). This approach is based on the concept of the 
representative volume element (Fig. 1). Hence, the effective stresses and the effective material 
properties are determined such that the behavior of a representative volume element consist-
ing of the given microstructure and a similar volume element consisting of the quasi homoge-
neous effective medium is equivalent on the mesoscopic level of structural hierarchy. 
Mesoscopically equivalent mechanical behavior of both volume elements is assumed if the 
volume average 
***11
*
wdVwdVww
RVE
RVE
RVE
RVE VV
=== 

(1)
of the recoverable strain energy density in both volume elements is equal, provided that both 
volume elements are subject to a mesoscopically equivalent state of deformation, defined by 
the condition that the volume average 
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
(2)
of the components Fij of the deformation gradient for both elements is equal. The effective 
strains are described in terms of the components 
( )ijkjkiij FF  = 21 (3)
of the Green-Lagrange strain tensor or its infinitesimal counterpart ij. The effective stress 
state is then described in terms of the components 
0=


=
pl
ijd
ij
ij
w



(4)
of the second Piola-Kirchhoff stress tensor as the energy conjugate to the chosen effective 
strain measure. If the strain energy density w is computed numerically, the partial differentia-
tion in Eq. (4) has to be performed by means of an appropriate numerical differentiation 
scheme. 
2.2 Local stochastic enhancement 
The standard probabilistic enhancement of the methodology for determination of the effec-
tive material properties as proposed in section 2.1 consists either in the single analysis of a 
large scale representative volume element with a random micro structure or in the repeated 
analysis of a small scale volume element in conjunction with a stochastic evaluation of the 
results. Whereas the scatter of the effective material properties is not accessible in the first 
Figure 0: Concept of the representative volume element. 
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case, problems may arise in the second case due to the exclusive consideration of small scale 
volume elements consisting of a limited number of pores which may exclude several specific 
effects such as the occurrence of a single large pore surrounded by much smaller ones. 
In order to avoid these problems, an alternative route is proposed in the present study. In a 
first step, a large scale, statistically representative computational foam model is generated 
using a random number generator. The computational foam model is subjected to a prescribed 
effective strain state in conjunction with periodic boundary conditions along the external sur-
faces of the model. In a second step, the large scale computational foam model is subdivided 
into small scale testing volume elements consisting of a single cell wall intersection and half 
of the adjacent cell walls (see Fig. 2). For each of the testing volume elements, the effective 
strains are determined by means of Eqns. (2) and (3) which are evaluated with respect to the 
area TVE of the individual testing volume elements. In a similar manner, the effective 
stresses are obtained by means of a local evaluation of Eq. (4). 
The results are assessed in a stochastic manner. In this context, the probability distribution 
for the effective property y is obtained by rearranging the individual results yi for the effective 
property y into ascending order and assigning a cumulative probability  
( ) qi
q
i
yF i ,,1,2
1
…=

=
(5)
to each of the data. In Eq. (5), q denotes the total number of testing volume elements in the 
model. The corresponding probability density distribution f(y) for the effective material prop-
erty y can then be obtained as the (numerical) partial derivative of the cumulative probability 
distribution F(y) with respect to its argument y. Alternatively, a simplified stochastic assess-
ment can be performed in terms of the expectation value 
Figure 2: Subdivision of the computational foam model into testing volume elements. 
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( ) ( )
=
=
q
i
ii ypyyE
1
(6)
and the variance 
( ) ( )( ) ( )
=
=
q
i
ii ypyyEyV
1
2 (7)
of the macroscopic material property y where p(yi) is the individual probability for the occur-
rence of the result yi. Although the present study is restricted to two-dimensional examples, 
the method can be extended to the three-dimensional case in a straightforward manner without 
any restrictions. 
3 COMPUTATIONAL FOAM MODELS 
3.1 Strategies for the division of space 
For the randomized generation of computational foam models, different strategies have 
been proposed in the literature. The most basic procedure is a Voronoi [15] tessellation of the 
representative volume element. In this approach, first a number of nucleation points is ran-
domly generated within the area RVE of the representative volume element. In a second step, 
the area of the cell belonging to nucleation point pi is defined through 
( ) ( ) ( ){ } njiijpprpprRppp jEiEi ,,1,,,,,,| 2 …=<= (8)
by all spatial points p featuring an Euclidean distance 
( ) ( ) ( ))212)(222)(11, iiiE xxxxppr += (9)
to nucleation point pi which is smaller than the distance to all other nucleation points. Since 
this procedure results in a -distribution of the cell size, the Voronoi tessellation in its direct 
form is often termed -Voronoi tessellation. A variant of this procedure avoiding the occur-
rence of small cells is the -Voronoi process where the distance between the individual nuclei 
is constrained by introduction of a minimum distance  
( ) nijnipprr jiEE ,,1,,,1,,min …… +==< (10)
between all nucleation points. 
As mentioned by Fan et al. [4], further improvements may be obtained by using the 
Laguerre distance 
( ) ( )( ) ( ))212*2,, iiEiL rpprppr = (11)
with an individual radius ri* assigned to all nucleation points pi in conjunction with Eq. (8) 
instead of its Euclidean counterpart (9). 
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Within the present study, all of the mentioned procedures are used in a periodic manner by 
copying all nucleation points into the direct neighborhood of the representative volume ele-
ment so that random, but periodic micro structures are obtained. 
3.2 Assessment in terms of quantitative criteria
The three different methods for generation of computational foam models described in sec-
tion 3.1 are applied in a comparative study for an assessment of the quality of the obtained 
models regarding their ability to recapture the most important features of the micro structure 
of solid foams. The assessment is performed in a quantitative manner based on two criteria 
using objective parameters rather than by a simple visual qualitative check. 
The first parameter to be used is based on Kelvin’s [14] criterion, requiring minimum sur-
face energy for the developing cellular micro structure. For the two-dimensional cellular 
structures considered in the present study, this criterion results in the requirement that the ra-
tio of the total length of the cell walls surrounding an individual cell to the area covered by 
the cell has to be minimum for all cells in the respective computational foam model. A 
weighted averaging of this ratio for all cells in the representative volume element results in a 
quality criterion based on the requirement that the average Kelvin parameter 

=
=
n
i
iRVEavg SA
K
1
1 (12)
with the area ARVE of the representative volume element and the lengths Si of the cell walls 
surrounding cell no. i has to be minimum for a high quality computational foam model. 
A second important criterion for the quality of computational foam models is the statistical 
size distribution of the individual cells in the model. As it has been pointed out, among others, 
by Fan et al. [4], the cell size distribution for real solid foams is of the logarithmic normal 
type featuring the probability density distribution 
( ) ( )
( )
2
2
2
1
2
ln1
2
1 




=
A
e
A
Af
(13)
for the area A of the individual cells with the shape and position parameters  and  respec-
tively. An assessment of the proximity of the cell size distribution of a given computational 
foam model to the logarithmic normal distribution is made by adapting the shape and position 
parameters  and  of the logarithmic normal distribution such that the least square error sum 
( ) ( )( )
=
=
n
i
icontidiscr AFAFe
1
2 (14)
between the given discrete distribution and the adapted continuous distribution becomes 
minimum. The final error sum e is then employed as a quality criterion for assessment of the 
ability of the respective strategy for the division of space to recapture the experimentally ob-
served cell size distribution. 
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The quality assessment is performed for the strategies for the division of space sketched in 
Section 3.1. All three strategies are employed in their direct form as well as with a subsequent 
smoothing and optimization of the computational foam models. The smoothing procedure 
consists in a simple re-positioning of the cell wall intersections to the centroid of the corre-
sponding Delaunay triangle. In the optimization procedure, the cell wall intersections are re-
positioned such that the Kelvin parameter Kavg according to Eq. (12) is minimized. 
For each procedure, 100 models are generated. The results for the averaged parameters 
Kavg and e are presented in Fig. 3. In terms of the energetic Kelvin criterion, the best results 
are obtained by means of the Voronoi process in Laguerre geometry, whereas both the - and 
the -Voronoi processes result in computational foam models with inferior quality. Although 
the quality of the foam models based on the - and -Voronoi tessellations might be improved 
by subsequent smoothing or optimization, these models are still outperformed by the models 
generated by a Voronoi tessellation in Laguerre geometry. 
With respect to the cell size distribution, again the qualitatively best results are obtained by 
the Voronoi tessellation in Laguerre geometry, whereas poor models are obtained by means of 
the Voronoi process using the Euclidean distance, especially in the unconstrained (-) ver-
sion. In general, the quality of the foam models regarding the cell size distribution decreases, 
if a subsequent smoothing or optimization is applied to the computational foam models, since 
both of these procedures have the sole objective of an improvement in terms of the Kelvin 
criterion. Since the Voronoi process in Laguerre geometry provides reasonable results in 
terms of both criteria, this procedure is exclusively used for generation of the foam models 
employed in the subsequent parameter studies of this study. 
Figure 3: Quality assessment of different strategies for generation of computational foam models. 
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4 EXAMPLES 
4.1 Convergence 
In a preliminary analysis, the convergence of the proposed method regarding the necessary 
size of the representative volume element and thus the necessary number of testing volume 
elements is assessed. For this purpose, different computational foam models with 32 to 512 
Voronoi cells are generated and subjected to uniaxial tensile and compressive states of defor-
mation 11 = 0.1 and 11 = -0.025 respectively and 22 = 12 =0. 
The resulting probability distributions for the corresponding local effective strains 11TVE
on testing volume element level are plotted in Fig. 4. For both, the tensile and the compres-
sive state of deformation, convergent results with smooth probability distributions F(11TVE)
are obtained for 512 Voronoi cells and thus 1024 testing volume elements. Although lower 
numbers of cells might be sufficient for the tensile case, all subsequent analyses are based on 
this model size. 
4.2 Effective material response 
As an illustrative micro structural example, the probabilistic homogenization scheme pro-
posed in the present study is applied to the prediction of the effective material response of a 
hyperelastic two-dimensional model foam. The material behavior on the cell wall level is as-
sumed to be governed by a compressible Ogden type constitutive relation 
( ) ( ) ( ) ( )
==
 +

	
 ++=
2
1
2
2
1
321 133
1
3
1
3
1
k
k
k
k k
k JJJJw
kkk


  (15)
where i are the principal values of the deformation gradient and J is the corresponding Jaco-
bian. The material parameters are given by 1 = 2, 1 = 0.5 GPa, 1 = 0.6 GPa, 2 = -2,  
2 = -0.1 GPa and 2 = . Externally, the computational foam model is subjected to uniaxial 
Figure 4: Study of convergence. 
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tensile and compressive states of deformation with an applied external Green-Lagrange strain 
of 11 = ±0.025, whereas all other macroscopic strain components are assumed to vanish. The 
relative density of the foam is assumed to be  = 0.05. 
In Fig. 5, the probability distributions F(ij) for the local (testing volume element) strains 
11TVE and 22TVE longitudinal and perpendicular to the external straining direction are pre-
sented for the tensile load case. The probability distributions for the corresponding local stress 
components 11TVE and 22TVE are presented in Fig. 6. Three different degrees of micro struc-
tural disorder are considered, characterized by the variance V(A/A0) of the cell size distribu-
tion ranging from regular to highly disordered micro structures. The local effective strain 
components are distributed around the values of the corresponding applied strains with 
11 = 0.025 and 22 = 0 which are recovered as the corresponding expectation values. For both 
components, similar variances are obtained, indicated by similar slopes of the probability dis-
tributions. Increasing degrees V(A/A0) of micro structural disorder lead to increasing uncer-
tainties for the local effective strain components, nevertheless, only minor quantitative effects 
Figure 6: Probability distributions for the testing volume element stresses, uniaxial tension. 
Figure 5: Probability distributions for the testing volume element strains, uniaxial tension. 
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are observed. Stronger quantitative effects of the degree of micro structural disorder on the 
uncertainties of the effective properties are obtained in the case of the local effective stresses 
(see Fig. 6). This discrepancy is caused by the fact that the effective stress components are 
governed by both, the effective stiffness and the effective strain state of the respective testing 
volume element which are both affected by the degree of micro structural disorder. 
The counterparts of Figs. 5 and 6 for the compressive load case are presented in Figs. 7 and 
8 respectively. Again, the x1-direction is the macroscopic straining direction and again, three 
different degrees of micro structural disorder are considered. Compared to the tensile load 
case, higher degrees of uncertainty are obtained for the effective strain components (see 
Figs. 5 and 7). This effect is caused by the occurrence of micro structural instabilities leading 
to strain localization in areas consisting of weaker foam cells. The occurrence of micro struc-
tural instabilities in general results in a limitation of the corresponding local effective stresses 
in the following postbuckling range. Hence, the probability distributions for the local effective 
stresses under externally applied compression feature smaller scatter band widths compared to 
the tensile load case (see Figs. 6 and 8). Nevertheless, the average level of the effective stress 
Figure 7: Probability distributions for the testing volume element strains, uniaxial compression. 
Figure 8: Probability distributions for the testing volume element stresses, uniaxial compression. 
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components is also found to be much lower in overall compression compared to the tensile 
load case. Since the compressive range is strongly governed by micro structural instabilities 
and the corresponding effects, the degree V(A/A0) of micro structural disorder has only minor 
effects on both the effective strain and stress components, provided that the degree of disorder 
is sufficient to prevent the occurrence of instability effects in the rigorous Eulerian sense as 
they would occur in the case of perfectly regular periodic micro structures. 
5 CONCLUSION 
The present study is concerned with a probabilistic homogenization analysis for structural 
foams as they are common as core materials in sandwich construction. The proposed proce-
dure provides an efficient numerical tool for assessment of the scatter in the effective material 
response of solid foams both, on the lowest possible level of structural hierarchy and on 
higher levels. The scatter of the effective material behavior is found to be mostly controlled 
by uncertainties in the geometry and especially by fluctuations in the local relative density. 
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Summary. Flexural vibration of a clamped-clamped, three-layer, one-span sandwich, 
unidirectional structure composed of isotropic layers is considered in the paper. A new model 
obtained within the local linear theory of elastodynamics is presented. Very realistic 
boundary conditions at edges of the structure, which correspond to the engineering solution 
with the edge stiffeners, are introduced and satisfied. Eight eigenfrequencies of the structure, 
calculated according to the model, are given. A comparative analysis of the results  is done 
and some conclusions are presented.
1 INTRODUCTION 
The eigenvalue problem of sandwich structures is still not solved analytically with a 
sufficient exactitude and accuracy. The existing theories predict eigenfrequencies which are 
not close to the experimental data - see e.g., [1-2, 5-8]. In particular, eigenfrequencies of the 
lower modes of vibration are usually much lower than the measured values. Obviously, there 
are high differencies between predictions of different analytical models. For instance, the 
percentage difference in the fundamental frequencies of simply supported sandwich panel 
predicted by two models presented in [9] is about 15%. The same phenomenon, i.e., lower 
computational eigenfrequencies (predicted by analytical models) than the corresponding 
experimental data, is observed when the C-C structures are considered. It is not easy to 
explain the differencies when the analytical model (e.g., [6]) is capable to satisfy very refined 
(accurate) edge boundary conditions. The probable explanation in the case is that the model 
[6] is a particular case of more general model (model I) given in [9].  
It is an aim of the presentation to discuss the new model that is to show both its 
mathematical details and some comparisons of numerical results. The present author obtained 
within the local linear elastodynamics several vibrational models for the unidirectional, both 
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cantilever [1] and clamped-clamped (C-C) [2], sandwich structures. However, the models 
have been obtained for some specific, realistic but simplified, edge boundary conditions, 
refering only to the faces of the structures. The models were obtained without expanding the 
displacement and stress fields (within the structures) into series. All through-the-thickness 
boundary conditions and the compatibility equations of the local linear elastodynamics have 
been satisfied in the models [1,2] and their final (numerical) form in the case of the free 
vibration has been expressed as follows,
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The symbols Įm, Ȗm and Ȧm, in the Eqs (1,2), are unknown while Ȧm is the eigenfrequency.
The new model presented here has been elaborated for the assumption that Įm=Ȗm. Due to 
this, the set of Egs. (2) had to be reduced to one equation. Thus, the final form of the new 
model consists of two coupled, transcendental equations. It is also noted that apart from the 
edge conditions for the faces (also) some reasonable edge boundary conditions for the core 
have been satisfied within the new model. The edge conditions for the core, satisfied in the 
new model, correspond to the conditions employed in the papers [3,4], however, instead of 
the stresses the stress resultans have been equated to zero at the edges of the core (in the new 
model). The number of the final equations and inclusion of the edge boundary conditions for 
the core make the new model quite different than the previous models [1,2]. In order to verify 
the new model some numerical results were obtained and are compared with results predicted 
by other models, published in [5,6].  
It is noted that the assumption Įm=Ȗm was introduced in a simplified manner and checked 
numerically, by the present author, in paper [7]. However, it was done without a theoretical 
justification. It is an aim of the paper to supply the theoretical justification for the assumption 
Įm=Ȗm. Details are given in sections 3 and 4. The local linear elastodynamics approach is 
worthwhile (to develope it) since it can be easily applicable for the analysis of more advanced 
sandwich structures conisting of more than three layers. Such a possiblity and application to a 
five-layer sandwich strip was presented in [7].
The new model is presented here as follows. All the equations and conditions are listed in 
section 2. Four new solutions to the local equations of motion of the linear elastodynamics, 
derived and applied here by the present author, are described in section 3. In section 4 the 
total displacements and stresses within the C-C structure are presented. Some numerical 
results and comparisons as well as a comment are given in section 5. Section 6 contains some 
conclusions.
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2 EQUATIONS SATISFIED BY THE NEW MODEL 
The structure considered in the paper is shown in Fig. 1. It is assumed that the U-inserts 
(sometimes called as C-profiles) are much stiffer than the faces. The gap occuring between 
the profiles and the core means that the normal and shear stresses at the ends of the middle 
layer are equivalent to zero.
                                                  L/2                   z 
                        c                 gap                                                      c               gap              h3
   U-insert 1                                                                                                       U-insert 2 
          x
h2
                                                              L                                                                                   h1
Figure 1: Geometry of the sandwich structure considered in the paper. 
The following boundary conditions are satisfied, in the present paper, for the structure. 
Both in-plane and the out-of-plane displacements as well as slopes of the faces are equated to 
zero at the outer corners of the inserts, i.e., 
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It is noted that the edge boundary conditions (4) are the same as in [3,4]. Boundary 
conditions at ends of the core are as follows,  
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As far as the present author knows, and it is stressed here, both the conditions (3) and (4) at 
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the ends of the sandwich strip are quite new within the local linear elastodynamics approach. 
The conditions introduced here are very close to the boundary conditions for the realistic 
structure.
Throuh-the-thickness boundary conditions and compatibility equations are as follows,
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The equations of motion, satisfisfied by the stresses and displacements within each layer 
separately, are as follows,  
.3,2,1,3,1,,)( 22   ww ww jlktux ljjljkl UV (6)
Apart from (3-6) the Hooke law is satisfied in the model considered. To satisfy the above 
edge boundary conditions some new solutions of the equations of motion have been derived 
by the present author and composed with the former solutions outlined in the appendix. 
3 NEW SOLUTIONS TO THE EQUATIONS OF MOTION 
The solutions (i.e., displacement and stress fields) found lately by the present author are 
denoted with IIIT, IIIH, IVT and IVH where T means solutions with trigonometric functions 
of the space variable x while H denotes solutions with hyperbolic functions of the variable x. 
ȕ12m, r12m are given in the Appendix, constants 2CIII, 2DIII, … with the subscripts are unknown. 
The solutions refer to the core but one may introduce the same (kind) solutions for the faces 
by replacing ȕ12m with ȕ11m (or ȕ13m) and r12m with r11m (or r13m) - see later.
3.1 Vibrational solution IIIT 
The following displacements and stresses satisfy the 3D linear elastodynamics equations of 
motion and the Saint-Venant compatibility equations for the core,  
,....,3,2,1),()sinh()(])()[/(
,)()cosh(,])([
,)exp()(,)()cosh()())(/(
12122
2
1
22
12
2
122
2
1
2
121
22
12
2
  
 
  
mtTyxXCCzu
tTyXCCzu
titTtTyxXCu
mmmTm
III
m
III
mmmy
mmxTm
III
m
III
mx
mmmmTm
III
mmmz
EEED
E
ZEED
(7)
1072
S. Karczmarzyk 
....,3,2,1),()sinh(,])()[1/(
,0),()cosh(,))(1/(
,0,,)()cosh()(])([2
12122
2
1
22
12
2
2
121
22
12
2
2
122
2
1
22
2
  
  
   
mtTyXCCz
tTyXC
tTyxXCCz
mmmxTm
III
m
III
mmmxy
yzmmxTm
III
mmmzx
zzxxyymmTm
III
m
III
mmxx
EEEDPV
VEEDPV
VVVEDPV
(8)
The symbol Įm is defined in section 4, ȕ12m, refering to the core, is defined in the appendix, 
the function XTm is defined in section 4. It is noted that the constant with the subscripts 2m is 
not necessary when flexural vibration of the symmetric (about the mid-plane) structure are 
considered. For an enough narrow structure the following approximations of the fields (7), 
(8), refering to the underlined factors, are valid and taken into the further consideration,
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3.2 Vibrational solution IIIH 
The following displacements and stresses satisfy the 3D linear elastodynamics equations of 
motion and the Saint-Venant compatibility equations for the core,  
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The symbol r12m, refering to the core, is defined in the appendix. It is noted that the 
constant with the subscripts 2m is not necessary when flexural vibration of the symmetric 
(about the mid-plane) structure are considered. For an enough narrow structure the following 
approximations of the fields (11), (12), refering to the underlined factors, are valid and 
applied in the further consideration,  
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3.3 Vibrational solution IVT 
The following displacements and stresses, again with the trigonometric functions of 
variable x appearing in (7-10), satisfy the 3D linear elastodynamics equations of motion and 
the Saint-Venant compatibility equations for the core,  
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For an enough narrow structure the following approximations of the fields (15), (16), 
refering to the underlined factors, are valid and taken into the further consideration,
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3.4 Vibrational solution IVH 
The following displacements and stresses, again with the hyperbolic functions of variable x 
appearing in (11-14), satisfy the linear elastodynamics equations of motion and the Saint-
Venant compatibility equations for the core,  
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For an enough narrow structure the following approximations of the fields (19), (20), 
refering to the underlined factors, are valid and applied in the further consideration,
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It is noted that in the solutions denoted with superscript III the normal stress ızz is 
equivalent to zero while in the solutions with superscript IV the shear stress ızx is equivalent 
to zero. The functions XTm, XHm are defined in the next section.
4 TOTAL FIELDS WITHIN THE FACES AND CORE 
The displacements in the faces are composed of two ingredients as follows [1,2],  
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It is noted that assuming Tm(t)Ł1 in expressions (23) one obtains the kinematic 
assumptions applied in [3,4]. The functions of variable x refer to the case of symmetric modes 
of vibration. When the unsymmetric (about the mid-span) modes of vibration are analysed the 
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'cos' and 'cosh' functions must be replaced by the 'sin' and 'sinh' functions, respectively. The 
functions dependent on the variable z, derived eg. in [1,2], are defined in the appendix. One 
can see that each of the solutions denoted by superscripts I and II contains four unknown 
constants, which can be calculated after solving the eigenvalue problem. Thus, the total fields 
within the faces contain eight unknown constants.  
The displacements in the core are composed here of all the functions denoted with 
superscripts I, II and III, IV defined above. Obviously, all the functions can be arranged into 
two groups, one with the XTm(x) (and its derivative) and the other group with the XHm(x) (and 
its derivative). The total fields within the core contain, in a general case, sixteen unknown 
constants. In the case of symmetry of the structure about the middle plane the number of 
unknown constants for the core can be reduced to eight. Let us conclude finaly that the total 
displacement and stress fields within the whole structure symmetric about the middle plane 
contain sixteen unknown constants.
It is explained here that all through-the-thickness boundary conditions and the 
compatibility equations are satisfied separately by the ingredients containing the 
trigonometric functions of the space variable x and (separately) by the ingrednients containing 
the hyperbolic functions of variable x. For the classical three-layer sandwich structure it 
means, in a general case, twenty four equations while for the structure symmetric about the 
middle plane it means only twelve equations for the total fields.  
Thus, to satisfy the edge boundary conditions (3), (4) additional four equations are needed 
and therefore the following relationships are introduced,
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where symbols appearing in the parentheses of Eqs (25) denote the functions included in 
formulas for the stresses occuring in (4) dependent (only) on the space variable z.  
As far as the present author knows, the Eqs (25) are introduced here for the first time 
within the local linear elastodynamics. It is noted that assumption (24), together with (23) and 
(3), implies the following relationships,  
1077
S. Karczmarzyk 
),(]
)2/cosh(
)cosh(
)2/cos(
)cos(
)[(
),(]
)2/cosh(
)sinh(
)2/cos(
)sin(
[)(
tT
L
x
L
x
zfu
tT
L
x
L
x
zgu
m
m
m
m m
mI
jmzj
m
m
m
m m
m
m
I
jmxj
D
D
D
D
D
D
D
D
D
 
 
¦
¦
(26)
.0
)2/cosh(
)2/sinh(
)2/cos(
)2/sin(
 
L
L
L
L
m
m
m
m
D
D
D
D
(27)
The equation (27) enables us to calculate the parameter Įm recognized as that one resulting 
from the Bernoulli-Euler beam theory.  
5 NUMERICAL RESULTS 
In Table 1 eight eigenfrequencies for the C-C structure with the data given in [5-7], 
predicted by the new model, are presented. The eigenfrequencies are denoted by ȦSK. Apart 
from the new results the reader will find in Table 1 eigenfrequencies existing (for the 
structure) in the literature i.e., ȦSKs - predicted by the simplified (efficient) model presented in 
[7], ȦExp - obtained experimentally [5], ȦRAV - predicted by the model [5], ȦVSS - obtained 
acording to the model given in [6].  
Vibr. mode (m) 1(s) 2(a) 3(s) 4(a) 5(s) 6(a) 7(s) 8(a) 
ȦSK       [rad/s] 245.94 677.97 1329.1 2197.2 3282.4 4585.0 6105.4 7844.1
ȦSKs     [rad/s] 220.50 597.91 1144.0 1834.7 2645.1 3551.4 4537.4 5568.3
ȦExp     [rad/s] - - 1165.5 1761.2 2509.5 3362.8 4277.0 5448.8
ȦRAV    [rad/s] 229.88 617.81 1173.8 1872.0 2685.6 3596.0 4575.3 5618.7
ȦVSS    [rad/s] 217.40 584.96 1113.4 1776.9 2552.9 3419.9 4358.6 5353.3
Table 1: Eigenfrequencies of the sandwich C-C structure according different models. 
The percentage differencies between the results predicted by different models are 
presented in Fig. 2.
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Figure 2: Percentage differencies between eigenfrequencies from Table 1. 
It is seen from Table 1 and in Fig. 2 that the new 2D model gives higher eigenfrequencies 
than the models [5,6]. The eigenfrequencies ȦSK are also higher than the experimental data 
ȦExp from [5]. (Unfortunately, the eigenfrequencies of the first symmetric mode and first 
unsymmetric mode of vibration are not explicitely given in [5,6].). However, the analysis in 
Fig. 2 shows clearly that the models [5,6], as well as the simplified (efficient) model [7], 
predict inaccurately the lower, both symetric and unsymmetric, eigenfrequencies of the 
structure. Therefore, we can say that the new 2D model predicts accurately the 
eigenfrequencies of the lower modes of vibration.  
6 CONCLUSIONS 
A new 2D model for the sandwich structure with edge stiffeners was presented and 
assesed. Most probably, the model predicts accurately eigenfrequencies of lower modes of 
vibration of the C-C sandwich structure with the edge stiffeners. It is evident that models [5-
7] predict much lower eigenfrequencies of the lower modes of vibration of the structure than 
the real (experimental) values. Since the percentage differencies between predictions of the 
new model and the other models for the higher modes of vibration are high it is concluded 
that the new model must be more extensively investigated.  
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APPENDIX 
Functions of the space variable z denoted by superscript I occuring in Eqs (23) [1,2], 
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Functions of the space variable z denoted by superscript II occuring in Eqs (23) [1,2], 
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The following relationships are valid both for the functions (A1) and (A2),  
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Summary. A systematic approach to verify the applicability of neglecting the in-plane core
stiffnesses for the prediction of the structural sandwich behaviour is presented. This approach
is based on the comparison between the computation results of standard as well as specific finite
elements enabling the estimation of the computation deviation occuring due to neglecting the
mentioned stiffnesses.
1 INTRODUCTION
Sandwich structures with low strength foam cores are increasingly being used due to the
achievable high bending stiffness to weight ratio as well as due to the low cost of these foam
materials. In comparison to honeycomb cores, foam cores approximately exhibit the same
material characteristics in the out-of-plane as well as in the in-plane directions of a sandwich
plate. However, analytical solutions which are based on the assumption that the in-plane core
stiffnesses can be neglected are also applied to sandwich structures consisting of these cores ma-
terials. For honeycomb cores, the assumption of neglectable in-plane core stiffnesses is usually
applicable due to the high ratio between the out-of-plane to the in-plane material characteristics
(cp. theoretical ratio according to [1, pp. 169-172]). For sandwich structures based on foam
cores, it is argued that the stiffnesses of the face sheets are much higher than those of the cores.
Therefore, the strain energies due to the in-plane core deformations might be neglected (cp. for
example [2, pp. 39-48] or [3, pp. 1-13]). These premises are fulfilled for many sandwich mate-
rials. Nevertheless, the question arised for which material combinations, i. e. to which ratios of
the face sheet to the core stiffnesses the described approach is still applicable, in particular for
sandwich structures consisting of foam cores.
In order to systematically verify the applicability of neglectable in-plane core stiffnesses for
the determination of the structural behaviour of sandwich structures composed of foam cores,
the Sandwich Master Diagram according to [4] is used. Based on that, the structural sandwich
behaviour is described by a dimensionless coefficient enabling the estimation of the sandwich
behaviour between its extreme limits of being very stiff to very flexible under transverse shear
loading.
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For selected points in the Sandwich Master Diagram, finite element analyses are performed
using the finite element programme MSC.Marc R© (MSC.Software Corporation, 2 MacArthur
Place, Santa Ana, CA 92707, USA) as well as specific finite element formulations implemented
in MSC.Nastran R© (MSC.Software Corporation, 2 MacArthur Place, Santa Ana, CA 92707,
USA). Among other things, the developed finite elements are formulated on the basis of a
semi-analytical core displacement field. The core displacement pattern is set up using a three-
dimensional (3D) material law neglecting the in-plane core stiffnesses and partly solving the
underlying differential equations of the sandwich core (cp. deformation field of finite element
formulations according to [5] or [6]). The computation results obtained by these finite elements
are comparable to numerical exact or completely analytical solutions (cp. for example [7] or
[8]). For the selected points in the Sandwich Master Diagram, the analyses using the specific
finite elements are compared to the ones carried out using the programme MSC.Marc R©. These
computations are partly based on a detailed idealisation of the sandwich structures with con-
tinuum elements without any neglect of core stiffnesses. In this case, the computation results
consequently converge in the theoretical case of an infinite number of elements against the exact
solution of continuum mechanics. As a result, the range of applicability of the described sand-
wich model assumptions can be estimated for a variety of material combinations with respect to
the selected points in the Sandwich Master diagram, in particular for sandwich structures with
foam cores exhibiting very stiff to flexible behaviour under shear loading.
2 FINITE ELEMENTS BASED ON THREE-LAYER SANDWICH MODEL
The finite sandwich elements are defined using a three-layer sandwich model subdividing the
sandwich into the face sheets and the core as individual components. The idealised geometry
of the finite elements is illustrated in Figure 1. The face sheet values are marked by f1 and f2
for the bottom resp. top face layer whereas the ones of the core are signed with the suffix c. To
simplify matters, the element geometry is selected to be rectangular with length a and width b.
Furthermore, the face sheet thicknesses df1 as well as df2 and the core heigth are constant at
each element node.
The finite element matrices are derived based on the principle of virtual displacements ac-
cording to [9, pp. 186]:
δU − δW =
∫
σT δεl dV = δu
T F (1)
where δU is the virtual strain energy, δW is the virtual work of the external forces and ε, σ, F
as well as u is the strain, the stress, the force resp. the displacement vector. δu indicates virtual
nodal displacements.
The integral in regard to Equation (1) is solved separately for its individual components. The
principle of virtual work yields in the linear range:
∫
σT δεl dV =
∫ 2∑
i=1
δεTfiQfiεfidV +
∫
δεTc QcεcdV = δu
T
(
2∑
i=1
Kfi +Kc
)
u (2)
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Face sheet idealisation:
Core:
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w
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hc/2
Figure 1: Geometry of developed finite elements and degrees of freedom of face sheets exemplary illustrated at
node 3
where Qfi is the laminate elasticity matrix of face sheet fi, Qc is the core elasticity matrix, Kfi
is the linear stiffness matrix of face sheet fi and Kc is the linear stiffness matrix of the core.
The face sheet idealisations of each developed finite sandwich element are identical and are
modelled based on the Reissner-Mindlin theory. With respect to the four-node face sheet plate
element with five degrees of freedom per node in Figure 1, the linear strain vector is set up with
an assumed transverse strain interpolation according to [10]. The laminate elasticity matrix Qfi
is of order eight. The components corresponding to classical laminate theory are determined
based on [11] whereas for the transverse shear stiffnesses it is assumed that the shear stresses
vary linearly vanishing at the free edges of the sandwich. Based on that approach, the linear
stiffness matrix Kfi composed of Qfi and εfi is clearly defined (cp. [12] for more details).
In the following, three different element formulations are described. They can be distin-
guished by the formulation of the sandwich core. The first two are based on a core displace-
ment interpolation according to [6] resp. [12] where the displacement pattern is developed based
on the analytical solution of the underlying differential equations of the core in the through-
thickness direction of the sandwich. The corresponding sandwich elements are formulated in
the subsequent paragraph whereas the third core formulation using usual polynomial interpola-
tion functions is described in subsection 2.2.
2.1 ELEMENTS BASED ON ANALYTICAL SOLUTION OF CONSTITUTIVE EQUA-
TIONS
The interpolation functions of the core displacement pattern are determined by solving an-
alytically the underlying differential equations of the core in the through-thickness direction.
The differential equations are set up using a 3D material law neglecting the in-plane Young’s
moduli Exc and Eyc and the in-plane shear modulus Gxyc of the core. As a result, the in-plane
core stresses vanish (σxc , σyc and γxyc ≈ 0), and the core displacement interpolation is defined
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in the through-thickness direction according to [6] by:
uc(x, y, z) = a0(x, y) + a1(x, y) · z + a2(x, y) · z2 + a3(x, y) · z3 (3)
vc(x, y, z) = b0(x, y) + b1(x, y) · z + b2(x, y) · z2 + b3(x, y) · z3 (4)
wc(x, y, z) = c0(x, y) + c1(x, y) · z + c2(x, y) · z2 (5)
where uc as well as vc are the in-plane displacements in the x- resp. y-direction of the element
coordinate system and wc is the out-of-plane displacement.
The coefficients ai(x, y), bi(x, y) and ci(x, y) of the displacement pattern depend on the
selected state variables of the core. If the continuity conditions between the face sheets and the
core are considered, these state variables can be clearly expressed through the introduced face
sheet degrees of freedom and an assumption of the core midplane displacement wc(x, y, z = 0).
Based on a perfect displacement continuity condition between the face sheets and the core,
the state variables of the core can be clearly determined by:
uc(x, y, z = −hc
2
) = uf1 +
df1
2
· θyf1 , uc(x, y, z =
hc
2
) = uf2 − df2
2
· θyf2 (6)
vc(x, y, z = −hc
2
) = vf1 − df1
2
· θxf1 , vc(x, y, z =
hc
2
) = vf2 +
df2
2
· θxf2 (7)
wc(x, y, z = −hc
2
) = wf1, wc(x, y, z =
hc
2
) = wf2 (8)
and by an out-of-plane deformation assumption of the core midplane with four additional nodal
displacements - each with 1 degree of freedom according to Figure 2.I - resulting in a bilinear
pattern.
Based on the afore-mentioned displacement field in the core, two linear stiffness matrices
are formulated for the core which can be distinguished by the definition of the core elasticity
matrix Qc as well as the strain vector εc. Together with the above-mentioned formulation of
the face sheets, the complete finite sandwich element is clearly described. Each consists of 44
degrees of freedom. In the following, both elements formulations are sketched more detailed.
2.1.1 CONSISTENT NEGLECT OF CORE MATERIAL CHARACTERISTICS
For the first finite element formulation, the neglect of the in-plane core material character-
istics is also considered during the determination of the stiffness matrix Kc (not just for the
derivation of the core deformation pattern according to the Equations (3) to (5)). If the material
as well as the element coordinate system coincide, the neglect of core material characteristics
leads to the following core elasticity matrix and strain vector:
Qc =
⎡
⎣ Ezc 0 00 Gxzc 0
0 0 Gyzc
⎤
⎦ and εTc =
(
∂wc
∂z
,
∂uc
∂z
+
∂wc
∂x
,
∂vc
∂z
+
∂wc
∂y
)
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where Ezc is the Young’s modulus in the z-direction and Gxzc as well as Gyzc are the shear
moduli in the through-thickness planes of the core (first index of shear modulus marks the
direction of the shear stress and the second one the corresponding plane on which the shear
acts). This finite element formulation is subsequently called CONSISTENT.
2.1.2 3D CONTINUUM CORE MODEL FOR STIFFNESS MATRIX DERIVATION
In comparison to the definition in paragraph 2.1.1, the second finite element formulation is
based on a 3D contiuum model of the core used during the calculation of the stiffness matrix
Kc, i.e. the displacement field is selected with respect to the Equations (3) to (5) but the stiffness
matrix is set up by considering a complete 3D continuum model for the core. In this case, the
elasticity matrix is of order six. It is defined by:
Qc =
[
Qc1 0
0 Qc2
]
with Qc1 =
⎡
⎢⎣
1
Exc
−νxyc
Eyc
−νxzc
Ezc
−νxyc
Eyc
1
Eyc
−νyzc
Ezc
−νxzc
Ezc
−νyzc
Ezc
1
Ezc
⎤
⎥⎦
−1
, Qc2 =
⎡
⎣ Gxzc 0 00 Gyzc 0
0 0 Gxyc
⎤
⎦
(9)
Again, the material and the element coordinate system are equal to simplify matters. The cor-
responding strain vector is consequently determined through:
εTc =
(
∂uc
∂x
,
∂vc
∂y
,
∂wc
∂z
,
∂uc
∂z
+
∂wc
∂x
,
∂vc
∂z
+
∂wc
∂y
,
∂vc
∂x
+
∂uc
∂y
)
(10)
In the following, this finite element formulation is called SEMI-CONSISTENT.
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Figure 2: Nodal degrees of freedom of the core of the elements CONSISTENT and SEMI-CONSISTENT (left
part) and of the element POLYNOMIAL (right part) exemplary exemplary illustrated at core node 3
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2.2 CORE INTERPOLATION WITH USUAL POLYNOMIALS
For the third element formulation, a usual displacement pattern with polynomials for the
core is used. The core deformations uc, vc and wc are assumed to vary cubically in the through-
thickness direction:
uc(x, y, z) = a0(x, y) + a1(x, y) · z + a2(x, y) · z2 + a3(x, y) · z3
vc(x, y, z) = b0(x, y) + b1(x, y) · z + b2(x, y) · z2 + b3(x, y) · z3
wc(x, y, z) = c0(x, y) + c1(x, y) · z + c2(x, y) · z2 + c3(x, y) · z3
The coefficients ai(x, y), bi(x, y) and ci(x, y) are determined in the usual way through the per-
fect continuity conditions between the face sheets and the core as well as by the introduced
degrees of freedom of the core regarding Figure 2.II (8 additional core nodes each with 3 de-
grees of freedom).
As the selected displacement field in the core agrees with standard displacement-based finite
element approaches, the linear stiffness matrix of the core is set up using the 3D continuum
modelling approach. As a consequence, the stiffness matrix Kc is defined by the matrix opera-
tion according to Equation (2) with the elasticity matrix Qc and the strain vector εc with regard
to Equation (9) resp. (10). Together with the above-mentioned definitions of the face sheets,
the finite element approach is clearly defined. It is described by 64 degrees of freedom. In the
following, this finite element formulation is called POLYNOMIAL.
3 IMPLEMENTATION OF DEVELOPED ELEMENTS
The derived stiffness matrices of the developed finite elements have been implemented into
the finite element program Nastran using a DMAP-program according to [13] and a Fortran77-
routine. Based on this approach, the DMAP-program reads the problem formulation through
the standard Nastran bulk data set. Furthermore, it subsequently controls the determination
of the single element matrices by calling the mentioned Fortran-routine and the solution of
the resulting system matrices. The computation results are finally stored in ascii-format for
subsequent postprocessing.
4 MARC-IDEALISATIONS FOR VERIFICATION
The developed finite sandwich elements are verified based on computations carried out using
the programme MSC.Marc R©. Three different Marc-idealisations are utilised. These models are
set up either with a combination of shell and solid elements or completely with solid or shell
elements only. The Reissner-Mindlin theory is applied for the shell elements.
For the sandwich idealisations consisting of shell and solid elements, the face sheets are
modelled by shells which exihibit assumed transverse shear effects. Each interpolation function
is bilinear (element 75 according to [14, pp. 444-449]). The core is idealised by eight node
solid elements based on trilinear trial functions (element 7 with regard to [14, pp. 127-132]).
The latter element type is also used for sandwich models which are only set up based on solid
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idealisations. An orthotropic material law is utilised for all core elements. If the sandwich is
only modelled by shell elements, the above-mentioned shell type 75 is applied. The three afore-
mentioned idealisations are referred to as Marc7-75 combination of shell and solid elements),
Marc7 (complete solid idealisation) and Marc75 (complete shell element model).
5 VERIFICATION
The developed finite elements are systematically verified for linear statics of orthotropic
sandwich panels. In order to verify their applicability, the Sandwich Master diagram with re-
spect to [4] is used. On the basis of this diagram, the structural behaviour of sandwich appli-
cations is described by a dimensionless coefficient r enabling the estimation of the mechanical
behaviour between its extreme limits of being very stiff to very flexible under transverse shear
loading. It is applicable to linear statics and linear stability problems.
Section A-A:
y
xb
A A
a
q
df1
df2 hc
a/2
b/2
Figure 3: Sandwich panel under uniquely distributed load q
The investigated problem is shown in Figure 3. An uniquely distributed load of q = 0, 1 MPA
acts on the top face layer of the panel. The structure is simply supported along its edges, and the
dimensions of the sandwich plate amount to a, b = 300 mm. Additional geometry and material
data used during the verification can be derived on the basis of the Sandwich Master diagram 4
and Table 1. In general, three different core to face sheet thickness ratios are analysed (cp.
Figure 4) The introduced coefficients are determined with respect to [4]:
r =
1 +
(
1− Bf
Bges
)
π2 Bges
c2 Bτ
1 +
(
1− Bf
Bges
)
π2 Bf
c2 Bτ
with Bf =
Ef b d
3
f
6
,
Bges = Bf +
Ef b df (hc + df )
2
2
, Bτ =
Gc b (hc + df )
2
hc
and 1
c2
=
1
a2
+
1
b2
where Ef is the Young’s modulus of the face sheets, and Gc is the shear modulus of the core.
As the face sheets are assumed to be identical with df = df1 = df1, the stiffnesses of the face
sheets are summed up, and the resulting characteristics are marked by the suffix f .
In the following, the computation results of two numerical investigations are described. In
the first analysis, the premises are approximately fulfilled under which the core displacement
field of the finite element formulations according to paragraph 2.1 is derived, i. e. the stiffnesses
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Figure 4: Sandwich Master diagramm with regard to [4]
of the face layers are significantly higher than the ones of the core. The corresponding point
in the Sandwich Master diagram to this problem is located in section 3 of Figure 4. Based
on the findings of the afore-mentioned problem with approximately ideal face sheet to core
stiffnesses, a systematic variation within the Sandwich Master diagram is performed in the
second investigation. The points considered in the Sandwich Master diagram are located in the
sections 1 to 12 intersecting the indicated curves of constant face sheet to core thicknesses. As a
consequence of this investigation, the range of applicability of the introduced assumptions can
be estimated for sandwich structures consisting of a variety of core materials, in particular, of
foam cores.
5.1 APPROXIMATELY IDEAL FACE SHEET TO CORE STIFFNESSES
The investigated sandwich structure is clearly defined by the intersection of the curve for
df
hc+df
= 0.0204 resp. hc = 24 mm with section 3 in the Sandwich Master Diagram. In that
case, the stiffnesses are significantly higher than the ones of the core.
A quarter of the sandwich panel is idealised due to the doubly symmetric problem. The
subsequently described computation results are obtained for regular meshes with convergence
rates of the maximum displacement of the upper face sheet which are lower than 0.1 %.
The Marc-analyses are carried out using the idealisations described in paragraph 4. The
model Marc7 completely consisting of solid elements is idealised based on two different ma-
terial laws of the core. The results which are referred to by Marc7neg are obtained for a core
material law with neglected in-plane core material characteristics, i. e. the in-plane values are
almost set to zero. This approach corresponds to the above described element formulation
CONSISTENT. In comparison to that, Marc-results indicated by Marc7all are generated based
on the full 3D continnum model for the core. No material characteristics are neglected.
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df
hc+df
hc
Bges
Bτ c2
r Ef νf Ec
Section [%] [mm] [−] [−] [ N
mm2
] [−] [ N
mm2
]
9.09 5 0.015 1.149 1479.9 0.3142 7.7285
S1 5.56 8.5 0.015 1.149 1479.9 0.3142 13.1160
2.04 24 0.015 1.150 1479.9 0.3142 37.0000
9.09 5 0.093 1.911 9069.6 0.3142 7.7285
S2 5.56 8.5 0.093 1.915 9069.6 0.3142 13.1158
2.04 24 0.093 1.918 9069.6 0.3142 37.0000
9.09 5 0.233 3.269 22674 0.3142 7.7285
S3 5.56 8.5 0.233 3.285 22674 0.3142 13.1160
2.04 24 0.233 3.294 22674 0.3142 37.0000
9.09 5 0.800 8.686 22674 0.3142 2.2470
S4 5.56 8.5 0.800 8.816 22674 0.3142 3.8133
2.04 24 0.800 8.885 22674 0.3142 10.7573
9.09 5 1.976 19.41 56000 0.3000 2.2470
S5 5.56 8.5 1.976 20.08 56000 0.3000 3.8134
2.04 24 1.976 20.44 56000 0.3000 10.7573
9.09 5 6.000 51.67 210000 0.3000 2.7748
S6 5.56 8.5 6.000 56.71 210000 0.3000 4.7090
2.04 24 6.000 59.72 210000 0.3000 13.2840
9.09 5 20.00 128.4 210000 0.3000 0.8324
S7 5.56 8.5 20.00 164.8 210000 0.3000 1.4127
2.04 24 20.00 193.1 210000 0.3000 3.9853
9.09 5 52.00 213.1 210000 0.3000 0.3202
S8 5.56 8.5 52.00 336.4 210000 0.3000 0.5433
2.04 24 52.00 480.0 210000 0.3000 1.5328
Table 1: Isotropic material characteristics selected for the face sheets and the core (νc = 0, 4231)
The computation results are illustrated in Table 2 and in the Figures 5 and 6. As the results of
the calculations based on the element type SEMI-CONSISTENT agree quite well with the ones
of the type POLYNOMIAL (deviations of the shown displacement and stress values are lower
than 0.1 %), just the results of the idealisations CONSISTENT and SEMI-CONSISTENT are
shown. Furthermore, the results of the computations based on the models Marc7-75 and Marc75
are only illustrated in Table 2 to simplify matters, too.
The good agreement between the computation results based on the element types SEMI-
CONSISTENT and POLYNOMIALS can be identified in Table 2. The deviations of the dis-
placement and the stress values to the calculations of MSC.Marc R© are almost the same for
both idealisations. Moreover, it can be seen that the results of the developed finite elements
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Marc7all Marc7neg
Δwf2 in % Δσxf2 in % Δwf2 in % Δσxf2 in %
Marc75 1.15 2.63 -0.20 -1.29
Marc7-75 0.04 0.02 -1.29 -3.80
CONSISTENT 1.35 4.01 0.00 0.04
SEMI-CONSISTENT -0.01 -0.03 -1.34 -3.85
POLYNOMIALS -0.01 0.02 -1.33 -3.80
Table 2: Deviation between the computation results of the Marc-analyses Marc7all as well as Marc7neg and
calculations based on the developed elements (for model Marc7all all core material characteristics are considered,
for idealisation Marc7neg the in-plane core material values are neglected) where Δwf2 is the deviation of the z-
displacement and Δσxf2 is the deviation of the normal stress in the global x-direction each at the plate middle of
the upper face sheet
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Figure 5: Displacement in the middle of the upper face sheet in z-direction
agree well with the Marc results if the core material laws are selected to be approximately iden-
tical during the formulation of the stiffness matrix (CONSISTENT corresponds to Marc7neg
and SEMI-CONSISTENT as well as POLYNOMIAL equal Marc7all). In particular, this is the
case for the results of the derived elements SEMI-CONSISTENT as well as POLYNOMIAL
which agree well with the related idealisation Marc7all enabling a realistic description of the
investigated isotropic foam core material. Furthermore, it has to be mentioned that the results
based on the element type CONSISTENT with neglected in-plane core stiffnesses still agree
well with the ones of the model Marc7all although the introduced core material laws differ be-
tween the models. The deviations of the shown displacement and stress values to the model
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Marc7all just amount to 1.3 % resp. 4%. This good agreement with regard to Table 2 can also
be observed over the whole sandwich plate for the illustrated values (cp. the Figures 5 and 6).
As a consequence, the consideration of the in-plane core stiffnesses is of minor importance for
the analysed sandwich structure if the face sheet to core stiffnesses are approximately ideal, i. e.
for the selected point in the Sandwcih Master diagram.
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Figure 6: Normal stress σxf2 in the middle of the upper face sheet
The Marc-results obtained by the computations based on shell elements with assumed trans-
verse shear strains (Marc75) agree with the ones of the models Marc7all and Marc7neg as it is
the case for the idealisation with the element type CONSISTENT (cp. Table 2). With the sim-
ple element technology Marc75, good agreement is achieved for the investigated point in the
Sandwich Master diagram although a small number of degrees of freedom is used. However,
it has to be mentioned that this element technology is not appropriate if local phenomena like
peeling stresses in the core or flexible core behaviour in the through-thickness direction has to
be adequately predicted.
Almost the same results are determined for the Marc7-75 idealisation (with face sheet ele-
ments considering transverse shear strains and solid elements in the core) as it is the case for
the models based on the element types SEMI-CONSISTENT and POLYNOMIALS. This is due
to the fact that the structural sandwich behaviour is sufficiently predicted by the selected dis-
placement fields in the core and that comparable core material laws are used during the stiffness
matrix formulation.
To summarise, good agreement can be achieved between the computation results based on
the described finite elements and the ones of realistic finite element idealisations. The latter ones
are carried out with the program system MSC.Marc R©. Furthermore, the observed deviations
are mainly caused by selecting different core material laws for the determination of the stiffness
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matrix. Therefore, the core deformation pattern is sufficiently described by the analytically de-
rived core displacement pattern (elements CONSISTENT and SEMI-CONSISTENT) enabling
the reduction of the degrees of freedom in comparison to standard finite element idealisations
for the analysed the static problem.
5.2 VARIED FACE SHEET TO CORE STIFFNESSES
In order to verify the applicability of the developed elements, the relevant areas in the Sand-
wich Master diagram are analysed with the derived elements and with idealisations based on the
program system MSC.Marc R©. The considered points are defined in Figure 4 by the intersection
of the curves with constant face sheet to core thickness with the illustrated sections 1 to 8 ( Bges
Bτ c2
is constant). The investigated sandwich structure is described in Figure 3 and in Table 1. As the
applied face sheet elements are based on the assumption that the face layers are thin, the ratio
of the face sheet to the core thickness is limited to 10 % (df
hc
≤ 0.1 leads to df
hc+df
≤ 0.0909).
Again, a quarter of the sandwich panel is idealised due to the doubly symmetric problem.
The applied finite elements (CONSISTENT, SEMI-CONSISTENT and POLYNOMIAL) agree
with the ones used in the preceding paragraph. The Marc-idealisations Marc75 and Marc7
according to section 4 are utilised.
In the following, the computation results are compared to each other for the maximum de-
flection at the middle of the upper face sheet. The results are determined for regular meshes
with convergence rates of the maximum displacement that are lower than 0.1 %. The results
are related to the ones of the idealisation Marc7 as the computation results of this model should
converge in the theoretical case of an infinite number of elements against the exact solution of
linear continuum mechanics. The deviations are shown in the Figures 7 to 9. As the models
based on the developed elements SEMI-CONSISTENT and POLYNOMIAL agree quite well,
just the values of type SEMI-CONSISTENT are illustrated to simplify matters.
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Figure 7: Maximum displacement deviation (related to Marc7 results) for ratio of df
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= 2, 04%
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In the figures, it can be seen that the Marc75 computations (with no solid element idealisa-
tion of the core) exhibit increasing deviations with growing Bges
Bτ c2
in the areas D and E in the
Sandwich Master diagram (cp. in particular left diagram of the Figures 7 to 9). The devia-
tions grow with the flattening of the curves in the Sandwich Master diagram. This is due to
the fact that the face sheets increasingly act as independent, individual plates. Therefore, the
mechanical description of the sandwich based on a plate formulation considering transverse
shear effects leads to a growing error concerning the prediction of the structural behaviour in
the afore-mentioned areas in the Sandwich Master diagram.
The results of the idealisations with the element type CONSISTENT exhibit good agreement
with the calculations based on the model Marc7 in the analysed areas of the Sandwich Master
diagram. Greater deviations occur for low ratios of Bges
Bτ c2
and increasing core heights. This is due
to the fact that the sandwich acts more like a composite plate. Therefore, the bending stiffness
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of the core significantly contributes to the overall bending stiffness which is neglected for the
element formulation of the element type CONSISTENT.
With regard to the Figures 7 to 9, the deviations of the models based on the element type
SEMI-CONSISTENT are significantly reduced in comparison to the ones of the CONSISTENT
idealisations (results of SEMI-CONSISTENT and POLYNOMIAL models are approximately
the same). Every deviation referred to the Marc7 model is lower than 0.1 % for all investigated
points in the Sandwich Master diagram.
6 CONCLUSION
In general, the structural behaviour of sandwich panels can be predicted in the linear range
with sufficient precision on the basis of the developed finite elements. Greater deviations can
just be observed for the idealisations based on the element type CONSISTENT in the zone of
the Sandwich Master diagram where the sandwich plate increasingly acts like composite panel.
This is caused by neglecting the in-plane core material characteristics during the derivation of
the stiffness matrix. Nevertheless, the analytically determined core displacement pattern used
for the elements CONSISTENT as well as SEMI-CONSISTENT sufficiently describes the core
behaviour, i. e. the underlying theory of the derived finite elements is applicable to isotropic
core materials like foams for a wide range of sandwich structures.
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Summary.   A statistical study of 20 sandwich cored materials with varied fibre orientation 
and skin thickness is performed to determine the significance of variables in the sandwich 
including the Modulus of Residual Stiffness D. The results show that D  is statistically 
significant for all tested cores with 1 skin layer, and that the stiffness of the core materials is 
not significant in the analyses for 3 layers of skin. 
1   INTRODUCTION 
Figure (1) Sandwich core material test for modulus of Residual Stiffness 
A sandwich structure is defined by a bi-geometrical structure and sub-structure related by 
the Modulus of Residual Stiffness, D. These two geometries interact with each other to modify 
the response of the whole. Typical test materials are shown in Figure (1).  Statistical analyses 
of parameters in modern sandwich construction should be presented in the context of the 
broader and more identifiable geometry of classical mechanics.   Many types of sandwich 
cores today would be classed as elastic foundations supporting the skins of the sandwich.   
Modern sandwich construction is mainly fiberglass skin bonded to various types of core 
materials.   These types of materials have been used predominately in the marine industry for 
the construction of small craft and structural components of ships.
    The usual definition of a sandwich assumes an integral bond between skins and core.   In 
this case, each material being of similar overall panel length and width dimensions, the skins 
and core are loaded in series, thus the same force is transmitted to each layer.   Single skin 
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composites, and by default sandwich construction, have been characterized principally by the 
stiffness and strength of the short fibers in the mat or in the skins and additionally for 
sandwich construction by the thickness of the core material.   However, when all the 
properties of the skin matrix and the residual stiffness of the core (D ) are taken into account, 
stress and deflection tests have shown that it is the softer materials – the matrix cushioning the 
FRP fibers and principally the light weight core material that conforms and bonds to the fibers 
and the skins that primarily affect the response. A key to the construction of sandwich material 
is then the statistical significance of sandwich core parameters including D .
2.   BACKGROUND 
     In the last few years, a unified stress theory has been developed by Weissman-Berman [1-
9] to model typical sandwich core materials from rigid closed cell foam to end-grain balsa 
having continuous contact with the faces of a sandwich beam, as shown in Figure (2).   These 
core materials are considered to behave as elastic foundations for those skins.  The two 
geometry’s are related by the inclusion of  D, a newly defined modulus of residual stiffness 
within the characteristic length of the beam or plate equation.  D  defines the elastic curve and 
is an integral part of the flexural elastic modulus of the sandwich to define the critical 
compressive stress at secondary yield.  The modulus of the residual stiffness is defined as the 
characteristic of the sub-structure, which is a core bounded by the equivalent skins.   
Therefore, a sandwich structure may be defined by a bi-geometrical structure and sub-
structure related by the Modulus of Residual Stiffness, D.
Figure (2) Model of typical sandwich core materials 
3.   METHODOLOGY
    The object of this statistical study of 20 sandwich cored materials is to present the results of 
regression analyses to determine the significance of five principal components of sandwich 
structures: (1) alphapred ( D predicted); (2) Eskin1 (the elastic modulus of the top skin – in 
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flexure); (3) t1 ( the thickness of the top skin); (4) tsand ( the thickness of the total sandwich 
material); and (5) Ecore ( the elastic modulus of the core material – in flexure).  All of these 
values are taken from an extensive database for a parametric and equally incremented number 
of skin layers for an extensive range of ten core materials, ranging from highly damped cores 
such as Airex and EPoly to very stiff cores such as Balsa, on a typical 2.54 cm core thickness 
[10].  The fibre in the sandwich skins varies from +-45 degrees to 0/90 degrees, yielding 20 
specimens for sandwich with one layer of skins and another 20 with three layers of skins.  It 
has been seen from experimental and correlated predictive data that the value of D goes to 
unity when the skins have five or more layers. 
3.1   Statistical Comparison of  D  Predicted to  D Test Data 
       The initial analysis will determine the relationship of the variables ‘alphapred’ to 
‘alphatest’ to determine the normality of each distribution and the comparison of the predicted 
and tested valued of D .   An initial analysis is performed using R for statistical computing for 
values of D . 
    The database values for the sandwich cored materials with one skin and three skins are 
summarized in Table (1,2) below.   The initial database variables include five principal 
components of sandwich structures: (a) D; (b) Eskin1 (the elastic modulus of the top skin – in 
flexure); (c) t1 ( the thickness of the top skin); (d) tsand ( the thickness of the total sandwich 
material); and (e) Ecore ( the elastic modulus of the core material – in flexure).   The first two 
analyses explore the normality of ‘alphapred’ (predicted values of  D) for one and three top 
skins respectively.  For both the predicted and tested values of D , the means and median are 
relatively close values, indicating the normality of the distributions.  These values are 
summarized below.
Table 1:  Summary of ‘alphapred’ values with 1 and 3 Top Skins
Table 2:  Summary statistics for ‘alphapred’ with 1 and 3 Top Skins
    From Figures (3) and (4), it can be seen that each variable can be considered normal from 
the histogram, the density plots and the normal quantile plots.    
                       Min               1st Quar         Median        Mean            3rd Quar        Max 
1 skin .01400 .03550 .05000 .05565 .07425 .12000 
3 skins .0360 .1350 .1755 .2250 .3125 .6100 
                                           Mean                              SD                             Variance 
1 skin .05565 .02762 .000763 
3 skins .22495 .14426 .020812 
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Figure (3) Exploratory Data Analysis Plots-alpha-1 Skin (r 45:0/90 Degrees)
Figure (4) Exploratory Data Analysis Plots-alpha- 4 - Skin(r 45:0/90 Degrees)
    Then the values of the predicted and tested D are compared using the Welch Two Sample t-
test.  The null hypothesis is given below: 
100 : PP  H       (1) 
The assumption is that the comparative means are equal to zero or not greatly different from 
zero.   The alternative hypothesis is given as: true difference in means is not equal to 0.    
10: PP zaH                                                                  (2) 
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The results show that t = -0.0282, df = 37.96, p-value = 0.9777, with a 95 percent confidence 
interval of ( -0.01822594  -  0.01772594 ) and sample estimates of:
mean of x  mean of y  
   0.05565    0.05590        (3)
    The result of simply subtracting the means yield a result nearly zero, which is reflected in 
the value of  p = 0.9777.  The F test to compare two variances yields a p-value =  0.8895, 
while the ratio of variances = 0.93745.  In this test, the alternative hypothesis is accepted only 
if the true ratio of variances is not equal to 1.  Therefore the null hypothesis, accepting ratios 
nearly equal to 1 is accepted.   Therefore, the regression analyses are conducted using the 
predicted values of D.
    It can now be seen that the predictive methodology for D  accurately reproduces the test 
data.   This is extremely important for conducting future tests and for implementing tested 
results in engineering structural analysis.   The regression analyses are conducted using the 
predicted values of D.
3.2 Statistical Linear Models and Multivariate “Loess” Models 
 Initially, multiple linear regression models are computed using S+ statistical computing 
methods [5], and finally multivariate ‘loess’ models are computed to determine the model 
response to the data.  The multiple linear regression models are computed using S+ statistical 
computing methods: 
niforxxxy ippiii ,...,2,1,,...,22110   EEEE                (4) 
These linear models are then refit as multivariate ‘loess’ local regression models to determine 
the adequacy of the residual normality of the predictor variables and the model, where 
weighted least squares is used to fit linear or quadratic functions of the predictors at centers of 
neighborhoods.  The weighting function is given by D  predicted.  There are no restrictions on 
relationships among predictors.  The model with one skin layer is given as:
loess (formula = Ecore ~ alphapred * t1)     (5)
where ‘Ecore’ is the elastic modulus of the core, ‘alphapred’ is the predicted D  and ‘t1’ is the 
top skin thickness. There is a reduced span = 0.75.   The multiple 90.02  R , indicating that 
90% of the variance is accounted for in the data.   The model for three skin layers is fit as:
loess (formula = t1 ~ alphapred * tsand)       (6)
where ‘tsand’ is the sandwich thickness.  There is a reduced span = 0.75.   The multiple 
98.02  R  , indicating that 98% of the variance is accounted for in the data.  
4.  RESULTS
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The first model is linear and fit for the variable ‘Ecore’ (elastic modulus of the core) on 1 
top skin material.  The equation in S+ fitting the model on ‘Ecore’ is: 
)1~( talphapredEcoreformulalm       (6) 
Call: lm(formula = Ecore ~ (alphapred + t1), data = alpha1.df, na.action =
 na.exclude) 
Residuals:
   Min    1Q Median   3Q  Max
 -4542 -1372 -159.8 1633 4128 
Coefficients:
                   Value   Std. Error      t value     Pr(>|t|)
(Intercept)   33893.6867   12936.9460       2.6199       0.0179 
  alphapred  -52073.1730   19125.9032      -2.7227       0.0145 
         t1 -452324.7249  277762.0362      -1.6285       0.1218 
Residual standard error: 2341 on 17 degrees of freedom 
Multiple R-Squared: 0.3201
F-statistic: 4.002 on 2 and 17 degrees of freedom, the p-value is 0.03764
Analysis of Variance Table 
Response: Ecore 
Terms added sequentially (first to last) 
          Df Sum of Sq  Mean Sq  F Value     Pr(F)
alphapred  1  29334139 29334139 5.352874 0.0334633 
       t1  1  14532529 14532529 2.651886 0.1218165 
Residuals 17  93161234  5480073
Table 3: Linear Model = Sandwich with 1 Top Skin (fitted on Ecore)
       The fitted multiple R^2 for parameters fitted on ‘Ecore’ is 0.32.  In this model, the  
Pr(>|t|) = .0145 and is highly significant for the variable ‘alphapred’. Furthermore, it can be 
seen from the histogram that the residuals for this model has no gaps and is fairly normal.  
The quantiles of the standard normal fitted in Figure (5) are also nearly linear.  These 
quantiles are shown to be normally fitted on ‘Ecore’ in Figure (6).  In Figure (7), it can be 
seen that the fit of the residuals on ‘Ecore’ is well distributed. 
      In this linear model, the variable ‘alphapred’ is statistically significant, whereas the 
variable ‘t1’, the top skin thickness, is not.  In this model, the correlation coefficient R = 0.57, 
indicates the degree to which the two predictors (independent or X variables) are related to the 
dependent (Y) variable ‘Ecore’. 
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Figure (5) Histogram and Quantile Normal Fit of Residuals on Ecore
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1103
Deborah W. Berman 
4.1 Fit of Variables in the Linear Model 
    These results are not surprising for a sandwich with only 1 layer of top skin.  In this case, 
the Modulus of Residual Stiffness, D , has been mathematically predicted to be a controlling 
variable in sandwich construction with thinner skins.   However, these analyses show that 
the parameter ‘alphapred’ is statistically significant for all tested cores with 1 skin layer 
even if the fibres in the skin are +- 45 degrees or 0/90 degrees.   In short, this is true for 
highly ductile as well as very stiff core materials in the sandwich. 
4.2 Fitting a Multivariate Loess Model for 1 Top Skin 
    This linear model is then refit as multivariate ‘loess’ model to determine the adequacy of 
the residual normality of the predictor variables and the model, where weighted least squares 
is used to fit linear or quadratic functions of the predictors at centers of neighborhoods.  The 
weighting function is given by D  predicted.  The model with one skin layer is given as:
loess (formula = Ecore ~ alphapred * t1)     (7)
Here ‘Ecore’ is the elastic modulus of the core, ‘alphapred’ is the predicted D  and ‘t1’ is the 
top skin thickness. There is a reduced span = 0.75. In this multivariate Loess model, the 
multiple 90.02  R , indicating that 90% of the variance is accounted for in the data. 
4.3 Linear Regression Model for 3 Skins
A reduced linear model is run for the parameters that have the highest Pr > | t |, for 
parameters selected from the full model.  For sandwich materials with one top skin, these 
parameters may be given as ‘alphapred’ and ‘Ecore’.   The linear model in terms of the 
observations is again given below: 
niforxxxy ippiii ,...,2,1,,...,22110   EEEE                (8) 
And the equation in S+ is given below for 3 top skins: 
 )1~( talphapredtsandformulalm       (9) 
       In the fitted linear model, the multiple R^2 for parameters fitted on tsand equals 0.67.   
The Pr(>|t|) = .0000  is significant for the variable ‘t1’. The Pr(>|t|) = .2769 is not 
significant for ‘alphapred’ in skins with 3 layers in a linear additive model.  The quantiles of 
the standard normal are linear as shown in Figure (8).   The plot of the residuals shows 
excellent scatter as shown in Figure (9).   In this model, the ‘p’ value of the variable ‘t1’ is 
significant while the value of ‘alphapred’ is not.  In this model, the correlation coefficient R = 
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0.82, indicates the degree to which the two predictors (independent or X variables) are related 
to the dependent (Y) variable ‘tsand’.  
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Figure (8) Quantiles of Standard Normal Fitted on tsand
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Figure (9)  Fit of Residuals on tsand
    In this case, the model is refit on the parameter ‘t1’ for completeness of the analysis.   The 
histogram is nearly normal while the quantile fit of the residuals is reasonably well fit as 
linear, but not in the region -2 to -1, as shown in Figure (10).   In this case, the R^2 = 0.66, 
and the Pr(>|t|) = .4965 is again not significant for ‘alphapred’ in skins with 3 layers in a 
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linear additive model.   In this case, the results are accepted from the model fit on the 
parameter “tsand” for the linear additive model.  In either linear model for 3 layers of skin on 
the sandwich core, the fitted variables are ‘tsand’, ‘t1’ and ‘alphapred’.  The results for the 
refit model are shown below in Figure (10). 
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Figure (10) Histogram and Quantile Normal Fit of Residuals on t1
4.4 Fit of Variables in the Linear Models for 3 Top Skins 
    It has been shown that the correlation of predicted to tested deformation for 3-point load 
beam tests is dependent on an accurate evaluation of  D included in the prediction equation.  
What is surprising is that the stiffness of the core materials (Ecore) is not significant in 
the full or the reduced analyses for a sandwich with 3 layers of skin for all tested cores 
even if the fibres in the skin are +- 45 degrees or 0/90 degrees. In short, this is true for 
highly ductile as well as very stiff core materials in the sandwich.   In these statistical 
analyses, the results show that for a sandwich with 3 layers of skin materials the relationship 
of ‘t1’ with ‘tsand’ governs.  This result is really a geometric relationship, rather than one 
primarily of materials properties. 
4.3 Fitting a Multivariate Loess Model for 3 Top Skins 
    The model for three skin layers is fit as: 
loess (formula = t1 ~ alphapred * tsand)       (3) 
where ‘tsand’ is the sandwich thickness.  There is a reduced span = 0.75.   The multiple 
98.02  R  , indicating that 98% of the variance is accounted for in the data.  
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  Both Loess models fit the data very well, with the fit for 3 skin layers shown in Figure (11).    
Fitted : alphapred * tsand
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     Figure (11) Non-linear and linear 3 skin response
5. CONCLUSIONS 
    The regression analyses in this report show a distinct difference in statistically significant 
variables for sandwich materials having 1 top skin and 3 top skins.   In defining the initial 
model, all variables with 1 or 3 skins formed a normal distribution.  It does not matter 
whether the skins have +- 45 degrees or 0/90 degree orientation of the fibres.  The initial 
model used to define ‘alphapred’ compared to ‘alphatest’ and all subsequent regression 
models show that the thickness of the skin governs, and not the fibre orientation.
    In the linear regression model for a sandwich with 1 skin layer, the analyses show that the 
parameter ‘alphapred’ is statistically significant for all tested cores with 1 skin layer even if 
the fibres in the skin are +- 45 degrees or 0/90 degrees, when fitted on ‘Ecore’. 
   In the linear regression model for a sandwich with 3 skins, the parameter ‘alphapred’ is not 
significant, and ‘t1’ is significant for the linear model fitted on ‘tsand’.   The data fit for the 
multivariate loess model, where ‘alphapred’ and ‘tsand’ are fitted on ‘t1’ show that 2R  is now 
0.98 which indicates a very good fit for this model.  The stiffness of the core materials (Ecore) 
is not significant in the full or the reduced analyses for a sandwich with 3 layers of skin for all 
tested cores even if the fibres in the skin are +- 45 degrees or 0/90 degrees.   In short, this is 
true for highly ductile as well as very stiff core materials in the sandwich.   
      In these analyses, there are some confirmed results, and some surprising results.  Perhaps 
the most surprising result is the lack of significance of the variable ‘Ecore’ in sandwich 
materials having 3 skin layers.  For the last 30 years, the assumption has been made that the 
structural integrity of the sandwich with 3 skins is dependent on the stiffness of the core 
materials.  In these statistical analyses, the multivariate Loess results for 3 skin layers show 
that ‘alphapred’, related to core damping, and 2 geometric parameters define the statistical 
response of these sandwich materials. 
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Summary: This paper presents a theoretical model for the dynamic analysis of modern 
sandwich panels with viscoelastic soft cores. The model combines the concepts of the Kelvin-
Voigt model of viscoelasticity with the concepts of the high-order sandwich theory and 
account for the strain rate effect through the shear and normal constitutive laws of the core. A 
solution procedure that combines time integration through Newmark's method with a 
numerical solution of the resulting equations in space is adopted. The capabilities of the 
proposed model are demonstrated through two numerical examples that shed light on the 
dynamic behavior of sandwich panels with viscoelastic soft cores.
1 INTRODUCTION 
The use of sandwich panels made of thin and stiff face sheets connected by a thick and 
compliant ("soft") core is widely used in aerospace constructions, as well as in many other 
structural applications. As such, sandwich panels are often subjected to dynamic loads. One of 
the main advantages of sandwich constructions, compared with monolithic ones, is the 
improved damping characteristics, which are mainly attributed to the viscoelastic behavior of 
the core material [1-8]. However, while the viscoelastic nature of the core damps the overall 
dynamic and vibratory response of the structure through the time domain, it also modifies the 
distributions and the magnitudes of the internal stresses and forces in the structure. In 
particular, it may modify, attenuate, or even magnify the stresses in the core layer and in the 
core–face sheet interfaces. These stresses play a critical role in the localized and global 
response of the panel, and in many cases, govern its failure mechanism. Hence, their 
magnification due to the viscoelastic effect and the influence of the viscoelastic nature of the 
core on the overall and localized dynamic behavior of the sandwich panel should be clarified.
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Many efforts were made to study the vibration response of sandwich panels with 
viscoelastic cores. Galucio et al. [1] used the finite element formulation assuming Euler-
Bernoulli's hypotheses for the elastic faces and Timoshenko's ones for the viscoelastic core. 
Wang et al. [2], Meunier and Shenoi [3], and Hunston et al. [4] investigated the free and 
forced vibration response of sandwich beams assuming that the core layer is stiff in the 
vertical direction and deforms in pure shear only. Pradeep et al. [5] assumed that the 
dissipation in the core is only due to transverse shear. Nayfeh [6] adopted the lumped mass 
and stiffness approach to study the flexural vibration response of viscoelastic sandwich beams 
without the consideration of local effects at the edges or near concentrated loads. These 
studies, as well as many others, focus on the influence of the viscoelasticity of the core 
material on the overall dynamic response of the sandwich panel without considering its 
influence on the local shear and normal stresses in the core. The theoretical models assumed 
that the height of the core remains unchanged, i.e. incompressible. However, modern 
sandwich panels are made of compressible foam type core that are usually associated with 
localized effects and displacements through the depth of the core. To address these effects, an 
enhanced high-order theory should be used. Bai and Sun [7] used a high-order theory that 
accounts for the deformability of the core in shear and through its thickness. Yet, the 
influence of the viscoelastic behavior of the core in the vertical direction was ignored 
assuming that most of the energy dissipation is attributed to the shear effect. In addition, their 
model is limited to the response of sandwich panels under forced harmonic loads only. Baber 
et al. [8] developed a finite element model for harmonically excited viscoelastic sandwich 
beams based on the theoretical approach of [7]. A high order dynamic theory that accounts for 
the shear and vertical deformability of the core was presented by Frostig and Baruch [9], 
Frostig and Thomsen [10] and Schwarts-Givli et al [11-13]. However, these works did not 
take into account the viscoelastic features of the core or the damping effects in the sandwich 
structure. The damping and viscoelastic dynamic response of reinforced concrete flexural 
members strengthened with adhesively bonded composite materials, which uses a high order 
theory [9], were studied by Hamed and Rabinovitch [14].    
In this paper, a theoretical model for the viscoelastic dynamic analysis of sandwich panels 
made of polymeric foam soft cores and composite laminated face sheets is developed. The 
theoretical approach combines the concepts of the Kelvin-Voigt model of viscoelasticity [15] 
with the concepts of the high-order sandwich theory [16]. The model accounts for the high 
order deformation fields through the height of the core and for the viscoelastic effect in shear 
and in the vertical normal direction. The model developed here uses variational principles, 
dynamic equilibrium, and compatibility requirements between the components, and it is 
applicable to a general combination of boundary conditions and dynamic loads. Hamilton’s 
principle and the small deformations theory are used for the derivation of the equations of 
motion. The lamination theory is used for the modeling of the composite laminated face 
sheets. The analytical and numerical procedures for the solution of the damped equations of 
motion are also addressed. The paper focuses on the influence of the viscoelastic nature of the 
core material on the deformations of the sandwich panel, on the time dependent distributions 
of the internal stress resultants, and, especially, on the time evolution of the critical shear and 
vertical normal stresses in the core and in the core-face sheets interfaces.
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2 MATHEMATICAL FORMULATION  
The sign conventions for the coordinates, displacements, loads, stresses, and stress 
resultants  appear in Fig. 1. The equations of motion along with the boundary and continuity 
conditions are derived via the extended Hamilton’s variational principle, which requires that:  
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0
 ³ 
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t
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where T is the kinetic energy; U is the strain energy, W is the work of the external loads; G is 
the variational operator; and t is the time. The first variation of the kinetic energy is:
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where t, b, and c refer to the upper face sheet, the lower face sheet, and the core, respectively, 
iU  is the mass density of the upper (i=t) and the lower (i=b) face sheets and the core (i=c),
wi(x,zi,t) and ui(x,zi,t) are the vertical and horizontal displacements of each component, 
respectively, Vi (i=t,b,c) is the volume of each component, and )( denotes a derivative with 
respect to time. The first variation of the internal strain energy is 
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where ixxV  and 
i
xxH (i=t,b) are the longitudinal stresses and strains in the upper and lower face 
sheets, cxzW  and 
c
zzV  are the shear and vertical normal stresses in the core, respectively, and 
c
xzJ
and czzH  are the shear angle and vertical normal strain in the core, respectively.  
The kinematic relations of the face sheets assume small displacements and negligible 
shear deformations and follow the Bernoulli-Euler theory: 
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where zt and zb are measured from the mid-height of the face sheets downwards, uoi is the 
longitudinal deformation at the reference line (mid-height) of the face sheets, and ( ),x is a 
derivative with respect to x. The 2D elasticity kinematic relations for the core: 
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Figure 1: Geometry, loads, sign conventions, and stress resultants: (a) Geometry and loads; (b) Deformations and 
coordinate system; (c) Stresses and stress resultant.  
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The first variation of the work done by the external loads equals: 
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where ),(),,(),,( txmtxntxq xixizi  are the time dependent external distributed loads and 
bending moments exerted at the upper (i=t) and the lower (i=b) face sheets, respectively, 
)(),( tNtP jiji  and )(tM ji  are dynamic concentrated loads and bending moments at jxx , DG
is the Dirac function, NC is the number of concentrated loads, and L is the length of the panel.
The assumption of perfect bonding between the components is introduced through 
compatibility requirements imposed on the vertical and the longitudinal deformations at the 
interfaces of the core: 
),(),(),0,(;),(),0,( , txwYtxutzxutxwtzxw xttotcctcc     (7a,b)
),(),(),,(;),(),,( , txwYtxuthzxutxwthzxw xbbobcccbccc     (8a,b)
where Yt=ht/2 and Yb=hb/2 are the heights of the reference level at mid-height of the upper and 
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lower face sheets, hc is the thickness of the core, and zc is measured from the upper core-sheet 
interface downwards (Fig. 1a).  
While the high order terms of the displacement distributions through the thickness of the 
core are considered, following [14], the distributions of the velocities and accelerations are 
assumed linear through the thickness of the core. For example, the velocities are:  
  ),(),(),(),,( txw
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Using the variational principle (Eqs. 1-3,6), along with the kinematic relations (Eqs. 4,5), 
the compatibility conditions (Eqs. 7,8), and the velocity and acceleration fields of the core 
(Eqs. 9,10), the equations of motion read: 
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where mi (i=t,b,c) is the mass per unit length of the upper face sheet, the lower face sheet, and 
the core layer, respectively, ixxN and
i
xxM (i=t,b) are the in-plane and the bending moment 
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stress resultant in the face sheets, b is the width of the panel, and Ii (i=t,b) is the geometrical 
moment of inertia of the face sheets. 
2.1 Viscoelastic Constitutive Relations
The constitutive relations for the core material assume a viscoelastic type of behavior and 
adopt the Kelvin-Voigt model [15]. Yet, it should be noted that alternative and more advanced 
viscoelastic models can also be implemented in the theoretical platform developed here. The 
constitutive model reads:
 ),,(),,(),,( 1 tzxatzxEtzx cczzccczzccczz HHV V  (17)
 ),,(),,(),,( 1 tzxatzxGtzx ccxzcccxzcccxz JJW W  (18)
where Ec and Gc are the modulus of elasticity and the shear modulus of the core, respectively, 
c
zzH  and 
c
xzJ  are the vertical normal strain rate and the shear angle rate, respectively, and 
ca V1
and ca W1  are viscous constants that represent the material loss (dissipation) factors. Under 
harmonic vibration conditions, the constitutive relations of Eqs. (17) and (18) reduce to the 
following form: 
),,()(),,()(),,( 1 tzxEiEtzxEaiEtzx c
c
zzccc
c
zzc
c
cc
c
zz HHZV V ccc  (19)
),,()(),,()(),,( 1 tzxGiGtzxGaiGtzx c
c
xzccc
c
xzc
c
cc
c
xz JJZW W ccc  (20)
where Zis the vibration frequency, cEc  and cGc  are the elastic and shear storage moduli of the 
core, respectively, cE cc  and cG cc  are the elastic and shear loss moduli, respectively; and 1 i
[7,8]. In this paper, the more general case of dynamic time dependent loading is examined and 
the constitutive relations in the form of Eqs. (17,18) are used.  
Limiting the discussion of the viscoelastic effects to the core materials only, the
constitutive relations of the face sheets follow the lamination theory and read: 
 , ,( , ) ( , ) ( , )i i ixx xx oi x xx i xxN x t b A u x t B w x t  (21)
 , ,( , ) ( , ) ( , )i i ixx xx oi x xx i xxM x t b B u x t D w x t  (22)
where ixxA ,
i
xxB  and 
i
xxD  are the extensional, extensional-bending, and flexural rigidities of 
the face sheets in the x direction  
2.2  Viscoelastic Core Layer - Stress and Displacement Fields 
Eq. (16) reveals that the shear stresses are uniform through the height of the core and read: 
),(),(),,( txtxtzx ccxzc
c
xz WWW   (23)
The vertical normal stresses are determined by integration of Eq. (15) yielding: 
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),(),(),,( , txCztxtzx c
c
xc
c
zz VWV  (24)
where CVxt is a function of x and t only.
The vertical deformation is determined using the kinematic and the constitutive relations 
(Eqs. 5a,17) and integration through the height of the core:
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where Cw(x,t) is a second function of x and t only. Using the vertical velocity field of the core 
layer (Eq. 9), the vertical displacement field takes the following form:  
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The functions CVxtandCw(x,t) are determined using the compatibility conditions of the 
vertical deformations at the core-face sheet interfaces (Eqs. 7a,8a), and the distributions of the 
vertical deformation and the vertical normal stresses through the thickness of the core read:
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The distribution of the axial deformation is determined using the kinematic relation (Eq. 
5b) and the constitutive relations (Eq. 18). Integration through the height of the core yields: 
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where Cu(x,t) is determined through the compatibility condition of the longitudinal 
displacement at the upper interface (Eq. 7b). Explicitly, uc is determined by introducing the 
velocity fields (Eq. 9,10) and the vertical deformation field (Eq. 27) into Eq. (29):
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2.3 Dynamic Governing Equations   
The dynamic governing equations are derived using the equations of motion (Eqs. 11-16), 
the constitutive relations (Eqs. 17-22), the compatibility requirements of the longitudinal 
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deformations at the lower core-sheet interface (Eq. 8b), and the shear and vertical normal 
stress fields (Eqs. 23 and 28). These equations are stated in terms of the unknown 
displacements wt(x,t), wb(x,t), uot(x,t), uob(x,t) and the unknown shear stress Wc(x,t) and take the 
following form (for brevity, the notation of the independent variables is omitted):  
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The dynamic governing equations (Eqs. 31-35) form a set of PDEs of order fourteen in 
space, and eight in time. Correspondingly, seven time-dependent boundary conditions are 
prescribed at the edges of the beam, fourteen continuity conditions are set at each connection 
point, and two x dependent initial conditions at t=to are defined for each of the four unknown 
displacements.  For brevity, these conditions are not presented here. 
The time integration of the governing equations follows the Newmark's approach [17]. 
The time domain is divided into finite intervals and the acceleration and velocity fields are 
expressed as explicit functions of the unknown displacement field in the present time step and 
the known displacement, velocity, and acceleration fields in the preceding time step. Using 
this procedure, Eqs. (31-35) reduce to a set of ODEs in terms of wt(x)j, wb(x)j, uot(x)j, uob(x)j,
and Wc(x). These equations are solved analytically or numerically at each time step. In this 
paper, a multiple shooting numerical algorithm [18] is adopted. 
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3 NUMERICAL STUDY 
The influence of the viscoelastic characteristics of the core layer on the response of a 
sandwich panel simply supported at the lower face sheet only and subjected to two types of 
dynamic loading is numerically investigated. The geometry, mechanical properties, and the 
dynamic loads appear in Fig. 2. The viscoelastic coefficients of the core material are taken as 
1
aa W WK Z  and 1
aa V VK Z , where KW and KV are the core material loss factors in shear and 
normal stresses, respectively. Following Dwivedy et al. [19], the magnitudes of the loss 
factors for Divinycell H60 foam in room temperature areKW KV  Based on a preliminary 
free vibrations analysis, the first natural frequency equals about 67Hz.
The interfacial stresses that develop in the panel under a static load of equal magnitude 
appear in figure 3. These results reveal the shear and vertical normal stress concentrations 
near the edges. The time variation of the peak stresses, as well as the variation of the peak 
deflection at midspan under the step load and the harmonic loads is investigated next. 
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Figure 2: Geometry, material properties and loading: (a) Geometry and cross section; (b) Material properties; (c) 
Step load; (d) Harmonic loads.  
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3.1 Response to step load 
The dynamic response of the sandwich panel to the step load is studied in Fig. 4. The 
results are normalized with respect to the static results, thus, the figures describe the dynamic 
magnification factor (DMF) for the deflections and stresses. For reference, the response of the 
sandwich panel with an elastic core ( 011   
aa aa VW ) is plotted in dashed lines in Fig. 4. The 
results show that the sandwich panel with the elastic core vibrates around the static response 
with a DMF of approximately 2. In the sandwich panel with the visceoalstic core, the DMF is 
approximately 1.9 at the first vibration cycle and it diminishes to about 1.14 after 11 cycles of 
vibration. Using the logarithmic decrement technique, it appears that the damping ratio in 
terms of vertical deflection, as well as in terms of stresses, is about 3% of the critical 
damping. These observations imply that the viscoelastic nature of the core material effectively 
damps the magnitudes of the deflections and critical stresses in time.  
3.2 Response to harmonic load 
The normalized dynamic response of the sandwich panel to the harmonic load is studied in 
Fig. 5. The results show that the dynamic response of the sandwich panel with elastic core 
( 011   
aa aa VW ) is characterized by the forced frequency of the applied load (particular 
solution) and by the first natural frequency of the panel (homogenous solution) through the 
entire time domain. However, in the case of the panel with the viscoelastic core, the 
homogenous solution decays after two cycles and the forced vibrations govern the response. 
In physical terms, it is seen that the stresses that develop with viscoelastic core after 10 cycles 
of vibration are about 25% smaller than the ones observed in the elastic sandwich panel 
without any damping. These observations demonstrate the capabilities of the model to deal 
with different types of dynamic loading and to address the various aspects of the damped 
dynamic response of the sandwich structure.    
4 CONCLUSIONS 
A theoretical model for the dynamic analysis of sandwich panels with soft viscoelastic 
cores has been developed. The model is applicable to any combinations of boundary 
conditions and dynamic loading patterns, and it can be augmented to incorporate different 
viscoelastic constitutive laws. In that sense, it faces the challenge of implementing the 
damping dissipative effect in the analytical sandwich theory. The numerical study has 
demonstrated some of the capabilities of the model and revealed some aspects of the damped 
dynamic behavior of sandwich panels with viscoelastic cores.
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Summary. The aim of this study is to obtain an understanding of the effect of panel curvature 
on residual compressive strength in debond damaged sandwich panels. Finite element 
analysis and linear elastic fracture mechanics are employed to analyze the residual 
compressive strength of curved panels with a circular debond. The Crack Surface 
Displacement Extrapolation (CSDE) method is used to calculate fracture parameters in the 
interface. Compression tests were carried out on two types of debonded curved panels with 
different curvature using Digital Image Correlation (DIC) measurements to determine the 
full-field distribution of strain. The failure and buckling loads predicted from finite element 
analyses are in good agreement with experimental results. 
Key words: Sandwich structures, Curved panels, Debond damages, Fracture mechanics, 
Compressive strength. 
1 INTRODUCTION
Composite sandwich structures are well established structural applications. Such 
structures, however may fail due to a multitude of different failure modes. Debonding of the 
face and core layer is among the most critical damages a sandwich structure can experience. 
This type of damage can be highly critical for the structure as the basic sandwich principle is 
compromised resulting in a lack of structural integrity and reliability as the connection 
between the face and the core layer is lost.  
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In the recent years considerable efforts have been directed into investigations of the effect 
of face/core debonding on the residual strength of sandwich structures. Both analytical and 
numerical methods have been developed to predict the onset and propagation of debonds in 
sandwich structures [1,2]. Berggreen [3,4] recently investigated numerically and 
experimentally debond propagation in flat naval type sandwich panels with circular debonds 
of different sizes exposed to both uniform and non-uniform in-plane compression. Aviles [5] 
likewise carried out both numerical and experimental studies on sandwich panels loaded in 
compression. Nonetheless, all of these studies deal with flat sandwich panels and straight 
crack flanks and only few works have assessed debond damage in curved sandwich members.  
The present study examines the effect of curvature on the residual compressive strength of 
panels with circular debonds. Finite element analysis and Linear Elastic Fracture Mechanics 
(LEFM) are employed to predict failure loads. Results are validated against experimental tests 
and conclusions are drawn with respect to the validity of the developed numerical models. 
2   CURVED SANDWICH PANEL SPECIMENS 
Seven single curve and two flat sandwich panels were experimentally examined; see 
Figure 1 and Table 1. The panels were manufactured by LM Glasfiber A/S. The faces consist 
of three 850 g/m2 non-crimp quadro-axial mats (Devold AMT DBLT-850) with polyester 
resin placed at each side of a Divinycell H100 foam core. The thicknesses of the core and face 
sheets are 30 and 2 mm, respectively. A face/core debond on the convex side of the panels 
was defined by inserting two layers of circular Teflon film between the face and core layer at 
the center of panels. The diameter of the debond is 100 mm. The foam core was bent over a 
metallic mould after thermal softening. All panels were reinforced with ply-wood inserts at 
the top and bottom edges of the panel. The panels were then resin injection molded and cured 
with vacuum consolidation. Furthermore, top and bottom of the panels were machined 
straight and parallel following the specimen manufacturing. Properties for face and core 
materials are listed in Table 2 and 3.  Face material properties are assumed to be the same as 
in [6] and core material properties are based on [7]. 
Panel Type Radius of curvature (m) Type Specimens # 
1 0.5 m Debonded 3 
2 1.0 m Debonded 3 
3 1.0 m Intact 1 
4  (Flat) Intact 2 
Table 1: Different panel types for experiments 
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Figure 1: Geometry of a curved panel specimen with a central debond location 
Parameter Designation Value 
Young’s Modulus Ex, Ey 16.6 GPa
Young’s Modulus Ez 8.4 GPa 
Shear Modulus Gxy 5.8 GPa 
Shear Modulus Gxz= Gyz 2.7 GPa 
Poisson’s ratio Ȟxy 0.31 
Poisson’s ratio Ȟxz= Ȟyz 0.29 
Table 2: Material properties of face sheets, x and y are in-plane and z is out-of-plane. 
Parameter Designation Value 
Young’s Modulus Ec 105 MPa
Shear Modulus Gc 40 MPa
Poisson’s ratio Ȟc 0.35
Table 3: Material properties of core (H100) 
3   TEST RIG AND SETUP 
A new test rig was designed and manufactured at Risø DTU in a project supported by the 
Danish Energy Research Programme. The test rig consists of two main steel towers that 
support the vertical edges of the panel specimen. The towers can rotate around their own 
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vertical axis guided by grooves in the supporting base plates. The distance between the towers 
is adjustable. Hence, it is possible to test panels with varying size and curvature in the test rig. 
After adjusting the position of towers, they are fixed by bolts to the two steel base plates. A 
schematic of the test rig and a photo of the actual test set-up are shown in Figure 2.  
(a)                 (b) 
Figure 2: A schematic representation of the test rig (a) and test set-up (b)
To reinforce the loaded edges at the top and bottom of the panel, wooden inserts were inserted 
as mentioned above. The reinforced edges were subsequently in contact with steel plates 
bolted to the load cell of test machine (upper) and the base plate (bottom) respectively. The 
vertical edges the panels were supported by two adjustable steel columns with a width of 40 
mm which restrict the edges of the panels from moving horizontally. The two towers restrict 
movement in the tangential direction. The test rig was inserted into an Instron 8085 5 MN 
servo-hydraulic universal testing machine, see Figure 2(b). A 4 Mpix Digital Image 
Correlation (DIC) measurement system (ARAMIS 4M) was used to monitor 3D surface 
displacements and 2D surface strains during the experiments. The DIC-camera position and 
test rig can be seen in Figure 2. Ramp displacement control with a cross-head rate of 1 
mm/min was applied in all tests. A sample rate of one image per second was used in the DIC-
measurements. 
4   EXPERIMENTAL TEST RESULTS 
The final failure of panels without debonds was accompanied by audible cracking sounds 
before the load suddenly dropped. The final failure occurred by compression failure of one or 
both of the face sheets close to the wooden inserts. Failure of panels with implanted debonds 
occurred suddenly by propagation of the debond. Figure 3 shows a contour plot of the radial 
displacement of a debonded panel with radius of 1 m at the instance just before and after the 
debond has propagated. The debond propagated suddenly (less than a second) to the edge of 
the panel. In all debonded panels the same failure mechanism was observed. However, due to 
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the rapid propagation,, it was not possible for the DIC system to capture more than one image 
during propagation with the operating data acquisition frequency. For the debonded panels the 
dominant mode shape was an opening of the debond overlaid on a global out-plane 
deformation, see Figure 3(a), of the panel most likely introduced by the boundary conditions 
of the test rig. However, at the propagation point the mode shape was suddenly changed, and 
it can be seen that after debond propagation, the final mode shape of the debonded region is 
similar to the second buckling mode shape for the debond, see Figure 3(b). This behavior has 
been investigated by eigen-buckling analyses to determine if there is any other buckling load 
near to the first buckling load, but analyses show that the second buckling load is 
considerably higher than the first buckling load. Due to the expanding volume of the debond 
when opening and propagating, it is believed that an internal vacuum pressure is partly 
responsible for the sharp and localized opening of the debond, see Figure 3. A similar 
observation can be deduced from the tests carried out by Berggreen [3]. 
(a)              (b) 
Figure 3: Radial displacement of a debonded panel with 1m radius (a) just before propagation, (b) after 
propagation.  
5   FINITE ELEMENT MODELING 
To analyze propagation of the debond, fracture mechanics analysis was conducted using 
the finite element method. The calculation of fracture parameters in this paper is based on 
relative nodal pair displacements along the crack flanks which are obtained from finite 
element analysis. The Crack Surface Displacement Extrapolation (CSDE) method presented 
by Berggreen [4] is employed for energy release rate and mode-mixity calculations for a 
bimaterial interface. By application of the definition of mode-mixity suggested by Hutchinson 
and Suo [8], the mode-mixity can be defined as: 
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where K=K1+iK2 is the complex stress intensity factor, İ is the oscillatory index (see [4]) and 
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h is the characteristic length of the crack problem. In sandwich debonding problems the 
characteristic length is often chosen as the face thickness, which will approximately place the 
minimum at the fracture toughness distribution vs. mode-mixity at ȥK = 0. However, in order 
to compare calculated energy release rates with measured fracture toughness, the same 
characteristic length should be used in both mode-mixity definitions. Explicit formulations for 
the mode-mixity and the energy release rate as functions of the relative crack flank 
displacements can be derived as: 
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where įx and įy are the relative crack shearing and opening displacements of the crack flanks 
at the position x. H11 and H22 are bimaterial constants, see [4].  
Thus, using a finite element solution to calculate the relative nodal displacements of the 
crack flanks these two fracture parameters can be determined. To extract correct energy 
release rates and mode-mixities, the CSDE-method [4] was employed. 
A 3D finite element model was developed in the commercial finite element code, ANSYS 
version 10, using isoparametric parabolic and linear elements (SOLID95 and SOLID45). 
Load controlled geometrical nonlinear analyses were performed and initial imperfections 
introduced by small debond opening displacements in the first load step achieved from scaled 
eigen-buckling shapes. Because of geometrical and loading symmetry only a 1/4 model was 
analyzed. Furthermore, overlapping of crack flanks was avoided by use of contact elements 
(CONTACT173 and TARGET170). The vacuum effect which was mentioned earlier was 
simulated by the use of a number of spring elements (SPRING14) with variable stiffness 
between the core and face. Different stiffnesses of the spring elements were chosen in order to 
investigate the effect of the vacuum on the behavior of the panels. To simulate the boundary 
conditions similar to the experimental setup, nodes on the top and bottom of the panels were 
fully clamped except in the vertical direction. At the vertical edges nodes were restricted from 
moving in radial and tangential directions. However, as it can be seen in Figure 3, a small out-
of-plane displacement of the top edge was observed which will violate the ideal boundary 
conditions. Due to the need of a high mesh density at the crack front when performing the 
fracture mechanics analysis, a submodeling technique was employed. Interpolated degrees of 
freedom results at the cut boundaries in the global model were used as boundary conditions in 
the submodel at the different load steps, allowing a higher mesh density to be employed and 
thus improving the accuracy of the fracture mechanics analysis. The finite element model and 
submodel are shown in Figure 4. 
In order to predict the debond propagation load, the fracture toughness vs. mode-mixity 
distribution is assumed on the basis of fracture toughness values similar to what was assumed 
in Berggreen [9]. In order to extract energy release rates and mode-mixities using the CSDE 
method, a macro was developed, able to extract these values at crack front positions along the 
1126
Ramin Moslemian, Christian Berggreen, Kim Branner and Leif A. Carlsson 
circular debond. The energy release rate and mode-mixity were calculated at six different 
positions along the crack front at a 15 degree interval. 
(a)                (b) 
Figure 4: Finite element models (a) 1/4 panel showing the mesh densities applied in the global model. Min. 
element size is 0.2 mm and (b) sub-model showing the mesh density applied. Min. element size is 0.02 mm
6    COMPARISON OF EXPERIMENTAL AND NUMERICAL RESULTS 
The calculated deformed shape of a debonded panel with 0.5 mm radius is shown in 
Figure 5. From the deformed shape it can be seen that the maximum opening of the crack 
flanks appears where the crack flanks have maximum curvature which is also the plane at 
which the load is perpendicular to the same plane. Furthermore, the opening of the crack 
flanks is decreasing as the curvature of the crack flanks decrease in curvature and the position 
at the debond front moves to the position at which to the plane is parallel to the loading 
direction and where the crack flanks are completely straight. Numerically predicted and 
experimentally determined failure loads for debonded curved panels with 0.5 and 1 m radius 
of curvature and KS = 10 MPa spring element stiffness are listed in Table 4. From the results 
in Table 4 it can be concluded that the numerical analysis underestimates the failure load of 
the panels by about 5-27%, while the stiffness of the panels is accurately predicted as can be 
seen in Figure 6 (the finite element results in this figure are from 1/4 model of the panel 
without fracture analysis). The accuracy of the failure load prediction is considerably better 
for the shallow panels (5%) than the panels with higher curvature (27%). This tendency can 
be addressed to the straight crack flank assumption in the fracture analysis which for the 
highly curved panels is questionable. 
Normalized energy release rates at the investigated crack front positions at the onset of 
propagation are shown in Figure 7 in the form of polar diagrams. At propagation the energy 
release rate along the crack front is binocular-shaped, with a maximum at $0 and $180 and 
minimum at $90  and $270 , see Figure 4. These diagrams are confirmed by the experimental 
observations where the crack propagation initiates close to the $0  and $180 positions forming 
1127
Ramin Moslemian, Christian Berggreen, Kim Branner and Leif A. Carlsson 
a propagation band across the panel to the panel edges. The minimum value positions at $90
and $270  confirm the experimental observations of unloaded debond regions at the top and 
bottom crack front positions.  
Figure 5: The deformed shape of ¼ panel 
        (a)                                                                     (b) 
Figure 6: Load-displacement plots from experiments and FEA. (a) curved panel with radius 0.5 m, (b) curved 
panel with radius 1 m. 
Panel type Experimental value (kN) Predicted value (kN) 
1: R = 0.5 m 245±10 178 
2: R = 1.0 m 230±5 218 
4: R =   272 ---- 
4 238±7 ---- 
Table 4: Predicted and experimental failure loads. The predicted failure loads are given for the spring 
stiffness KS = 10 MPa. 
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Figure 7: Normalized energy release rate (G/Gc) along the crack front for the panel with 0.5 m (left) and 1 m 
(right) radius 
In order to investigate the buckling1/instability behavior of the debonded panels, 
buckling/instability loads were extracted from the tests, eigen-value analysis and nonlinear 
analysis. Figure 8 shows load vs. radial out-of-plane deflection graphs for panels with 
debonds from experiments and numerical analysis using different spring element stiffnesses. 
Initially, the out-of-plane deflection and opening of the debond increases linearly with 
increasing load indicating a slow opening. However, as the load approaches the critical 
propagation load for the debond, the debond opening increases nonlinearly. Thus, a clear 
bifurcation buckling behavior of the debond is not observed either in non-linear analysis or 
experimental tests. It can be seen that the stiffness of the spring elements used to simulate the 
vacuum effect between core and debonded face sheet, highly affects the out-of-plane 
deflection of the debonded face sheet in the post-buckling. In order to extract instability loads 
from the numerical analysis, a spring stiffness of 10 MPa was applied, as good agreement 
with the experimental radial opening vs. load results was achieved. 
  (a)               (b) 
Figure 8: Load vs. Central radial out-of-plane debond defection for varying spring element stiffness for (a) 0.5 
mm radius of curvature and (b) 1 m radius of curvature 
1 The term “buckling” is only used in relation to bifurcation behavior and is only relevant for the eigen-value 
analysis. 
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The graphical method developed by Southwell [10] is applied in order to determine the 
instability loads. Generally, the Southwell method is a method which predicts the global 
instability load of initially imperfect structural members. The method was originally 
developed for columns, but experiments indicate that the method may be extended to plates 
[11]. Southwell plots for the curved debonded panel with 0.5 and 1 m radius of curvature are 
shown in Figure 9 from the experiments. 
(a)               (b) 
Figure 9: Southwell plots for debonded panels (Panel 1) for R=500 (a) and R=1000 (b) from experiments. The 
instability load can be found as the inverse of the slope of the linear tendency curve (stippled). 
 Table 5 summarizes the critical instability loads extracted from finite element analyses 
(with 10 MPa spring elements stiffness) and Southwell plots (figure 9). The eigen-value 
analysis results generally predicts buckling loads higher than the values obtained from 
experiments, while the results from nonlinear analyses are in good agreement with 
experimental data. This can most likely be addressed to the presence of initial specimen 
imperfections which effects are not included in the eigen-value analysis which assumes an 
ideal elastic structure. 
Radius (m) Experiments (kN) Nonlinear analysis (kN) Eigen-value (kN)
0.5 81.67±7 76.5 106.8 
1 50.81±5 46.7 81.3 
Table 5: Theoretical and experimental instability/buckling loads 
7    CONCLUSION 
 The aim of this study was to investigate the applicability of present fracture mechanics 
models which were originally developed for perfectly flat structures and crack flanks in 
curved geometries. Using LEFM combined with the Crack Surface Displacement 
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Extrapolation (CSDE) method and finite element analysis, the residual strength of a limited 
range of curved sandwich panels with debond damages was predicted. Two types of curved 
debonded panels with different radius of curvatures were tested to validate finite element 
results. The debonds had a circular shape at the center location of the panels. In order to 
simulate the debond vacuum effect observed during the experiments, spring elements with 
low stiffness were used. The results show that the spring stiffness of these elements highly 
affects the post-buckling behavior of the panels indicating a similar conclusion for the debond 
vacuum effect. The presented finite element model was able to predict the failure load with 
about 5-27% error; however the accuracy is considerably better for the shallow panels (5%) 
than the panels with higher curvature (27%), indicating that the straight crack flank 
assumption is increasingly violated for increasing panel curvature. Energy release rates and 
mode-mixities were calculated at six positions along the debond crack front at a 15 degree 
interval in order to investigate the effect of the debond crack front position. Results indicate 
that at propagation the energy release rate distribution along the debond crack front is 
binocular-shaped, with maximum at 0˚and 180˚and minimum value at 90˚ and270˚, similar to 
earlier reported results for flat panels. The results were also confirmed by experimental 
observations where the crack propagation initiated around 0˚ and 180˚positions forming a 
propagation band across the panel to the panel edges supported by the test rig. Using linear 
eigen-value and geometrically nonlinear analysis, the buckling/instability behavior of the 
panels was investigated. The Southwell method was employed to extract instability loads. 
Results from linear eigen-value analysis were higher than the actual values obtained from 
experiments, while the results of the nonlinear analyses were in good agreement with 
experimental data, indicating an effect from initial imperfections on the buckling behavior of 
the tested panels. 
 The initial findings presented in this paper illustrate that in order to analyze debonded 
panels with an arbitrary curvature, the present LEFM theory for debonds have to be expanded 
to account for curvature of the crack flanks. Furthermore, for cases with cyclic loading where 
gradual fatigue debond propagation can be expected, propagation modeling of the debond 
front is required..  
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Summary. The paper presents the results of a preliminary experimental and numerical study 
of the local strain and stress concentrations in the vicinity of transition zones from sandwich 
to monolithic laminate configurations. The numerical modelling was conducted using finite 
element analysis, and the numerical results have substantiated the presence of the local 
effects that were measured experimentally. Some simple considerations regarding design 
optimization of transition zones between sandwich and monolithic composite laminates are 
also presented.  
1 INTRODUCTION 
Sandwich structures are excellent structural elements with respect to their global load-
bearing capacity, but their practical functionality necessarily includes the possibility of 
joining them as well as to introduce rigging/furnishing for various external appliances. This 
involves the use of different internal sub-structures, which cover a whole range of internal 
arrangements in sandwich structures/panels, such as core joints, edge and corner stiffeners, 
through-the-thickness inserts, etc. Despite the many possible types of sandwich sub-structures 
which differ from each other with respect to their practical use, design, materials and 
manufacturing techniques, the essence of the local phenomena developing in and around the 
sub-structure is similar in all cases. This involves stress concentrations due to the presence of 
material and geometric discontinuities. A core junction can be considered as a generic 
example or model for all such internal sub-structures, and it was analysed both experimentally 
and numerically [1-2]. The transition of a sandwich panel/plate to a monolithic laminate is 
another common design design modification, which consists of a gradual reduction of the 
sandwich core thickness to zero, where the sandwich face sheets meet each other to form a 
monolithic laminate. The vacuum infusion manufacturing process allows complex tailoring of 
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composite sandwich panels, and the use of transitions from sandwich to monolithic laminates 
as a part of the design is widely exploited in aerospace, transportation, boat/ship, wind turbine 
blade and various other applications [3-6]. In the vicinity of a sandwich to monolithic 
composite transition zone, local effects will be induced. As such local effects are associated 
with severe stress concentrations, they may jeopardize the global performance of the whole 
structure. As there appear to be no studies concerning these effects, the present investigation 
presents the preliminary results of an experimental investigation and finite element modelling 
of the stress and strain distributions in sandwich beams (panels) with transitions from 
sandwich to monolithic laminate configurations.  
2 TEST SPECIMENS AND EXPERIMENTAL SET-UP 
Sandwich beams with two transition zones from sandwich to monolithic configurations 
were prepared using the vacuum infusion technique. For simplicity a 3-point loading scheme 
was chosen, and the load application is illustrated by arrows in Fig.1. The beams marked as 
Configuration 1 and 2 are the same sandwich beam configurations, and the numbers refer to 
the loading situation of the beams with respect to the geometry of the monolithic part and the 
loading direction. For example, sandwich beam configuration 1 is shown in Fig. 3. The 
geometry of the test specimens is also shown in Fig.1. The face sheets were made from and 
the glass reinforced epoxy, and two different PVC foams were used as core materials, H60 
and H200 from DIAB. The specimens were manufactured using vacuum infusion. The 
material properties are quoted in Table 1.  
Figure 1: Geometry, boundary conditions and loading scheme of the sandwich test specimens. 
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The two transition zones are placed close to the beam centre. As sandwich structures are 
inherently sensitive to failure due to transverse stresses, the specific design was chosen such 
that it provided two distinct transition zones and prohibited core collapse in the most loaded 
central part of the specimen. The design of the test specimens has no particular practical 
relevance and was chosen solely due to experimental reasons, since this design facilitates the 
controlled loading and measurements of the local effects.  
A zoom on the transition zone of the test specimens is shown in Fig. 2(a). Here the outer 
face surfaces and face-core interfaces are also labeled (“curved, ext., curved, int.” etc), to 
keep track of the experimental and numerical data in the following analyses. The photo of Fig. 
2(b) illustrates the modified transition zone, where an additional core patch of a denser PVC 
foam H200 was used in order to obtain a more smooth redistribution of the local stresses with 
the purpose of reduction of the local effects. Fig. 3 presents the set-up used for the 
experimental investigation.  
The sandwich beam specimens were subjected to static loading, and the loading response 
was kept within the linear range. The main purpose of the experiment was to measure the 
strain distributions along the outer surfaces of the beam faces with special attention on the 
transition zones. 
Figure 2: Zoom on the transitions from sandwich to monolithic laminate: (a) – experimentally tested and 
modelled configuration with interfaces and outer surfaces of the sandwich faces indicated; 
(b) – “optimized” design  configuration with high-density core insert
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Therefore the latter were furnished with a chain of five 1 mm strain gauges (situated at a 
distance 45 mm from the beam centre – cf. Fig. 3). This allowed the monitoring of the strains 
at the locations where local stress concentrations were expected. One of the strain gauges was 
placed on the surface of the monolithic laminate close to the centre of the sandwich beams at 
the distance of 25 mm, and another was placed on the sandwich face laminate at the distance 
of 150 mm in order to assess the overall strains in the sandwich beam (cf. Fig. 2). These 
separate strain gauges together with 2 dial gauges for measuring the central beam deflection 
and the beam deflection 150 mm from the centre made it possible to control the specimens 
were loaded within the linear load-response domain.  
Figure 3: Experimental set-up for 3-point bending of sandwich-monolith sandwich beams with a zoom on the 
strain-gauge positions in the transition zone. 
3 FINITE ELEMENT MODELLING 
Finite Element Analysis was used for the numerical modelling of the specimens with 
sandwich to monolith laminate transitions subjected to 3-point bending. Due to the symmetry 
of the chosen specimen, only half of the sandwich beam was modelled. For this purpose the 
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commercially available finite element code ABAQUS Standard 6.6 was used. The face sheets 
and the main core (H grade PVC foam H60) were modelled with four node quadrilateral plane 
stress element (CPS4R), while the high density triangular core patch (H grade PVC foam 
H200) was modelled with three node triangular plane stress element (CPS3). A reasonably 
fine mesh was used to ensure convergence of the finite element solution. For this purpose the 
face sheets were  modelled using five layers of elements in the thickness direction, while fifty 
one elements were used along the thickness of the core. The number of elements along the 
longitudinal direction was appropriately taken to have element aspect ratio of the order of one. 
Clamped boundary conditions were imposed by restraining all the degrees of freedom of the 
nodes at left end of the model representing the loaded central section of the specimen. Half of 
the applied load i.e., the vertical reaction at of the supports was applied at the node 
corresponding to the support near the right end.  
Function/Material Elastic modulus, MPa Poisson´s ratio Tensile/compressive 
strength, MPa 
Face/GFRP 26000 0.3  
Main Core/PVC-foam H60 70 0.35 0.9/1.8 
Core Patch/PVC-foam H200 310 0.35 4.8/7.1 
Table 1: Mechanical properties of the sandwich constituents  
4 LOCAL EFFECTS AND CONSIDERATIONS ON DESIGN OPTIMIZATION 
The first stage of the experimental study included measurements of the beam centre 
deflections vs. applied loading. These tests were conducted in order to validate the linearity of 
the load-response characteristics. A dial gauge (Fig. 3) was placed under the centre of the 
beam specimens to measure the central displacement of the beam vs. applied load (Fig. 3). 
The results of measurements and the load-response predicted using FEA are shown in Fig. 4.  
From Fig. 4 it is seen that the load-deflection curves are linear in the entire range of 
applied loads, although the measured displacements were found to be slightly smaller than the 
predicted results. This might be explained by the uncertainty of determination of the modulus 
of elasticity of the GFRP faces. The modulus of elasticity of GFPR face given in Table 1 was 
found experimentally in a tensile test conducted on a GFPR laminate manufactured separately 
for this particular purpose using vaccum infusion. Given the rather substantial variation of the 
mechanical properties that may occur due to the manufacturing process, the observede 
divergence of the numerical and experimental data in the range of 7% in Fig. 4 is considered 
to be acceptable.  
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Fig. 5 presents the strain distributions along the outer surfaces of the beam faces in the 
monolithic and sandwich laminate parts. Both experimental and the numerically generated 
data are included in the figure, and a fairly close match is observed. A significant increase of 
the strains (and therefore also of the corresponding stress) in the vicinity of the transition 
zones should be noticed. For example, at the outer surface of the curved face the nominal 
tensile strain raise from 1650 ȝs to 2500 ȝs at distance of 50 mm from the beam centre. 
Moreover, the same face experiences compression at the distance of 70 mm from the beam 
centre, where the classical sandwich laminate starts. An even more drastic strain gradient is 
observed for the neutral line of the monolithic laminate which continues into the internal 
surface of the sandwich beam (cf. Fig. 2). Here zero normal strain shoots up to more than 
2000 ȝs over a very short distance. Overall, the match between the numerical predictions and 
the experimental data is very good.  
While the numerically predicted strains in Fig. 5 were calculated to provide a direct 
comparison with the measurements, the strains presented in Fig. 6 are given in the coordinate 
system XY of the FEA-model related to the sandwich beam (the X-axis is along the beam 
neutral line, and the Y-axis is the in the thickness direction). The numerical analysis presented 
in Fig. 6 further reveals the physics of the local effects, namely that severe shear strains 
(stresses) are present, and that these shear strains trigger the local effects at the transition 
zones. At a short distance of approximately 5 mm from the beam centre, the shear strain 
increases from zero up to about 3000 ȝs. Sandwich structures are especially well suited for 
the transfer of shear stresses/strains through the thick core material, and the transition to a 
Figure 4: Load response of sandwich specimen shown in Fig. 3 (Loading condition 1, Fig. 1). 
Measurements were conducted using dial gauges located in the beam centre and  
at distance of 150 mm from the centre. FEA predictions correspond to the same locations. 
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monolithic laminate, which forces the faces to carry the shear loading, therefore disrupts the 
shear stress distribution and causes high local strain (stress) concentrations (re-distribution of 
the shear stresses across the geometrical discontinuities).  
Obviously stress concentrations arise not only in the faces of the sandwich beam as it was 
shown in the experiment, but also in the adjacent core. Fig. 7 gives the predicted strain 
distributions in the faces of the beam similar to these given in Fig.5, but in a more detailed 
representation. The strains are depicted by dashed lines and specify a significant overshooting 
of the nominal strains at the transitions. It was not possible at the time to measure the core 
strains, and therefore Fig. 8(a) gives the numerically predicted principal stresses in the core 
close to the transition zone for the 2 different configurations shown in Fig, 2. It should be 
noticed that the maximum stress level is close to the tensile strength of the foam core (DIAB 
PVC H60).  
In order to suppress or reduce the stress concentrations induced by local effects various 
means can be used. One such measure is to introduce local reinforcements of the faces at the 
transition from monolithic to sandwich laminate. Another suggestion is illustrated in Fig. 
2(b). Here a patch of denser foam, in this case Divinycell H200, is inserted in order to 
reinforce the core at the transition zone. This configuration is referred to as the “optimized” 
design. The influence on the strain distribution of the insertion of high density patch or insert 
as shown in Fig. 2(b) is illustrated in Figs. 7 and 8. It is observed that not only the level of the 
overall strains in the faces is diminished (Fig. 7), but also the overshooting of the nominal 
strains is much smaller. It is seen from Fig. 8 that the stresses in the patch/insert for the 
“optimized” design are of a higher level than for the conventional design. However, the 
strength of the high density core (H200) is significantly higher than that of the H60 core, 
which effectively means that the strength margin of the “optimized” design is higher. Thus, 
the introduction of the patch core has reduced the dangerous stress concentrations in the 
sandwich beam core in the transition zone between the sandwich and the monolithic laminate.  
5 CONCLUSIONS 
The results of a preliminary combined study experimental and numerical study of the local 
strain and stress concentrations in the vicinity of transition zones from sandwich to monolithic 
laminate configurations have been presented.  
The experimental investigations were conducted on test specimens loaded in 3-point 
bending, with a central monolithic glass epoxy laminate at the beam centre which transforms 
into PVC foam-cored sandwich laminates (glass epoxy faces) toward the edge supports. The 
sandwich to monolithic laminate transitions were instrumented with strain-gauge chains, and 
the beam specimens were instrumented with dial gauges.  
The experimental measurements have shown that very high local stress concentrations are 
induced in the faces and the face-core interfaces in the vicinity of the transition zone. In 
addition to the experimental measurements, elaborate FEA analyses were conducted using the 
software package ABAQUS Standard 6.6. The FEA results confirmed the experimental 
findings, and a good match was found between the experimental findings (strains and 
displacements) and the FEA results. 
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Figure 6: Strains calculated using FEA at the interfaces and external surfaces of the curved 
face of the sandwich beam (cf. Fig. 2). Loading configuration 2 according to Fig. 1.  
Figure 5: Experimentally measured and numerically calculated strains along the sandwich faces. The 
coordinate is measured from the centre of the beam (Fig. 1) and the face surfaces are specified in Fig. 2. 
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(a)
(b)
Figure 7: Strains calculated along the interfaces and external surfaces of the beam face for the 
original (a) and “optimized” (b) design (cf. Fig. 2). Load configuration 1 according to Fig. 1. 
Figure 8: Maximum principal stresses calculated in the sandwich beam core for 
the original (a) and “optimized” (b) design (cf. Fig. 2). Load is 150 N. 
1141
Elena Bozhevolnaya, Abdul H. Sheikh and Ole T. Thomsen. 
In addition to the investigation of the standard monolithic laminate composite to sandwich 
panel transition, a modified design or “optimized” design was investigated experimentally as 
well as numerically. In this “optimized” design a patch or insert of high density PVC foam 
core material (H200 vs. H60 in the conventional design) was inserted in the transition zone. 
Both the experimental and the numerical results showed that the stress concentrations in the 
“optimized” design are relieved considerably in the faces and the core-face interfaces.. 
Moreover, the strength margin in the higher density core was improved considerably even 
though the actual core stresses were in fact increased (the higher density core has higher 
strength). Thus, the introduction of a patch core/insert of higher density has reduced the 
dangerous stress concentrations in the sandwich beam core in the transition zone between the 
sandwich and the monolithic laminate. 
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Summary. The sandwich panels with viscoelastic cores, which represent the physical appli-
cation of the viscoelastic integrated damping treatment concept, associate different materials,
each one having a speciﬁc structural contribution, where the outside faces, usually made from
a stiff material, guarantee the stiffness of the composite structure whereas the viscoelastic and
soft core provides the damping capability.
The application of soft cores, specially the thick ones, into sandwich plates produces an
important decoupling effect, leading to a signiﬁcant ﬂexural stiffness reduction of the sandwich
plate, as experimental and numerical results evidence. From this observation and pursuing a
solution to minimize such effect, the partitioning of the core layer into multiple layers separated
by thin constraining layers is hereby considered. Taking advantage of the application of the
multiple viscoelastic layers in the sandwich core, it is also analyzed the potential use of different
viscoelastic materials in order to spread out the efﬁcient temperature range of the damping
treatment.
To verify and evaluate the effects of the multi-layer and multi-material viscoelastic cores
in sandwich panels, an experimental and a numerical study was conducted on representative
specimens of these design concepts. The results achieved from this study demonstrate the ap-
plicability of the two multiple layer conﬁgurations, evidencing the effect of the partitioning
procedure onto the reduction of the ﬂexural stiffness decay and the efﬁcient temperature range
enlargement when adopting viscoelastic materials with different transition temperatures.
1 INTRODUCTION
The application of thin viscoelastic layers in the core of sandwich plates provides an effective
passive damping mechanism broadly applied on light structures such as aeronautic fuselage
panels and satellite panels. In fact, the viscoelastic core is cyclically shear deformed due to the
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relative motion of the external skins of the sandwich, leading to an important thermal dissipative
effect and, thus, to a considerable reduction of the vibration energy of the structure.
Usually, very thin viscoelastic layers (0.02-0.10mm) are efﬁciently applied due to the high
shear deformation that is imposed by the adjacent stiff layers. The application of thick vis-
coelastic layers, which increase the viscoelastic deformation energy, strongly reduces the over-
all ﬂexural stiffness of the sandwich panel due to the reduced skin stiffness coupling provided
by the soft and thick viscoelastic core. Moreover, the relative shear deformation developed
within thin viscoelastic layers is signiﬁcantly higher than the one developed within thick layers.
To solve these restrictions it is proposed to apply several thin viscoelastic layers separated by
interlaminar constraining layers. With this conﬁguration, it is possible to increase the amount
of viscoelastic material maintaining the ﬂexural stiffness of the sandwich plate. Moreover, by
using a multi-layer scheme, it is possible to apply viscoelastic materials with different transition
temperatures, which can be useful to enlarge the efﬁcient temperature range of the damping
treatment.
The aim of this work is to test and simulate several multi-layer and multi-material specimens
in order to verify and validate the feasibility of the proposed treatment conﬁgurations.
2 MULTI-LAYER AND MULTI-MATERIAL CORE DAMPING TREATMENTS
The application of multiple viscoelastic layers in free or constrained surface treatments was
proposed by Jones [1, 2] as a procedure to increase the treatment efﬁciency. This multi-layer
conﬁguration was also reported as a solution to enlarge the narrow efﬁcient range of the vis-
coelastic treatments by employing layers of materials with different transition temperatures.
The application of this technique to the integrated layer conﬁguration in sandwich structures,
pursuing the same beneﬁts, isn’t, however, straightforward. In fact, the number of layers, the
relative dimensions of the layers, the material properties and the layering sequence of multi-
material conﬁgurations are important design parameters and play an important role in the struc-
ture behavior. The inﬂuence of these variables is considerably of extreme importance when
compared to the multi-layer surface treatments, where the damping layer do not greatly mod-
ify the ﬂexural stiffness of the structure. On the contrary, the core of the integrated treatment
is simultaneously responsible for the dissipative effect and the stiffness coupling between the
outside layers, which deﬁnes the global ﬂexural stiffness of the structure.
3 EXPERIMENTAL STUDY
The ﬁrst step of this study was the experimental veriﬁcation of the feasibility of the multi-
layer concept. In this ﬁrst part of the study, an experimental work on a set of representative
specimens was developed to evaluate the variation of the fundamental natural frequency and
corresponding modal loss factor when adopting a multi-layer conﬁguration.
The experimental results obtained were also used to validate the model adopted in the nu-
merical analysis of this study.
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3.1 Experimental specimens
To develop the experimental study, plate specimens with integrated viscoelastic treatments
were produced. Two viscoelastic materials were used to produce the viscoelastic layers applied
in the core of the sandwich plates. The ﬁrst material, 3M ISD112 [3], is designed for room
temperature applications presenting an efﬁciency peak between 20 and 30◦C. The other vis-
coelastic material, 3M ISD110, is designed for higher temperature applications, ranging from
40 to 100◦C.
The specimens were produced with aluminum plates with 1mm thickness, 200mm length
and 100mm width. A thin aluminum sheet provided the inner constraining layers for the multi-
layer and multi-material specimens. Table 1 presents the properties of the materials applied in
the study.
Material Young’s modulus [Pa] Poisson’s ratio Density [Kg/m3]
AA 1050A H24 70E9 0.32 2708
AA 8050 H24 70E9 0.32 2708
3M ISD112 see [3] 0.49 1140
3M ISD110 see [3] 0.49 1140
Table 1: Material properties
3.1.1 Single-layer specimens
The single-layer specimens, designated by S1 and S2 (Figure 1), were produced by apply-
ing a single core layer of 3M ISD112 and 3M ISD110, respectively, with 0.127mm thickness.
These specimens provided the reference to evaluate the multi-layer and multi-material bene-
ﬁts/drawbacks.
3.1.2 Multi-layer specimens
Two multi-layer specimens, designated by M1 e M2 (Figure 1), were also produced applying,
respectively, 2 and 3 thin layers (0.0508mm) of 3M ISD112 intercalated with thin (0.05mm)
aluminum sheets that provided the constraining effect.
3.1.3 Multi-material specimens
The specimens M3 and M4 (Figure 1) represent the multi-material conﬁgurations. These
specimens are dimensionally identical to the multi-layer ones where some 3M ISD112 layers
were replaced by identical 3M ISD110 layers, as depicted in Figure 1.
The Figure 2 illustrates the experimental specimens produced and tested in this study.
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S1
Aluminum
3M ISD112
Aluminum
M1
Aluminum
3M ISD112
Aluminum
3M ISD112
Aluminum
M2
Aluminum
3M ISD112
Aluminum
3M ISD112
Aluminum
3M ISD112
Aluminum
S2
Aluminum
3M ISD110
Aluminum
M3
Aluminum
3M ISD112
Aluminum
3M ISD110
Aluminum
M4
Aluminum
3M ISD110
Aluminum
3M ISD112
Aluminum
3M ISD110
Aluminum
Figure 1: Specimens conﬁguration
Figure 2: Specimens analyzed
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3.2 Experimental setup
As stated above, the experimental study developed in this work had two purposes: to pro-
vide a comparison analysis between the damping efﬁciency and the ﬂexural stiffness achieved
for each treatment and to validate the model adopted for the numerical analysis presented in
the following section. For both purposes, the aim of the experimental study was the determi-
nation of a representative set of frequency response functions providing the input data for a
modal parameter identiﬁcation process and, on the other hand, a reliable basis for the numerical
layerwise model [5, 6] validation for a direct frequency analysis using the complex modulus
approach [4].
To obtain free boundary conditions, the experimental specimens were suspended by a thin
nylon wire from a rigid frame. A mesh with 15 measuring points, as depicted in Figure 3, was
deﬁned for all the tested specimens.
12
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910
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1415
ﬀ 100mm


200mm
Figure 3: Measuring mesh and specimen boundary conditions
An electrodynamic shaker (Ling Dynamic Systems - model 201), suspended from an inde-
pendent rigid frame, was utilized to generate a random ([0-800]Hz) excitation in point 5 of
each specimen. A thin and ﬂexible stinger was used to link the shaker to the miniature force
transducer (Bru¨el & Kjær - model 8203) attached to the plate surface, which provided the mea-
surement of the applied dynamic force. The specimens responses were evaluated by using a
laser vibrometer (Polytec - model OFV303) to measure the velocity of each point of the mea-
suring mesh. The temperature of the measurement was evaluated by a thermocouple located
near the specimens.
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3.3 Experimental validation of the numerical model
For each specimen, ﬁfteen frequency response functions (mobility functions) were deter-
mined. These experimental frequency response functions were compared to the numerical ones
generated by using the ﬁnite element model adopted in this study [5], which allowed the val-
idation of the ﬁnite element model as well as the complex modulus approach to characterize
the viscoelastic material. This model assessment was performed by simple visual comparison
of the experimental and ﬁnite element predicted frequency response functions, as presented in
Figures 4-9.
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Figure 4: Driving point mobility function for specimen S1 (27.11oC)
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Figure 5: Driving point mobility function for specimen S2 (27.11oC)
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Figure 6: Driving point mobility function for specimen M1 (27.11oC)
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Figure 7: Driving point mobility function for specimen M2 (27.11oC)
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Figure 8: Driving point mobility function for specimen M3 (27.11oC)
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Figure 9: Driving point mobility function for specimen M4 (27.11oC)
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3.4 Experimental results - modal identiﬁcation
Using a circle ﬁt modal parameter identiﬁcation procedure, the fundamental natural fre-
quency and the corresponding modal loss factor were identiﬁed for the six test specimens. The
identiﬁed values are presented in Table 2.
Specimen Natural frequency [Hz] Modal loss factor
S1 238.58 0.270
S2 281.42 0.032
M1 245.32 0.244
M2 250.54 0.299
M3 261.57 0.163
M4 267.21 0.193
Table 2: Fundamental natural frequencies and modal loss factors
While the modal loss factor provides an indicator for the damping efﬁciency achieved by
each conﬁguration, the fundamental natural frequency is useful to evaluate the ﬂexural stiffness
variation for each treatment conﬁguration.
Since the inner constraining layer is made of aluminum, the additional mass of the multi-
layer treatment is higher than the mass added by the single layer treatment. This observation,
along with the higher values for the fundamental natural frequency achieved with the multi-
layer and multi-material specimens, supports the assumed beneﬁt of the integrated treatments
with multiple layers in the core: the attenuation of the decoupling effect promoted by the soft
core.
From the modal loss factor values it was also possible to establish an efﬁciency relation-
ship between multi-layer and single-layer treatment conﬁgurations. Despite the higher damp-
ing achieved with the specimen M2, having into consideration the viscoelastic material mass
effectively introduced in the dissipative core, specimen M1 presents the highest damping con-
ﬁguration.
The multi-material specimens present higher natural frequencies and lower modal loss fac-
tors because the 3M ISD110 material has a higher storage modulus and a low loss factor at the
testing temperature conditions (27.1◦C).
4 NUMERICAL ANALYSIS
Using a layerwise ﬁnite element model proposed by the authors [5], a numerical analysis
was performed on the proposed treatment conﬁgurations in order to verify their behavior along
with the temperature. This study intends to verify the assumed beneﬁts of the multi-material
conﬁguration, which is here proposed as a solution to enlarge the efﬁcient range over the tem-
perature.
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4.1 Analysis method
Since the aim of this analysis is merely to compare the different multi-layer and multi-
material conﬁgurations over a large range of temperature, it was used an approximate analysis
procedure to determine directly the modal parameters of the specimens.
The Modal Strain Energy (MSE) method [8] was the selected analysis method due to its
computational efﬁciency, providing with relatively low cost the modal model that can be used to
compare the treatment conﬁgurations through its natural frequencies and corresponding modal
loss factors. The MSE method assumes that the modal shapes of the undamped structure are
representative of the structure with treatment. Therefore, the approximate loss factor of the
damped structure can be easily determined through the ratio between the dissipated energy and
the storage energy using the undamped mode shapes.
In this numerical study, a modiﬁed version of the original MSE method [9, 10] is applied in
order to account for the effects of the viscoelastic core in the modal frequencies of the treated
plates.
Modiﬁed MSE method algorithm
1. Starting condition:
ωir = ω0
2. Iterative loop for calculation of undamped natural frequency:
- eigenvalue problem statement
[KR(ω
i
r)]{φr}i = (λ2)i[M ]{φr}i
- natural frequency determination
ωi+1r = λ
i
r
- convergency assessment
Δω = |ωi+1r − ωir|/ωi+1r ≤ Δmax
3. Modal loss factor determination:
ηr =
{φr}T [KI(ωi+1r )]{φr}
{φr}T [KR(ωi+1r )]{φr}
This iterative procedure allows to get an approximate value to the damped natural frequency
and, consequently, a better approximation to the real viscoelastic material properties.
4.2 Numerical results
The proposed modiﬁed version of the MSE method was applied to calculate the fundamental
natural frequency and corresponding modal loss factor of the analyzed treatment conﬁgurations
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for a range of temperatures from 0◦C to 100◦C.
An additional multi-material conﬁguration, M4*, was considered in this analysis. This con-
ﬁguration, based in the M4 treatment conﬁguration, has the middle viscoelastic layer made of
3M ISD 110 and the two outside viscoelastic layers made of 3M ISD112.
The obtained fundamental natural frequency values are represented in Figure 10. The ob-
tained results show that the treatment conﬁgurations with the viscoelastic material 3M ISD110,
S2, M3, M4 and M4*, present higher natural frequencies than those conﬁgurations with the
material 3M ISD112. This observed effect is due to the higher transition temperature of the
3M ISD110 viscoelastic material. Additionally, it is also observed that the multi-layer con-
ﬁgurations, M1 and M2, present higher natural frequencies than the single-layer conﬁguration
S1, sustaining the assumed major beneﬁt of the multi-layer: the attenuation of the decoupling
effect.
10 20 30 40 50 60 70 80 90 100
Temperature [ oC]
Specimen S1
Specimen S2
Specimen M1
Specimen M2
Specimen M3
Specimen M4
Specimen M4*
Experimental
27.1 oC
M2
S1
M1
M4
M3
S2
Figure 10: Fundamental natural frequency distribution
On the same graphic it is also represented the identiﬁed fundamental natural frequencies
listed in Table 2, which present a good agreement with the numerical values.
The modal loss factor distribution, represented in Figure 11, provides the relationship be-
tween the temperature and the treatment conﬁguration efﬁciency.
Globally, it can be observed that the treatment conﬁgurations based on the 3M ISD112 mate-
rial, S1, M1 and M2, present an efﬁciency peak near the transition temperature of the viscoelas-
tic material. On the other hand, the single-layer treatment made of 3M ISD110 viscoelastic ma-
terial, is particularly efﬁcient at higher temperatures, showing an efﬁciency peak at 70÷80◦C.
As predicted, the multi-material conﬁgurations can be regarded as a transition conﬁguration,
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Figure 11: Modal loss factor distribution
showing an efﬁciency peak in the middle of the transition temperatures of both viscoelastic
materials.
When comparing the multi-layer conﬁguration M1 to the multi-material conﬁguration M3,
obtained by replacing one of the 3M ISD112 layers by a 3M ISD110 layer, it is possible to
observe that the efﬁciency increase at the high temperature range is accompanied by a reduction
of the efﬁciency at the lower temperatures. Contrary, the M4* conﬁguration, obtained by adding
a 3M ISD110 viscoelastic layer into the middle of the M1 core, is able to enlarge the efﬁcient
range without an efﬁciency reduction at the low temperature range. From the results, it is
also possible to verify that the sequence of the layering scheme along the dissipative core of
the multi-material conﬁguration is of major importance in the ﬂexural stiffness of the treated
structure. The treatment efﬁciency is also highly dependent upon the layering scheme due to
its effect onto the shear deformation transmissibility from the outside plates to the dissipative
layers.
5 CONCLUSIONS
The present study allowed to evaluate the feasibility of the application of the multi-layer
concept into the integrated viscoelastic damping layer conﬁguration.
The application of multiple viscoelastic layers, separated by stiff constraining layers, provide
a potential solution to overcome the decoupling effect produced by the soft core of the integrated
damping treatments. Moreover, adopting a multi-layer conﬁguration, is is possible to increase
the shear deformation effect in the individual layers, increasing thus the treatment efﬁciency.
The multi-material conﬁguration is also a promising solution to enlarge the efﬁciency range
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of the viscoelastic treatments by applying several layers made of viscoelastic materials with
different transition temperatures. Nevertheless, the layering sequence of the layers dictates, not
only the treatment efﬁciency but also the stiffness coupling capability developed by the damping
core and the deformation pattern inside the sandwich structure.
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Summary. This paper reports on work aimed at developing a practical methodology for the 
predictive modelling of the performance of thermoplastic composite sandwich structures 
under impact loading. Explicit finite element analysis methods, using LS-DYNA™ software, 
are described including materials characterisation and material model calibration for the 
skin and core and validation of deformation response, damage and failure of the sandwich 
structures. The verified finite element model has been applied to the predictive structural 
analysis of a full-scale composite sandwich component.  Simulations agree well with 
experimental results.  
1 INTRODUCTION 
Today, both motorist and governments are demanding that automotive manufacturers 
develop cars that offer improved fuel efficiency, greater safety for both occupants and 
pedestrians, and increased end of life recyclability.  Likewise, in the rail industry, train 
manufacturers are seeking to develop lighter trains in order to minimise wear and tear on 
railway lines, and decrease maintenance. In response to these concerns, both the automotive 
and rail industry are showing increased interest in the application of thermoplastic composite 
(TPC) sandwich structures.  TPC sandwich constructions with fibre reinforced thermoplastic 
face-sheets along with a foam core made from the same thermoplastic material offer several 
advantages.  These include: high stiffness to weight ratio, high energy absorption, potential 
for high volume manufacture and recyclability.  Furthermore, an all thermoplastic composite 
sandwich allows for greater design freedom as they can be thermoformed into complex 
shapes.  Yet, despite the advantages that TPC sandwiches provide, their application in trains 
and motor vehicles remains limited due in part to the lack of appropriate design procedures 
and confidence in their use.  Today, finite element techniques are preferred to other analytical 
methods for the analysis of complex structures [1].  However, finite element modeling of 
composite sandwich constructions poses several challenges due to their inhomogeneous 
construction and anisotropic material properties. In addition, complex failure modes exhibited 
by the sandwich constituent materials under various load conditions offer particularly difficult 
challenges for modelling.  
This paper presents a finite element modeling methodology for predicting the behaviour of 
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TPC sandwich structures under indentation and bending impact loads.  Methods for
calibrating the material models and validating the structural response are presented.  Finally, 
some preliminary results on the predictive modelling of a full scale demonstrator TPC
sandwich component are outlined.
2 SPECIMEN MATERIAL AND MANUFACTURE
Figure 1:  Thermoplastic composite sandwich structure.
The TPC sandwich structure under investigation was manufactured from 60 wt% 0/90 
woven fabric commingled glass/polypropylene (Twintex™) face-sheets supplied by OCV 
Reinforcements.  The core was an anisotropic crushable polypropylene foam (Strandfoam™)
supplied by Dow Automotive.  Strandfoam™ has a high energy absorption efficiency due to 
its extruded honeycomb like structure [2]. 
A schematic of the material configuration for the sandwich beam used in this study is 
shown in Figure 1.  The Strandfoam™ extrusion direction is orientated along the thickness of
the sandwich beam for maximum crush properties in the loading direction. 
Sandwich panels of dimensions 800 mm x 70 mm were manufactured using an optimised
one-step vacuum moulding process [3, 4].  A schematic of the process is shown in Figure 2. 
The vacuum moulding process involved the stacking of preconsolidated layers of Twintex™ 
(0.5 mm thick) on two aluminium transfer plates.  The stacks of Twintex™ were preheated to 
200 °C in a hot air oven.  The first stack, along with the transfer plate is transferred to the 
vacuum table.  The cold foam core is placed on the stack followed quickly by the second 
stack which is placed on top of the foam to complete the sandwich assembly.  The vacuum 
membrane is then clamped over the sandwich and a vacuum is applied. 
Sandwich beam specimens were cut from the moulded panels using a band saw.  Beams
were manufactured with two types of core thickness: 50 mm for indentation tests and 25 mm 
for bending tests.  Beams with skin thicknesses of 1, 2 and 3 mm, were manufactured from 2, 
4 and 6 layers of preconsolidated Twintex™, respectively. 
Twintex™ E-glass/polypropylene
woven fabric composite
face-sheet [090] 
Strandfoam™
polypropylene foam core
x – extrusion direction
y – transverse direction
z – transverse direction
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To vacuum
pumpVacuum
membrane
Preheated
transfer plates
Figure 2:  Schematic of the vacuum moulding process.
4 FINITE ELEMENT MODELLING METHODOLOGY 
The main objective of this study is to develop a robust modelling methodology for 
predictive simulations of the behaviour of TPC sandwich structures under impact loading. 
The proposed methodology consists of: 1) material calibration, 2) material validation and 3) 
structural validation.  A description of each phase is provided below 
4.1 Calibration of material models 
Composite face-sheet material model
The Twintex™ composite was modelled with the MAT 162 composite material model 
implemented in the LS-DYNA™ finite element explicit code [5].  MAT 162 is an elastic-
damage model which is based on a continuum damage mechanics formulation.  It is capable 
of simulating the various composite failure modes such as fibre fracture, matrix cracking (in-
plane and out-of-plane) and delamination.  The MAT 162 model has four damage parameters
(mi…i=1, 2…4) that are used to model the post-elastic damage response of the material under 
various loading conditions.
To-date, there are still no clearly defined methods for calibrating the post-elastic damage
behaviour of composites [6].  In this study, an inverse modelling technique was developed for 
calibrating the MAT 162 damage parameters mi [7].  In this procedure, the damage
parameters were systematically obtained by correlating simulations with the static and 
dynamic coupon stress-strain tests results (tensile, shear and compression).  The damage
parameters were adjusted, iteratively, over several simulation runs until satisfactory
correlation was obtained.  An extensive experimental material characterisation program that 
covered a wide range of static and high strain rate (up to 126 s-1) coupon tests was conducted 
to support the material model calibration process [7].
Vacuum
sealant
Release film
Mould plate Breather
mesh
Cold foam Preheated
core face-sheets
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Figure 3 shows the calibration results for the static tests.  In particular, a novel bi-linear 
procedure for calibrating the non-linear in-plane shear stress-strain response was developed. 
The dynamic calibration results are shown in Figure 4. A distinct strain rate effect was 
identified for the Twintex™ face-sheet laminates during dynamic testing, for both normal and 
shear loading [7].  Variations in the elastic and strength properties with strain rate are
included in MAT 162 through simple logarithmic based functions [5]. Parameters for the 
strain rate equations were derived from the dynamic test data [7]. 
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Figure 3: Quasi-static calibration of MAT 162 damage parameters (a) shear (b) tension (c) compression.
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Figure 4:  Dynamic calibration of MAT 162 damage parameters (a) shear (strain rate = 91 s-1) (b) tension (strain
rate = 70 s-1) (c) compression (strain rate = 126 s-1).
The calibrated material model for the face sheet material was validated by simulating a 
series of static and dynamic three-point bending and falling dart plate impact tests using the
values for the model parameters identified in the calibration procedure. [7].
Figure 5 (a) shows a comparison of the force-displacement curves for the static three-point 
bending test and simulation results.  The curve for the simulation with the calibrated
parameters does not correlate well with the test curve.  This discrepancy is partly explained by 
the assumption in the MAT 162 model that the post-elastic damage response under tensile and 
compressive loading is identical. The model does not allow for the input of different values 
for the damage parameters for the two modes of loading. This is clearly an over simplification
for composites under bending loads where the specimen experiences complex mixed-mode
stress fields.  The model was subsequently refined with the elastic modulus and damage
parameters recalibrated until the correlation improved significantly as depicted by the ‘refined
model’ curve in Figure 5 (a).  Figure 5 (b) shows that there is also good qualitative agreement
between the predicted damage modes for the ‘refined model’ and the experimental
observations.
Due to the limitation of MAT 162 as discussed above, the dynamic three-point bending 
and falling dart plate impact test simulations were conducted with two different sets of values 
for the damage parameters.  The curves in Figure 6 (a) and Figure 7 (a) are labelled as ‘tensile
parameters’ and ‘compression parameters’ respectively. For the dynamic three-point bending 
test the ‘compression parameters’ provided better correlation with the experimental curve 
which suggests that compression failure is more dominant during dynamic bending as 
depicted in Figure 6 (a).  A comparison of the predicted and experimental damage for the 
dynamic bending test is shown in Figure 6 (b). 
The dart plate impact tests and simulations were conducted at incident energies of 30, 35 
and 40 J [7].  Figure 7 (a) shows a comparison of the force-time history curves for the 35 J 
impact simulation and test. By contrast with the three-point bending simulations, the curve 
with the ‘tensile parameters’ simulation provided the better correlation with the test curve in
this case. This may be a reflection of the clamped boundary conditions for the plate impact
which results in membrane tensile stress in the system.  The qualitative comparison of
predicted delamination damage in the mid-ply to the experimental thermograph image, both 
of the same scale, shows reasonable agreement as shown in Figure 7 (b).
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Figure 5:  Comparison of quasi-static three-point bending predicted and experimental results.
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Figure 6:  Comparison of dynamic three-point bending predicted and experimental results for a 319 J impact.
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Foam core material model 
The Strandfoam™ core was modelled with the MAT 142 material model implemented in 
LS-DYNA™ [5].  MAT 142 is a transversely anisotropic elasto-plastic material model.
Failure is based on a modified Tsai-Wu yield surface that hardens or softens as a function of 
volumetric strain.  The growth of the yield surface is directional and follows the growth of the
material yield stress along the material axes.
Compression, shear and tensile coupon tests were conducted at quasi-static and dynamic
loading rates (Figure 8). The MAT 142 model requires the direct input of the stress-strain 
curves for normal and shear loads in a tabulated format.
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Figure 8:  Characterisation of Strandfoam™ (a) compression (b) shear x-y plane (c) tension.
4.3 Validation: coupon sandwich modelling 
Following the calibration and validation of the material models for the sandwich face-
sheets and core as described in the previous section, simulation of indentation and three-point 
bending of sandwich structures were performed to further validate the modelling procedure. 
Indentation loading of TPC sandwich beams 
Quasi-static and dynamic indentation tests were conducted on TPC sandwich beam
specimens.  The specimens were 250 mm long with a width of 30 mm and nominal core
thickness of 50 mm.  Sandwich beams with three different skin thicknesses were investigated,
(1, 2 and 3 mm).  All sandwich beam skins had a [090] fibre orientation aligned along the 
beam longitudinal axis.  The foam was assembled between the skins such that the
Strandfoam™ extrusion direction was aligned with the impact direction, i.e. vertical. 
Static indentation tests were conducted on a Tinius Olsen electromechanical test machine 
at a crosshead speed of 5 mm/min.  The beams were placed on a flat support plate and 
indented with a 25 mm diameter cylinder across the whole width of the beam cross-section. 
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Dynamic indentation tests were conducted in an instrumented falling weight tower with an 
8.2 kg impactor at a impact speed of 2 m/s corresponding to an energy level of 15 J. 
For simulation, only one-half of the sandwich beam was modelled because of the 
geometric and material symmetry.  Single integration point solid elements are used to model
the sandwich face-sheets and core.  The calibrated and validated material models described
above are also used. 
For the quasi-static indentation tests, three distinct regions of deformation were observed. 
The initial response is linear elastic followed by non-linear yielding.  This non-linear 
behaviour is induced by progressive localised core crush under the cylindrical impactor along 
with membrane stretching of the top skin. As the impactor moves down into the specimen,
the ends of the sandwich are also pulled up.  Finally, there is a sharp load increase as foam
densification occurs.  Minor fibre fracture, matrix cracks and delamination were observed in 
the top face-sheets.  For brevity, only the experimental and simulation results for the 2 mm 
face-sheet beams are presented here.  The simulation force-displacement curves and predicted 
damage showed good agreement with quasi-static experimental observations as depicted in 
Figure 9 (a).
The dynamic force-displacement curves are similar to the static case.  However, the
impactor rebounds before foam densification occurs.  The dynamic simulation results shown 
in Figure 9 (b) are also in good agreement with the experimental results. 
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Figure 9:  Comparison of the experimental and simulation force-displacement and failure mode results for the (a)
quasi-static and (b) dynamic indentation tests for the 2 mm face-sheet TPC sandwich beams.
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Three-point bending of TPC sandwich beam 
Quasi-static and dynamic three-point bending tests were also used to validate the calibrated 
material models [8].  The quasi-static tests were conducted in a Tinius Olsen 
electromechanical test machine at a crosshead speed of 10 mm/min.  A 25 mm diameter
cylindrical impactor is used to apply a load to the centre of the beam. The bending specimens
were 250 mm long with a width of 30 mm and nominal core thickness of 25 mm. They were 
simply supported over a span of 200 mm on 10 mm diameter cylindrical steel supports. 
Sandwich beams with three different skin thicknesses were investigated, 1, 2 and 3 mm [7].
For simulation, as with the indentation model, only one-half of the sandwich beam is 
modelled.  Single integration point solid elements are used for all components.  The 
cylindrical impactor and supports were modelled as rigid bodies.
Fracture in the foam was modelled through a maximum principal strain fracture criterion 
combined with element erosion.  Elements are eroded when the maximum principal strain
reaches a specified value:
İ1  İp ĺ element erosion (1)
where İ1 is the maximum principal strain and İp is the maximum principal strain at failure.
This fracture criterion was also used to model failure at the sandwich beam skin-core
interface.  The maximum principal strain, İp, was numerically calibrated using an iterative
procedure where values for İp were determined by correlation of simulations with
experimental force-displacement and failure mode results. 
Only the experimental and simulation results for the 2 mm face-sheet beams are discussed
below.  Figure 10 (a), shows a comparison of the simulation and experimental force-
displacement results for the 2 mm skin sandwich beam under quasi-static loading.  The beam
response is linear elastic, followed by non-linear yielding up to a maximum load, after which 
an abrupt load drop occurs due to core shear fracture.  The predicted response up to the point 
of failure agrees well with the experimental results as depicted in Figure 10 (a).  However, the
predicted post-failure response deviates from the experimental curve as element erosion 
results in sharp, large load oscillations up to a displacement of 18 mm after which the load
drops to zero.  The asymmetric core shear fracture and skin core debonding observed in the 
actual test has been well predicted by the simulation as shown in Figure 10 (a) 
Figure 10 (b) shows a comparison of the simulation and experimental force-displacement
results for the 2 mm skin sandwich beam under dynamic loading.  The predicted force-time
history shows good agreement with the general shape of the experimental response.  The
predicted initial peak load shows excellent agreement with the experimental results. 
However, the second peak load is over estimated by 20% and leads the experimental second 
peak load by 0.42 ms.  The primary failure modes were symmetric core shear fracture and 
skin-core debonding which have been well predicted by the corresponding simulation.
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Figure 10:  Comparison of the experimental and simulation force-displacement and failure mode results for the
(a) quasi-static and (b) dynamic three-point bending tests for the 2 mm face-sheet TPC sandwich beams.
4.4 Structural validation sandwich modelling 
Following the successful calibration and validation of the coupon level sandwich models,
initial predictive analysis has been carried out on a novel complex shaped structural
thermoplastic composite sandwich mounting beam for a metro train bogie designed to replace 
a conventional metal/wood-based design.  A finite element model of the mounting beam,
shown in Figure 11, is based on the previously described material models for the sandwich 
face sheets and core materials.  The finite element model was used to analysis the structural
performance of the sandwich beam under proof loads imparting both torsion and bending on 
the beam.  For these preliminary simulations, predicted results showed good agreement with 
test data in terms of both stress levels and structure deflections. Impact analyses are a subject 
of continuing work. The validated model was used to optimise the design of the demonstrator 
component without the need for costly prototyping and testing. 
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Figure 11:  Predicted stress distribution in the TPC sandwich mounting beam under proof loading
(stress in GPa).
5 CONCLUSIONS
A practical modelling methodology involving the use of an advanced composite material
model and associated material characterisation tests has been developed for impact loading of 
sandwich structures manufactured using a vacuum moulding process.  The thermoplastic
composite face-sheets were modelled with the advanced LS-DYNA™ MAT 162 composite
material model.  The values for the damage parameters required in MAT 162 were obtained 
through an inverse modelling procedure involving the correlation of simulations with a series 
of static and dynamic coupon tests including shear, tension and compression.  The calibrated 
material model was validated using coupon three-point bending and dynamic falling weight 
dart impact tests.  It was shown that a limitation of the MAT 162 model was the coupling of 
the tensile and compressive damage parameters which led to the need for minor recalibration
during the validation phase. 
The quasi-static and dynamic response for a sandwich beam under indentation loading was 
well predicted by the finite element model. 
For quasi-static bending of the beams, good agreement for both load-displacement and 
failure was achieved between simulations and experimental results.  For dynamic bending, the 
elastic response, initial peak loads and the occurrence of core shear fracture and skin-core
debonding were also simulated well. However, under the dynamic loading rates, the more
complex post initial failure response involving beam vibration and multiple load peaks was 
more difficult to accurately simulate.
The validated sandwich model has been successfully applied to the structural analysis of a
full-scale demonstrator component.
1167
R. Brooks, K. A. Brown, N. A. Warrior and P. P. Kulandaivel.
The work presented in this study improves the confidence in using predictive finite 
element techniques for modelling the performance of composite sandwich structures under 
static and dynamic loading.  Predictive analysis contributes to the safe and efficient design of 
composite sandwich components without the need for costly test programs and by providing 
more in-depth understanding of the mechanical response of these sandwich constructions. 
Additionally, this work has shown the potential suitability of TPC sandwich structures for 
application in advanced transportation related technologies. 
ACKNOWLEDGEMENTS
The authors would like to acknowledge the support of OCV Reinforcements and Dow 
Automotive for supply of materials and of Security Composites Ltd for design support and 
manufacture of the demonstrator component. This work has been funded by the UK 
Engineering and Physical Sciences Research Council (EPSRC) through the Nottingham
Innovative Manufacturing Research Centre (NIMRC). 
REFERENCES
1. Zenkert, D., The Handbook of Sandwich Construction. 1997, London: Engineering 
Material Advisory Services (EMAS). 
2. Burr, S.T. and G.D. Vogel, Material Model Development for Impact Analysis of 
Oriented Polypropylene Foam Structures. SAE Paper No. 2001-01-0310, 2001. 
3. Kulandaivel, P., Manufacturing and Performance of Thermoplastic Composite 
Sandwich Structures, in PhD Thesis. 2006, The University of Nottingham:
Nottingham.
4. Brooks, R., P. Kulandaivel, and C.D. Rudd. Vacuum Moulding of Thermoplastic 
Composite Sandwich. in Proceeding of the 25th Jubilee International SAMPE
European Conference. 2004. Paris, France: SAMPE Europe. 
5. Hallquist, J.O., LS-DYNA Keyword User's Manual Version 971. 2007, Livermore:
Livermore Software Technology Corporation. 
6. Xiao, J.R., B.A. Gama, and J.J.W. Gillespie, Progressive damage and delamination in 
plain weave S-2 glass/SC-15 composites under quasi-static punch-shear loading.
Composite Structures, 2007. 78(2): p. 182. 
7. Brown, K., Finite Element Modelling of the Static and Dynamic Impact Behaviour of 
Thermoplastic Composite Sandwich Structures. PhD Thesis. 2007, University of 
Nottingham.
8. Brown, K., R. Brooks, N.A. Warrior, and P. Kulandaivel. Modelling the Impact 
Behaviour of Thermoplastic Composite Sandwich Structures. in Proceedings of 
ICCM-16. 2007. Kyoto, Japan. 
1168
8th International Conference on Sandwich Structures 
ICSS 8 
A. J. M. Ferreira (Editor) 
© FEUP, Porto, 2008 
AN ENHANCED LAYERWISE FINITE ELEMENT USING A ROBUST 
SOLID-SHELL FORMULATION APPROACH  
R.A.S. Moreira*, R.A. Fontes Valente*and R.J. Alves de Sousa*  
*
 Departamento de Engenharia Mecânica  
Universidade de Aveiro 
Campo Universitário de Santiago, 3810-193 Aveiro, Portugal 
e-mail: {rmoreira,robertt,rsousa}@ua.pt
web page: http://www.mec.ua.pt 
Keywords: sandwich structures, enhanced assumed strain, solid-shell, multilayer model, 
layerwise 
Abstract: The application of layerwise theories to correctly model the displacement field of 
sandwich structures or laminates with high modulus ratios, usually employs plate or 
facet-shell finite element formulations to compute the element stiffness and mass matrices for 
each layer. In this work, a different approach is proposed, using a high performance 
hexahedral finite element to represent the individual layer mass and stiffness. This 8-node 
hexahedral finite element is formulated based on the application of the enhanced assumed 
strain method (EAS) to resolve several locking pathologies coming from the high aspect 
ratios of the finite element and the usual incompressibility condition of the core materials. The 
solid-shell finite element formulation is introduced in the layerwise theory through the 
definition of a projection operator, which is based on the finite element variables 
transformation matrix. 
The new finite element is tested and the implemented numerical remedies are verified. The 
results for a soft core sandwich plate are hereby presented to demonstrate the proposed finite 
element applicability and robustness. 
 	

Sandwich structures with soft cores, like those achieved when inserting thin viscoelastic 
layers or foams between two stiff skin plates for damping purposes [1], are usually 
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complicated to simulate due to the difficulties related to the spatial model of the layered 
assembly, which must be able to accurately represent the high shear pattern of the core and, 
thus, the related damping mechanism. 
The usual approach, by means of a layered assembly of plate and solid finite elements with 
nodal linkage or rigid link elements [2-4], can lead to a hardworking and time consuming 
spatial modelling task, particularly to model three-dimensional shell-type structures. 
Moreover, the application of this layered approach to multiple layer sandwich plates, using 
several viscoelastic layers, is difficult and any reconfiguration of the treatment requires the 
modification of the entire finite element mesh, which is not a straight-forward methodology 
during design and optimization simulation tasks [4]. 
To simplify such cumbersome modelling task, layerwise finite elements [5-7] become popular 
since they are simple and user-friendly, being easily applied to complex geometry 
configurations by means of standard shell mesh generators and, additionally, easily tailored to 
different layering schemes, as this information is externally defined and directly used by the 
layerwise finite element during elemental matrix computation. The layerwise formulation is 
able to replicate the out-of-plane displacement field from the tabulated intrinsic element 
parameters and the bi-dimensional geometry, while maintaining the simplicity of its usage by 
the end-user. 
To compute the element matrices, plate-based or facet-shell formulations are usually applied 
[6], where plane stress conditions are considered at both layer and composite levels. Though 
this characteristic isn’t usually a limitation to the analysis of thin single or multiple core 
viscoelastic damped sandwich structures [6,7], it can restrict the application of such finite 
elements when analysing thick soft core sandwiches [8] like those achieved with cores made 
of cork compound materials. For this purpose, proper finite elements with complete 3D strain 
and displacement fields shall be used, capable of handling through-thickness strain gradients 
during deformation. 
Despite the spread use of shell and membrane elements to model thin structures in 
commercial codes, the interest in eight-node brick-type finite element formulations, based 
only in translation degrees-of-freedom, has been increasing over the last years [9,10]. 
Incorporating the kinematics of shell finite elements, although topologically equivalent to 
solid ones, these elements became known as “solid-shell” finite elements. Besides the simpler 
formulation, solid-shell elements can account for 3D material laws (contrary to plane stress-
based shells), double sided contact conditions and, finally, a direct and exact evaluation of the 
thickness strain and stress fields. 
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Regardless the direct 3D kinematics representation, standard solid finite elements possess 
strong deficiencies in reproducing the behaviour of thin-shell structures, leading to locking 
phenomena. For 8-node elements entirely based on a displacement formulation, these 
numerical deficiencies are responsible for the complete deterioration of results, being 
commonly referred as transverse shear and volumetric locking effects. Amongst the 
approaches to overcome these problems, the simplest and earliest of all proposed was the use 
of reduced numerical integration procedures, where the numerical evaluation of strain and 
stiffness matrices is carried out in an approximated form. This procedure is equivalent to 
mixed formulations, usually introducing a higher level of flexibility into the formulation, and 
attenuating the locking otherwise present. However, this procedure can lead to spurious zero 
energy modes, thus requiring stabilization methods.
Other techniques were proposed to alleviate locking effects, the most successful of them 
being usually classified as mixed methods. For these formulations independent field 
assumptions for strains, stress and/or incompatible displacements can be assumed, and 
afterwards introduced into the corresponding functional. These methods point to procedures 
such as the Assumed Natural Strain (ANS) approach [11] and the Enhanced Assumed Strain 
(EAS) formulation [12]. The latter, the EAS method, uses a three field mixed functional in 
terms of displacements, stresses and an enhanced strain field, relying on the introduction of 
strain-based enhancing variables into the formulation. In its original form, the total strain field 
is built up as a direct summation of the (compatible) symmetric gradient of the displacement 
and the enhanced strain field. The enhancing strain field is not subjected to any inter-element 
continuity requirement, and can be related to an incompatible mode-based field. 
In available solid-shell finite elements, enhanced assumed strain methods, assumed strain 
approaches and/or selective reduced integration procedures are usually combined to obtain 
robust formulations [10]. Departing from previous approaches, and to some extent following 
the works carried out for shell elements, a new class of solid-shell finite elements entirely 
based on the Enhanced Assumed Strain methodology was introduced in [17], for linear 
formulations, and extended to non-linear problems in [18]. The distinguish feature of the 
formulations is the solely use of EAS procedures to simultaneously deal with volumetric and 
transverse shear locking effects, besides improving the in-plane and mesh distortion 
sensitivity of the elements. 
The main goal of the present work is to establish an innovative approach to layerwise 
formulations for composites structures, relying on the use of solid-shell finite elements 
enhanced with strain-based variables. Such EAS finite elements represents the best choice to 
develop a layerwise based sandwich finite element including through-thickness deformation 
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capability and 3D displacement field description, without the numerical drawbacks of using 
conventional 3D continuum finite elements. 
 
Assuming that the laminated structure can be divided into n homogeneous material layers, the 
displacement field for an individual layer can be described as: 
{ } nk
w
v
u
k
k
k
k ,...,1    =⎪⎭
⎪⎬
⎫
⎪⎩
⎪⎨
⎧
=u  (1) 
which can be derived from the global vector of generalized variables, { }d , from the relation: 
{ } [ ] { }dkk N=u  (2) 
The matrix [ ]kN  is a piecewise interpolation function matrix, being dependent of the layer 
index. 
In a similar way as the one applied in the usual plate-based layerwise models, this 
interpolation matrix defines the through-the-thickness displacement field. However, in this 
case this interpolation function is assumed to be directly described in the solid-shell finite 
element. Therefore, the finite element displacement field of the laminate can be mapped into 
several solid-shell variable vectors by using a transformation matrix, [ ]kP , relating the two 
variable fields: 
{ } [ ] { }dPd kHk =8  (3) 
where { } 8Hkd  is the usual tri-linear hexahedral finite element variable vector for layer k. 
Using this transformation matrix, the laminate finite element stiffness and mass matrices, as 
well as the force vectors, can be defined by the projection of the corresponding solid finite 
element matrices, [ ] [ ] 88 , HkHk MK , and vector, { } 8Hkf , as: 
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=
=
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where [ ] [ ] { } 888 ,, HkHkHk fMK  are computed by using a robust hexahedral finite element 
formulation, which will be presented in next section.  
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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The grounds of the Enhanced Assumed Strain method come from the classical work of Simo 
and Rifai [12]. The well known variational formulation inherent to the method, based on the 
three-field Veubeke-Hu-Washizu functional is here skipped for the sake of succinctness. The 
crucial point in EAS formulations is the enlargement of the displacement-related strain field, 
adding a new field of internal variables, the so-called enhancing parameters α .  
Similarly to displacement field u, which is interpolated in the finite element domain by the 
standard FEM strain-displacement uB  matrix, the enhancing parameters field is interpolated 
by a αB  matrix. At the element level, the enhancing strain field is added to the standard strain 
field in the form:  
ˆ ˆ
uα α
⎡ ⎤⎡ ⎤= + = =⎢ ⎥⎣ ⎦ ⎣ ⎦
u
ε ε ε B B B u
α
%% %
 (5) 
being the strain field posed in vector form: 
{ }T=~ yzxzxyzzyyxx εεεεεεε  (6) 
The interpolation matrix for the enhancing counterpart is normally first defined in the 
convective frame (denoted with ).The transformation to the local reference frame (denoted 
with ˆ ) is performed in the standard form: 
ααα BTJ
J
B 0
0
ˆ
=  (7) 
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where αB  is defined with natural coordinates. The subscript “0” points to evaluations at the 
center of a standard element. T is the second order transformation tensor relating the 
isoparametric space and the local reference frame at a given point ( ), ,ξ η ζ , 
1 1 1 1 1 1 1 1 1 1 1 1
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⎡ ⎤⎢ ⎥⎢ ⎥⎢ ⎥⎢ ⎥⎢ ⎥⎢ ⎥⎢ ⎥⎢ ⎥⎢ ⎥⎣ ⎦
 (8) 
where 1ijJ
−
 relates to  the ij components of the inverse Jacobian matrix 1−J , 
1
x x x
y y y
z z z
ξ η ζ
ξ η ζ
ξ η ζ
−
⎡ ⎤∂ ∂ ∂⎢ ⎥∂ ∂ ∂⎢ ⎥
∂ ∂ ∂⎢ ⎥
= ⎢ ⎥∂ ∂ ∂⎢ ⎥
∂ ∂ ∂⎢ ⎥⎢ ⎥∂ ∂ ∂⎣ ⎦
J  (9) 
In the linear range, application of EAS method derives the following system of equations, 
 
ˆ ˆ
ˆ ˆ
uu u ext
u
α
α αα
⎡ ⎤ ⎧ ⎫⎧ ⎫
=⎢ ⎥ ⎨ ⎬ ⎨ ⎬⎩ ⎭⎢ ⎥ ⎩ ⎭⎣ ⎦
uK K f
α 0K K
 (10) 
where each sub-matrix is defined in domain Ω  like follows: 
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with C as the constitutive tensor. From equation (6) and given its discontinuity between 
elements, it is possible to condense out the enhancing field α  at the element level. This static 
condensation procedure lead to the displacement and enhanced-based equivalent stiffness 
matrix ˆ u α+K : 
( ) uuuuu ααααα KKKKK ˆˆˆˆˆ 1−+ −=  (12) 
Doing so, the unknown’s vector u%  can be determined in a conventional manner, 
( ) 1ˆ u extα −+=u K f%  (13) 
In the work of Alves de Sousa et al. [17], using the classical Gauss integration procedure with 
8 integration points, several EAS brick elements were proposed. The mathematical ground to 
derive the formulations was based on a subspace analysis. The subspace analysis made 
possible the proper choice of the enhanced strain operator αB , requiring at the same time the 
minimum number of enhancing parameters to circumvent both volumetric and transverse 
shear locking effects. 
In this work, the focus is given for the solid-shell HCiS12 solid-shell element. This element is 
defined by the following interpolation matrix for enhanced strain components, firstly defined 
in the convective frame: 
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 (14) 
using the compatible shape function: 
2 2 21 (1 )(1 )(1 )
2
Nα ξ η ζ= − − −  (15) 
The formulation is characterized by excellent performance in a wide range of applications 
concerning shell-type structures as stated in references [17] and [18], avoiding both 
volumetric and transverse shear locking phenomena. 
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The example hereby applied to verify the finite element formulation is based on the dynamic 
analysis of a sandwich plate with thin aluminum skins and a soft core with a high modulus 
ratio. Both thin and thick sandwich conditions are applied and two different Poisson ratios for 
the core material are also introduced in this example. The sandwich plate is considered to be 
clamped in one of its smallest sides and totally free at the remaining ones. 
The results obtained with the present finite element model (layw8) are compared with those 
obtained using a layered model approach with solid brick finite elements (Model 3H). More 
details on these layered approaches can be found in [4]. Additionally the results obtained by 
using a facet-plate layerwise finite element [6] are also presented. 
The plate was modeled by an 18x12 finite element mesh and, when using model 3H, 3 layers 
of hexa8 finite elements were applied through the thickness, one for each material layer. 
Similarly, 3 layers are used for the layerwise models. This through-thickness coarse spatial 
modeling, which does not introduce an important error in the interesting natural modes, 
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intends to avoid the large set of deformation mode shapes of the core that is obtained when it 
is represented by an higher number of solid layers in the model 3H or numerical layers in the 
layerwise models.  
Table1 - Geometry parameters and material properties of Example 1   
Geometry  
 Length     a mm300
 Width     b mm200
   1h mm1
 Thickness     2h mm40  / mm2
    3h mm1
Material properties  
•  Skins - Aluminum
 Young modulus    1,3E Pa91072×
 Poisson ratio    1,3ν 0.32
 Density    1,3ρ 3/2710 mKg
•  Core - hypothetic soft foam 
 Young modulus    2E Pa3102×
 Poisson ratio    2ν 0.25/0.49
 Density    2ρ 3/1140 mKg
Boundary conditions    C-F-F-F
    C: clamped / F: free 
 
The computed natural frequencies are listed on tables 2-3, where Fi and Ti stand for flexural 
mode of order i and torsion mode of order i, respectively. 
 
Table 2 - Natural frequencies of sandwich plate with soft core – Thick core (40mm) [Hz]     
 compressible core 0.25=2ν  incompressible core 0.49=2ν   
Mode  Model 3H layw4m layw8  Model 3H layw4m layw8 
F1 3.25 3.26 3.26  3.23 3.24 3.24 
T1 10.62 10.70 10.70  10.58 10.66 10.66 
F2 19.50 19.67 19.66  19.47 19.64 19.64 
T2 35.13 35.64 35.23  35.10 35.61 35.60 
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Table 3 - Natural frequencies of sandwich plate with soft core – Thin core (2mm) [Hz] 
 compressible core 0.25=2ν  incompressible core 0.49=2ν   
Mode  Model 3H layw4m layw8  Model 3H layw4m layw8 
F1 8.07 8.08 8.08  8.06 8.07 8.07 
T1 26.77 26.96 26.97  26.74 26.95 26.96 
F2 49.88 50.07 50.03  49.87 50.06 50.06 
T2 90.20 91.12 91.45  90.19 91.12 91.44 
The results for the layered model (model 3H) were obtained using a selective integration 
robust finite element (Nastran hexa8 finite element [19]), which provides a valuable reference 
to verify the efficiency of the implemented finite element. 
!"
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The proposed finite element provides a valuable tool for the simulation of laminates and 
sandwich structures. This finite element combines the flexibility of modeling, characterizing 
the layerwise models, with the robustness, accuracy and full-field description provided by the 
solid-shell finite element based on the EAS concept. The obtained results indicate that this 
novel modeling approach is a promising alternative for the layered models that are currently 
applied when full three-dimensional strain and stress field representation is required.  
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Summary. The problem of local instability of the compressed facing of a sandwich panel is 
discussed in this paper. Proper estimation of wrinkling stress has become a challenging issue 
because of a strong tendency to optimize technical parameters and costs. The aim of the study 
is numerical and analytical analysis of bending of three-layer panels. Linear constitutive 
equations and identical elasticity modules in tension and compression are assumed. In 
practice, wrinkling stress depends on many factors, usually neglected in analytical solutions, 
though observed in experiments. In this paper we use numerical methods and hence we can 
allow for the loss of face adhesion or anisotropy of the core. Created models are validated 
and calibrated by experimental results. The analyses are carried out for various mechanical 
and geometrical parameters of the sandwich panel. The influence of these parameters on 
structural response is studied. The range of applicability of classical theoretical models is 
discussed basing on numerical examples. The study presented in the paper was inspired by 
sandwich panels producers, with the aim to increase safety and economy.  
 
 
 
1 INTRODUCTION 
Sandwich panels are used in industry for many years. They are usually composed of three 
layers: rigid, external faces and a flexible core. Important role in the analysis of the structures 
plays the contact between core and faces, evolution of the core parameters induced by creep 
and influence of thermal excitations. 
Classical approach to the problem of sandwich panels was presented in [1, 2]. The 
simplified theoretical models discussed in these papers have been widely used in an 
engineering practice. However, increasing industrial requirements enforce more precise and 
reliable analysis. Therefore, this issue has focused much attention in the last years and many 
papers went up, where modern FEM models were proposed [4, 8]. 
Apart from analytical and numerical solutions, real experiments still play important role to 
find behavior of those structures. They are one of the bases of the determination of the 
sandwich plate carrying capacity in EC standard [3]. Application of the modern experimental 
methods to the analysis of sandwich panels was presented in [5, 6, 7]. 
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The aim of the paper is to study the mechanism of local instability of compressed facing of 
the bending panel [4, 5]. Numerical and analytical models are created, validated and 
calibrated by the analysis of numerical and experimental results. The models may be 
particularly useful in evaluation of structure response subjected to, difficult to realize 
experimentally, thermal actions. Moreover, the models are used to the analysis of influence of 
structure parameters on the value of wrinkling stress. 
2 DESCRIPTION OF THE PROBLEM 
The paper is concerned on the problem of localized bending effects in sandwich panels. 
Our aim is to estimate the influence of the main structural parameters, namely panel depth, 
face thickness and core stiffness, on the wrinkling stress. 
Simply supported, one-span sandwich panel with the length L and the width B is 
considered. The structure consists of two thin and plain steel faces and flexible core. Both 
faces have the same thickness t, while depth of the core is D. The geometry of the structure is 
presented in Fig.1. 
 
Figure 1: Geometry of sandwich structure 
The panel is supported at its two opposites ends. Width of the supports is equal to b. 
Support conditions refer to real structures. Therefore, it was assumed that a base plate 
modeled as rigid body is lying at both supports [8]. Reference points describing respective 
boundary conditions of the whole support are localized in the middle of contact surface 
between lower face sheet and the supporting plate. For the left supporting base plate (detail A 
in Fig. 1) all three translations and the rotations with respect to axes x and z are equal to zero. 
Unconstrained rotation with respect to the axis y is assumed. The right base plate has 
additionally the possibility of the translation in the direction x. The sandwich panel is 
subjected to static, uniform distributed suction load on the lower facing. 
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The main attention in the analysis was focused on the behavior of the structure in bending. 
The problem of stress concentration and complex interactions between facings and the core 
were observed. The importance of the problems of debonding and local instabilities of the 
structure was emphasized in papers [6]. 
3 ANALYTICAL MODEL 
In the classical theory of sandwich panels all materials are assumed as linear elastic, 
homogenous and isotropic. The external facings are parallel. The Young modulus of the core 
is very low. Hence, normal stresses are negligible and shear stresses are constant in the core 
part. Usually, the sandwich panel is analyzed as a beam type structure. 
The problem of local instability of compressed facing grounded on the elastic foundation 
can be described by the differential equation 
( ) )()()()()( 01 xqxwkxwxwPxwB IIIIIVF =⋅++⋅+⋅ . (1) 
The symbols BF1, w, k, w0 and q denote bending stiffness of the facing, transverse 
displacement, stiffness of foundation, initial displacement and transverse loading, respectively 
[2]. If we neglect the initial displacement field w0, the solution of (1) can be written in a 
simplified form: 
⎟
⎠
⎞
⎜
⎝
⎛
⋅=
a
xwxw πsin)( 1 , (2) 
where the coefficient w1 corresponds to displacement amplitude and a is a half length of 
deformation wave.  
Assuming that the wave length decrease proportionally to the stiffness k with the 
proportionality factor f1 = a·k, a normal (compressive) force can be expressed as 
22
3
11
4
π
π
a
afBP F += . (3) 
Looking for minimum value of the force P we stipulate dP/da = 0 and thus arrive at 
3/1
1
1
42
⎟⎟
⎠
⎞
⎜⎜
⎝
⎛
=
f
Ba Fπ . (4) 
Using (3) and (4), f1 and P can be expressed as: 
4/34/14/1
1 2 KBf ⋅= π , (5) 
2/12/12/123 KBP −⋅= . (6) 
Introducing a function (or in the simplest case - a scalar) f2, which is scaling a relation 
between the Young modulus Ec of the core, depth of the core D and stiffness of the foundation 
k: 
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2
2fD
E
k c ⋅= , (7) 
the wrinkling stress is finally obtained as 
D
EB
t
f
t
P cF
cr
12
2
23
⋅⋅==σ , (8) 
where t is the thickness of the compressed facing. Please note that the term of bending 
stiffness BF1=EFIF1 contains the Young modulus of the facing material EF and the moment of 
inertia of the facing IF1. 
The key point is to find the form of f2. Generally, f2 may depends on various geometrical 
and mechanical parameters. In the simplest case, this term is assumed as a scalar, which is 
calibrated to comply with experimental results. The laboratory tests are in progress and 
therefore the results will be presented on the conference. 
4 NUMERICAL ANALYSIS 
Numerical models were prepared in ABAQUS system environment. The span and width of 
analyzed sandwich structure are L = 4.40 m and B = 0.50 m. The following depths of the core 
were assumed D = 0.079 m, 0.099 m and 0.119 m. The width of supporting plates was 
b = 0.10 m. Thickness of facings was equal to t = 0.4 mm, 0.5 mm or 0.6 mm. 
Steel facings were assumed as elastic - ideal plastic material with the Young modulus 
EF = 210 GPa, the Poisson ratio νF = 0.3 and yield stress fy = 280 MPa. Facings were modeled 
using four node, doubly curved shell elements SR4 with dimensions 2x2 cm or 3x3 cm. 
The core of the panel was modeled using eight node linear brick elements C3D4. The core 
was divided into two layers of elements. The following parameters of the core material were 
assumed: νC = 0.05 and EC = 8 MPa, 6 MPa or 4 MPa. The isotropic and homogeneous core 
material was assumed at the first stage of the study. 
Between the compressed facing and the core, a layer of interface is introduced. The 
interface is modeled using COH3D8 8-node, 3D cohesive elements. Interactions between all 
parts are assumed as TIE type, which makes equal displacements of nodes. The option of 
leaving the rotations free was chosen. 
Elasticity uncoupled law for cohesive material of the interface is defined by the relation 
⎥
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t
ε
ε
ε
00
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, 
(9) 
where tn is normal traction (stress) and ts, tt are shear tractions. Corresponding nominal strains 
are defined as εn = δn/T0, εs = δs/T0, εt = δt/T0 using separation δ and constitutive thickness of 
cohesive element T0. 
Quadratic nominal stress criteria was used in the model for damage initiation: 
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(10) 
where . is Macaulay bracket with the usual interpretation. 
Damage evolution is displacement type with linear softening. The stress components of the 
traction-separation model are affected by the damage according to: 
( )
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(11) 
The scalar damage variable G represents the overall damage in the material. The terms with 
overbar are the stress components predicted by the elastic traction-separation behavior for the 
current strains without damage. To describe the evolution of damage, an effective 
displacement is introduced: 
222
tsnm δδδδ ++= . (12) 
For linear softening, the damage variable G has the following form: 
( )
( )0max
0max
m
f
mm
mm
f
mG δδδ
δδδ
−
−
= , (13) 
where 
max
mδ refers to the maximum value of the effective displacement attained during the 
loading history, 
0
mδ  refers to damage initiation and fmδ corresponds to full damage. 
5 COMPARISON OF RESULTS 
The influence of mesh size on the numerical results was the first problem analyzed in 
numerical simulations. Three examples of the panel with the parameters D = 0.119 m, 
t = 0.5 mm, EC = 8 MPa and the mesh size of compressed facing 0.03 m, 0.02 m, 0.01 m were 
analyzed. It occurred that for various sizes of FEM elements, wrinkling stresses were 
different. It was presented in the Table 1. 
 
Mesh size 
[m] 
Wrinkling stress 
[MPa] 
0.03 78.95 
0.02 71.91 
0.01 71.71 
Table 1 : The influence of the mesh size on the wrinkling stress 
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Above results indicate that the size of the mesh may highly influences numerical solution. 
The mesh size should be considered in the context of wave length of wrinkled facing. If the 
mesh is coarse and not appropriate, the wrinkling stresses are overestimated. Evert and al. in 
[9] recommend the suitable mesh size about 1/8 of the length a, however this requirement is 
difficult to fulfill because of huge number of FEM elements.  
In the following examples the mesh size 0.02 m was used. The results received for various 
geometrical and mechanical parameters are presented in the Table 2. 
 
1 2 3 4 5 6 
Example D [m] t [mm] Ec [kPa] Wrinkling stress 
σcr [MPa] (FEM) 
σcr / f2 [MPa] 
(analytical solution) 
Ex. 1 0.119 0.50 8000 71.91 51.50 
Ex. 2a 0.119 0.50 6000 60.41 44.56 
Ex. 2b 0.119 0.50 4000 55.78 36.38 
Ex. 3a 0.099 0.50 8000 71.25 56.41 
Ex. 3b 0.099 0.40 8000 67.02 50.45 
Ex. 3c 0.099 0.60 8000 85.99 61.79 
Ex. 4 0.079 0.50 8000 86.09 63.15 
Table 2 : Wrinkling stress for various structure parameters 
 
Numerical and analytical results demonstrate considerable similarity. Relations between 
mechanical parameters and stresses seem reasonable. Higher wrinkling stresses are received 
for smaller core depth and higher stiffness of core and facing. The results in columns 5 and 6 
are in good agreement for the value of f2 equal to 1.40. The agreement is also in the sense of 
wave length. The value a = 0.0424 m received in the example 1 using updated analytical 
model is confirmed by the distance between wrinkles visible in Fig. 2. 
These results can be compared to the wrinkling stress calculated according to the equation 
given by Stamm and Witte in [2]  
3819.0 Fcccr EEG⋅=σ , (14) 
or according to corrected equation, where initial imperfections are taken into account: 
35.0 Fcccr EEG⋅=σ , (15) 
In the examples 1, 3a, 3b, 3c and 4, the stresses (14) and (15) are equal to 152.06 MPa and 
92.83 MPa, respectively. Furthermore, using (14) and (15) the same results would be obtained  
in case of micro-profiled facing. It is because in these equations wrinkling stress doesn't 
depend on facing stiffness.  
Our recently conducted experimental tests indicate that neither analytical nor numerical 
models describe properly the phenomenon of the local instability of the sandwich panel yet. 
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Figure 2: Local effects in bending of sandwich panel: normal stresses and wrinkles in the steel upper facing 
in direction x 
6 CONCLUDING REMARKS 
The numerical and analytical analysis as also laboratory tests proved that bending of the 
sandwich panels and occurring local effects are a complex problem. Various parameters have 
influence on the results, namely: geometrical values as panel depth and facing thickness and 
material features of the core and facings. The presented examples verify classical approach to 
the problem of wrinkling stress of the sandwich panel and demonstrate that hitherto existing 
in engineering practice simplifications can lead to considerable errors. 
Proposed analytical approach express the wrinkling stress as a function of the most 
important parameters of sandwich structure. In terms of quality, the analytical and numerical 
solutions are in good agreement. In spite of this, the existing models should be improved with 
respect to experimental results. Developed models may be particularly useful in evaluation of 
the structure response subjected to the difficult to realize experimental actions and can 
significantly minimize number of laboratory tests and costs. 
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Summary. The skin wrinkling phenomenon was investigated in case of ultra light sandwich 
structures with honeycomb core manufactured by one shot vacuum bag processing. A relation 
between process pressure and compressive strength of the skin was established. It was 
observed that the size of the adhesive menisci between honeycomb cell walls and skin and the 
waviness of the skin increased with process pressure. As these two effects have antagonist 
influence on compressive strength of the skin, an optimal process pressure equal to 0.7 bar 
was identified experimentally and confirmed by an analytical model. 
1 INTRODUCTION 
Composite sandwich structures are very often used for all applications requiring high 
stiffness and strength with minimal weight. High-tech applications such as satellites, ultra 
light solar airplanes or solar cars require pushing this type of structures to the limit in terms of 
lightweight. To this end, sandwich structures with very thin skins and light honeycomb core 
weighing less than 1 kg/m2 are used. While traditional sandwich structures used in boat hulls 
or commercial airplanes have often been studied and optimized, the ultra light sandwich 
structures require particular attention in designing and manufacturing. Indeed, these structures 
are extremely sensitive to local buckling of the very thin skins, either through wrinkling or 
dimpling [1, 2]. Furthermore, this failure mode is very sensitive to local imperfections of the 
skin which can dramatically reduce the strength of the structure [3-5]. Therefore the 
processing of ultra-light sandwich panels has to be studied very carefully in order to minimize 
the local imperfections in the skins.  
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During one shot manufacturing of sandwich panels with vacuum bag processing, the face 
sheet on vacuum bag side presents waviness due to the skin penetration into honeycomb cells 
[4, 6, 7]. This phenomenon decreases significantly the strength of the sandwich panel when 
the skin is under compressive loads. As the skin waviness is dependent of the level of vacuum 
applied during curing, the relation between processing pressure, i.e. the difference between 
atmospheric pressure and pressure in vacuum bag, and wrinkling load was studied in order to 
determine the optimal process conditions. The process pressure changes not only the waviness 
of the skin, but it is also expected to influence the formation of the adhesive menisci between 
honeycomb cell walls and skins. The relation between the amount of adhesive in the menisci 
and the wrinkling load was therefore considered first.  
2 MATERIALS AND METHODS 
Three different kinds of ultralight sandwich structures were fabricated in order to evaluate 
the dependencies between process pressure, waviness of the skin, adhesive weight in menisci 
and failure load of the skin. All the samples were produced with the same materials and their 
weight ranged from 700 to 800 g/m2. The skins comprised two layers of 70 g/m2 UD carbon 
fibers prepreg with EH84 epoxy matrix (Hexcel) at 0 and 90° respectively. The Nomex®
honeycomb core was 29 kg/m3 and the hexagonal cell size, i.e. the distance between two 
parallel cell walls was 3.2 mm. The core was 8 mm thick. The ribbon direction of honeycomb 
was parallel to the length direction of the sandwich panel. An epoxy adhesive (VTA 260 from 
Advanced Composite Group) was used to bond the skins to the core.  
The first kind of samples was devoted to study the effect of adhesive weight in the resin 
menisci on the compressive failure load of the skin. The sandwich samples were fabricated in 
one shot with vacuum bag process. As during one shot curing, the skin on vacuum bag side 
had a lower quality due to waviness, the study concentrated on the smooth skin on mould 
side. The effect of the waviness of the skin on vacuum bag side was considered on the other 
types of samples. Five different adhesive weights between 0 (no supplementary adhesive was 
used) and 100 g/m2 were chosen for the smooth side by using the adhesive deposition method 
developed by Rion et al [7, 8]. The complete panel was cured under vacuum (-0.9 bar relative 
pressure) at 120°C during 100 min. An Al frame avoided lateral crushing when vacuum was 
applied as illustrated in Figure 1. A non-perforated film was placed on the top prepreg to 
avoid that resin flowed out of the prepreg. Fibre rowings were placed between the Al frame 
and the non-perforated film to allow air to circulate. As the film prevented air circulation 
through the thickness of the skin, the vacuum was only applied from the sides of the panels 
and a good vacuum could not be ensured in the honeycomb cells. 
The samples of the second type were produced to study the influence of the processing 
pressure on the strength of the panel. To allow controlling the vacuum level in the honeycomb 
cells during curing, the panels were processed in two steps. The wavy skin was fabricated 
first. The honeycomb was laid onto a plate with a breather cloth in-between channelling the 
air under the honeycomb. The adhesive film and carbon prepreg were then laid onto the 
honeycomb and then the consumables were stacked as described in Figure 1. The breather 
cloth and plastic grid on the top of the panel are not useful during first cure to drain air 
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because the air was drained below the honeycomb, but it was placed to have the same 
stacking on the surface as for conventional one shot vacuum processing. Five different 
relative vacuum pressures (i.e. Pv – Patm, where Pv is the absolute pressure in vacuum bag and 
Patm the atmospheric pressure) were used: -0.1; -0.3; -0.5; -0.7; -0.9 bar. In a second step, the 
second skin was laid on the Al plate, the honeycomb with the first skin already cured was 
placed on it with all the consumables and it was cured with -0.9 bar relative vacuum pressure. 
The vacuum was applied during 5 hours before the second curing cycle began to allow air to 
circulate to create vacuum in the honeycomb cells. A 50 g/m2 adhesive film was used to bond 
both skins to the core. 
The third type of samples was fabricated with the same lay-up and adhesive quantity as the 
second type, but in one shot. Various relative vacuum pressures (-0.1, -0.5, -0.7, -0.9 bar) 
were used as for the second type of samples, but as honeycomb cells were closed on both 
sides by the carbon skins during curing, the absolute pressure in the honeycomb cells could be 
considerably higher than the one under the vacuum bag. The vacuum was applied during 12 h 
before curing cycle began to allow air circulation. 
Figure 1: Vacuum processing layout of the sandwich panels cured in one shot.
The panels were cut using a diamond saw in 7 samples of 30 mm width and 450 mm length 
and tested in 4-points bending. The span between the outer supports in 4-points loading was 
400 mm and 100 mm between the loading points. Small carbon plates of 18 mm width and 
1.5 mm thickness were placed under the loading points to avoid local indentation. 
The waviness Wmeas of the skin was measured on micrographs of polished cross-sections of 
the sandwich structures. Figure 2 shows the measured waviness, i.e. the height difference 
between the top of honeycomb cells and the lower point of the skin in the middle of the 
honeycomb cell. The size of the adhesive menisci between honeycomb cell walls and carbon 
skin was also measured on the polished cross-sections and the weight of adhesive in the 
menisci calculated according to a geometrical model of the menisci [8]. 
Figure 2: measurement of the amplitude of the waviness on the micrographs of cross-sections 
Al plate Carbon skins 
Nomex honeycomb 
Adhesive layers 
Al frame Non-adhesive film 
Breather cloth 
Plastic grid 
Fibers rowing 
Vacuum bag 
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For calculating the wrinkling load of the skin in compression, the bending stiffness of the 
face sheet has to be known accurately. Therefore, after the test of the sandwich beams in 4-
points bending, a part of the skin of 90 mm length was cut from the smooth side of the beams. 
The honeycomb was removed from the skin by cutting it with a cutter at the top of the 
adhesive menisci. The stiffness of the skin reinforced by the adhesive menisci was measured 
in 3-points bending, with a span of 50 mm.  
3 MODELLING OF WRINKLING PHENOMENON 
As all the samples tested in 4 points bending broke due to wrinkling of the skin in 
compression between the two loading points as illustrated in Figure 3, this particular failure 
mode was investigated.The wrinkling problem has been extensively studied by numerous 
authors. Ley and al. [1] made a review of the most common used models. All the models are 
based on the same assumption of compressed skin laying on a continuous elastic foundation. 
The main difference between the various models is the modeling of the elastic foundation 
according to the core used. When honeycomb core is used, the anti-plane stress assumption is 
often used, i.e. the core is considered to have an in-plane stiffness being zero and so to have 
only normal stresses perpendicular to the panel and shear stresses in zx and zy planes, where z 
is perpendicular to the panel. The model developed by Gutierrez and Webber [9] which was 
especially developed for bending of sandwich panels uses this assumption and is then well 
adapted to the case studied in this paper. This model also takes in account the elastic tension-
bending coupling in asymmetric composite skins. In fact it was noticed that considering the 
coupling changed the wrinkling load by less than 1% in the present case, which was then 
neglected to simplify the study. The equilibrium equations for the skin under compressive 
load as represented in Figure 3 are then  
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2 xz z d
d uA
dx
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4 2
4 2 z z d
d w d wD N
dx dx
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    (1) 
where u et w are the displacements in length and out of plane directions, Wxz the shear stress in 
the core, Vz the normal stress in the core, A the coefficient A11 of the ABD matrix of the skin 
calculated with classical laminate theory, D the bending stiffness of the skin and N the load 
per unit width in the skin. The equilibrium equations of the core are given as 
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where k1 is a coefficient function of x only. The shape of the skin is considered to have a 
sinusoidal form, and thus the shear stresses in the core, the normal stresses in the core and the 
coefficient k1 also have a sinusoidal form: 
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where l is the half-wavelength of the wrinkling form. With the assumption that the 
displacements of the top of the core are the same as the middle of the skin (valid for thin 
skins), equations (2) can be substituted in equations (1) and using the sinusoidal forms, we 
obtain the equation 
8 6 4 2
1 2 3 4 5 0q q q q ql l l l
S S S S§ · § · § · § ·     ¨ ¸ ¨ ¸ ¨ ¸ ¨ ¸© ¹ © ¹ © ¹ © ¹
 (4) 
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  5 2
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By solving numerically equation (4), the wrinkling line load N in the face can be calculated 
as a function of l. The value of l giving the lowest load corresponds to the critical wavelength 
and gives the critical wrinkling load of the beam.  
In order to take into account the adhesive layer used for core to skin bonding in the model, 
the bending stiffness of the skin is replaced by the bending stiffness of the skin with adhesive 
menisci, which was measured with the various adhesive weight.
Figure 3: (left) schematic view of the wrinkling phenomenon of the skin under compression during bending of 
the sandwich beam. The core is considered as a continuum. d is the distance between the center of the two faces. 
(Right) Failure mode of the skin in compression. The skin became locally unstable and crushed in the core.
This wrinkling formula is only valid for beams with perfectly flat skins. However the skins 
always contain imperfections. Particularly, the waviness caused by vacuum bag processing 
changes the wrinkling load and has to be taken in account in the model. Indeed, the initial 
deflection of the skin will increase during loading and can cause either compressive failure of 
the core, debonding of the skin, shear failure of the core, or local failure of the skin due to 
compression and bending deformations. The classical approach to take the initial waviness in 
account is to consider that the skin as a sinusoidal shape of amplitude W0 and half-wavelength 
l0 before loading, so that the deformed shape has the form  
 0 0
0
sin xw w W W
l
S§ ·   ¨ ¸
© ¹
 (6) 
With the honeycomb core, l0 is the distance between two cells rows, i.e. 2.77 mm with 
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3.2 mm cell size. The amplitude of the waviness measured in the panels Wmeas can not be used 
directly for W0, because the wave measured has a width limited to the cell size, the skin being 
maintained flat on the cell walls, while the wave extends on the full width of the beam in the 
model. This discontinuity of the wave in the width direction will significantly reduce the 
sensitivity to waviness of the structure, and a factor T = Wmeas / W0 has to be identified to use 
the measured waviness in the model. The equilibrium equations (1) for the skin become 
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By combining it with equations (2), (3) and (7), one obtains the amplitude of shear stresses in 
the core Wxz
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Then by using equations (2), the amplitudes of the coefficient k1 and of the normal stress in 
the core Vz are: 
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With equations (8) and (9) the critical load N causing shear stresses or normal stresses equal 
to the strength of the core can be calculated. The maximum local compressive strain in the 
face due to the compression and the local bending of the face is:  
2 2
2 2
11 0 11
m
m
d w N Nh W h
dx A l A
SH § ·    ¨ ¸
© ¹
 (10) 
where h is the distance from the neutral axis of the face to the most loaded fibers, i.e. 40.5 Pm
for the 0/90° laminate used. By setting this strain equal to the maximum compressive strain of 
the prepreg, the critical load can be determined for this failure type. The lowest of the loads 
calculated for the different types of failure is the critical load of the structure. 
4 RESULTS 
4.1 Flat skins 
The failure strength of the sandwich samples increased with adhesive weight. This can be 
explained by the increased size of the adhesive menisci on the skin which increased 
significantly the bending stiffness, as shown on Figure 4. Due to the geometry of the adhesive 
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menisci, for a given adhesive quantity, the reinforcing effect is much more pronounced with 
menisci than with an even adhesive layer. 
0 20 40 60 80 100 120
6
8
10
12
14
16
 Bending stiffness
 0.1017x + 5.1951
 Even adhesive layer
B
en
di
ng
 st
iff
ne
ss
 o
f t
he
 sk
in
 [N
m
m
]
Adhesive weight in meniscus [g/m2]
Figure 4: Measured bending stiffness of the skin measured in 3-points bending as a function of adhesive weight 
in the menisci for skin to core bonding. The theoretical stiffness calculated with CLT for an even adhesive layer 
is also represented. 
By inserting in the wrinkling model the relation between the bending stiffness and the 
adhesive weight determined in Figure 4, the critical wrinkling load and corresponding critical 
half-wavelength can be calculated as a function of adhesive weight in the menisci. The result 
is represented in Figure 5 and the critical load corresponds well to the experimental data, with 
errors smaller than 5%. The critical half-wavelength, which is calculated in the model by 
considering a continuous core, ranged from 2.3 to 3.2 mm, which is in fact close to 
honeycomb cell size. The elastic foundation is thus not continuous in the order of magnitude 
of the wavelength. However, a line in the width direction of the beam always crosses the same 
number of honeycomb cell walls independently of the position in length direction of the 
beam. The support of this line is therefore about constant in the length direction, so that the 
properties of the foundation can be considered as constant in length direction and the 
wrinkling model is thus still valid.  
Even though the skin was cured against the Al plate, a small initial waviness can not be 
completely avoided. Furthermore, as the half-wavelength of the preliminary deformation 
(2.77 mm) is close to the critical half-wavelength calculated for wrinkling of perfectly flat 
skin, the initial waviness will highly influence the strength of the beam. An arbitrary small 
waviness W0 = 0.5 Pm was used to calculated the critical loads for core compressive and shear 
stresses and local strains in the skin. With this small initial deformation, the failure loads for 
all three models are very close to the wrinkling load calculated and are represented in Figure 
5. Predicted loads for shear failure of the core and local compressive failure of the skin are 
identical and greater than the failure load for core compressive failure which is close to the 
wrinkling load. The failure mode is thus a coupling between local skin instability and core 
compressive failure, what is confirmed by the observation of the broken sample illustrated in 
Figure 3. So when the skin in compression is very smooth, the failure load can be predicted 
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accurately either by the wrinkling model or by considering a small initial imperfection 
causing compressive failure of the core, and taking in account the stiffening effect of the 
adhesive menisci on the skins. 
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wavelength for wrinkling as a function of adhesive weight in the menisci for core to skin bonding. The critical 
loads for the different types of failure are represented. 
4.2 Influence of the process pressure on microstructure 
Figure 6 and Figure 7 show cross-sections of samples cured respectively in two steps and 
in one shot with relative pressure in vacuum bag ranging from -0.1 to -0.9 bar. Figure 8 shows 
the measured adhesive weight in the menisci and the waviness amplitude as a function of 
process pressure. It is important to remind that the pressure represented is the relative pressure 
in the vacuum bag. The actual absolute pressure in the honeycomb cells may be however 
significantly higher than the absolute pressure in vacuum bag during one shot curing due to 
the low permeability of the skins and consumables used. The dependence between process 
pressure and skin waviness and adhesive weight in menisci is evident. The waviness and 
adhesive weight increased when the relative pressure in vacuum bag diminished. The increase 
is less pronounced for the samples cured in one shot because the vacuum was not good in the 
honeycomb cells due to the low permeability of the lay up as explained previously. As the 
waviness should be 0 when no pressure is applied, the data were fitted with either a power law 
of the pressure applied or a linear fit as illustrated in Figure 8. 
For the samples cured in two steps, the size of the adhesive menisci forming between core 
and skin increased between -0.1 and -0.3 bar pressure in the vacuum bag and then stabilized. 
When pressure was exerted by the honeycomb cell wall, the skin was compacted under the 
honeycomb cell wall and prepreg resin flowed in the menisci in addition to the 50g/m2
adhesive film. As the amount of resin is limited the meniscus size does not change any more 
above a sufficient pressure level. When low pressure is applied, the menisci form only with 
the adhesive film near the cell wall. For the samples cured in one shot, the menisci are almost 
inexistent at -0.1 bar relative pressure in vacuum bag. This is due to bad air circulation in  
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Figure 6: Micrographs of cross sections of the wavy side of sandwich panels cured in two steps. The skin laying 
on three honeycomb cell walls and bonded with adhesive menisci can be observed. The relative pressure applied 
during vacuum curing were -0.9, -0.7, -0.5, -0.3 and -0.1 bar. 
Figure 7: Micrographs of cross sections of the wavy side of sandwich panels cured in one shot. The relative 
pressure applied during vacuum curing were -0.9, -0.7, -0.5 and -0.1 bar. 
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honeycomb cells closed by the two skins, causing the pressure to increase when temperature 
rose. Some air flowed out of the cells through the skin and forced adhesive and prepreg resin 
to flow out. This can be seen in Figure 7d where a layer of resin is on the top of the prepregs 
of the panel cured with -0.1 bar relative pressure in vacuum bag. This flowing effect was 
more pronounced on vacuum bag side that on the Al mould, what explains that the resin fillets 
were greater on mould side than on vacuum bag side as shown in Figure 8. To fit the data by 
taking in account the limited amount of adhesive available, functions starting with a finite 
adhesive weight growing asymptotically to the limit adhesive quantity were chosen and first 
order exponential decay functions were used as illustrated in Figure 8. 
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Figure 8: Adhesive weight in the menisci (left) and height of the waviness Wmeas (right) measured on cross-
sections as a function of process pressure for the samples of the samples cured either in two steps or in one shot  
4.3 Influence of the process pressure on strength 
Figure 9 shows the strength of the panel manufactured with various vacuum pressures and 
tested in 4 points bending. Interestingly, the strength of the beams increased first when the 
relative pressure in vacuum bag was decreased, passed by a maximum and then decreased. 
The same behaviour was observed for the panels cured in two steps and in one shot, only the 
maximum strength was obtained at different pressures, respectively -0.3 and -0.7 bar relative 
pressure in vacuum bag. The strength increase is due to the quick increase of adhesive 
quantity in menisci when relative pressure in vacuum bag decreases. Then the adhesive 
quantity stabilizes and the increasing waviness of the skin decreases the strength of the face. 
The maximum strength of the panels cured in two steps is slightly higher than the one of 
panels cured in one shot. This is due to the bigger size of the adhesive menisci obtained with 
two steps curing as was observed in Figure 8. 
In order to take in account in the model the discontinuity of the waviness in the width 
direction of the beam which significantly reduced the sensitivity to initial waviness, the factor 
T = Wmeas / W0 was determined to be 25 by adjusting the model to the experimental data 
obtained with the panels cured in two steps. Figure 9 shows the evolution of the critical 
compressive load per unit with in the skin calculated by the models for the different types of 
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failure as a function of the process pressure. Among the models predicting the different 
possible failure types of the skin in compression, the one considering compressive failure of 
the core give the lowest failure load. Thus, this mode is the most sensitive to the initial 
imperfections of the skin and therefore determines the failure load of the beam. With the 
parameter Tdefined previously the model giving the critical load for core compressive failure 
is in good agreement with the experimental data with errors less than 5% for both the panels 
cured in two steps or in one shot. For the panel cured in one shot, the model slightly 
overestimates the failure load at -0.1 bar relative vacuum pressure due to the bad compaction 
of the skin at low pressure which was not accounted for. Furthermore, the curve showing 
critical load fore core compressive failure has exactly the same tendencies as the experimental 
data, the load increasing first quickly when relative vacuum pressure decreases, then passing 
through a maximum and decreasing. The model confirms the existence of an optimum process 
pressure controlled by the interplay between skin waviness and formation of adhesive menisci 
at the skin / honeycomb interface. The model and the experimental data give the same optimal 
pressure in the vacuum bag for the sandwich panels cured in two steps at about -0.3 bar for 
the wavy skin. The optimal pressure for the panels cured in one shot is around -0.7 bar, but 
the strength does not change significantly between -0.5 and -0.9 bar. Finally, the critical 
failure mode predicted by the model as the compressive failure of the core is confirmed by 
observing the broken samples where the skin crushed the core, as illustrated in Figure 3. 
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Figure 9: Evolution of the compressive load per unit width in the face at failure during 4-points bending tests as 
a function of process pressure for the samples cured in two steps (left) and in one shot (right). 
5 CONCLUSIONS 
The bending strength of ultralight sandwich structures (700 to 800 g/m2) is very sensitive 
to the process pressure used during manufacturing. By using vacuum bag processing with 
various pressures and adhesive weights, it was shown that the waviness of the skin and the 
size of the adhesive menisci forming between honeycomb cell walls and skins have a direct 
influence on the wrinkling strength of the skin. During one shot vacuum bag curing, the 
waviness of the skin and the size of the adhesive menisci both increase with process pressure, 
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having antagonist effects on the strength. An optimal process pressure has been identified at -
0.7 bar relative pressure in vacuum bag. This pressure is clearly related to the materials used, 
and also to the curing cycle parameters, a higher temperature creating for example a higher 
pressure in the honeycomb cells. 
A model has been developed to predict the wrinkling load of the skin as a function of 
process pressure by taking in account the influence of adhesive weight in the menisci and the 
waviness of the skin. A good agreement was found between experimental data and the model 
which allows better understanding of the failure mechanisms controlling wrinkling load.  
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Summary. In this paper deepdrawing FE analyses are performed on full three-dimensional 
and geometrically detailed thermoplastic sandwich plates with honeycomb cores. Forming 
analyses with bending in one and two directions are conducted. The importance of the out-of-
plane core shear strength in these deepdrawing processes is pointed out. These full three-
dimensional models require a considerable amount of CPU-time. The feasibility of strategies 
for reduction of calculation time is considered. 
1 INTRODUCTION 
Sandwich constructions have proven to be very useful in many application areas due to 
their high stiffness and strength to weight ratios. However, their production is limited to flat 
plates. A further expansion of their use is only possible if they can be formed into complex 
shaped parts. 
One can distinguish different families within the group of sandwich materials. These 
families differ from the way the face sheets are supported by the core. This support can be 
homogeneous (e.g. foam cores), regional (e.g. perforated cores), structured (e.g. honeycomb 
cores), unidirectional (e.g. corrugated cores) or punctual (e.g. textile cores made out of pile 
yarns connecting the face sheets). 
Thermoplastic sandwich panels with foam cores have already been successfully 
thermoformed in short processing cycles, resulting in complex parts that can be used in 
application areas such as food packaging and automotive (Rozant et al. [1]). Rozant’s study 
revealed the importance of the temperature distribution through the thickness of the sandwich 
when thermoforming thermoplastic sandwich parts. In [2], Mohr and Straza formed 
successfully all-metal sandwich sheets with perforated cores. In another paper [3], Mohr 
pointed out the importance of the out-of-plane core shear strength in a sandwich deepdrawing 
process with bending in one direction. Based on theoretical considerations he derived a 
relation between the maximum allowed punch force (directly linked to the core shear 
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strength) and the minimum allowed deepdrawing tool radius for a certain configuration of the 
deepdrawing tools, sandwich geometry and sandwich material (core and face sheets). 
This relation is adopted in this paper to deduce the minimum forming radius of the forming 
tools for a certain thermoplastic honeycomb sandwich and the considered deepdrawing 
configuration with bending in one direction. The shear strength of the sandwich plate is found 
by performing a non-linear analysis on a geometrically detailed sandwich unit cell. This will 
form the first part of the paper. 
In the second part, deepdrawing FE analyses are performed on full three-dimensional and 
geometrically detailed sandwich plates with honeycomb cores. First, the previously outlined 
deepdrawing configuration with bending in one direction is assessed. The minimum tool 
radius that was found in the previous step is used. Afterwards, this tool radius is used to set up 
a deepdrawing configuration with bending in two directions. The analyses permit to validate 
the importance of the out-of-plane core shear strength in forming analyses, but need large 
CPU-times. 
In literature one can find contributions to the homogenisation of sandwich parts with 
honeycomb cores. With these homogenisation procedures equivalent sandwich models can be 
build, which should reduce CPU-time when used in FE-analyses. 
Most of these models are useful for linear analyses of these constructions. Gibson and 
Ashby [4] started from considerations about the deformation mechanisms of honeycomb cores 
to find all 9 material constants of the orthotropic honeycomb core. Grediac [5] pointed out the 
importance of taking the influence of the face sheets into account during the homogenisation 
of the core material. This is indicated in literature with: “skin effect”, “warping effect”, 
“thickness effect” or “bending effect”. Using the formalism of the Classical Lamination 
Theory (CLT) one can homogenise the whole sandwich by determining the sandwich stiffness 
constants. Hohe and Becker [6] did this using a method of strain energy equivalence between 
a geometrically correct sandwich unit cell and an equivalent plate element. The equivalent 
model is based upon a plate theory formalism (CLT) and is therefore confined: it cannot 
predict e.g. thickness reduction. The first approach (Gibson and Ashby) is more general than 
the second and can be expanded for a non-linear forming problem. 
This has been done by Xue and Hutchinson [7]. Non-linear analyses are performed on a 
geometrically detailed sandwich unit cell (like figure 1) under six elementary loading 
conditions to extract the equivalent core properties (stress-strain behaviour). They identified 
with these elementary stress-strain curves the parameters of the Hill yield criterion so that, 
besides the elastic modulus, also the yield stress is defined separately for each component of 
the stress tensor. 
2 SANDWICH CORE SHEAR STRENGTH AND MINIMUM TOOL RADIUS 
2.1 Sandwich specifications 
Figure 1 shows the considered honeycomb geometry. The representative unit cell is also 
indicated. This unit cell is used to evaluate the honeycomb core shear strength. The core cell 
size S is 6.4mm, the wall thickness tw is 0.16mm, the core thickness C is 7.3mm and the face 
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sheet thickness t is 0.8mm. The sandwich material is polypropylene (PP) at room temperature 
with a Young’s modulus E of 1700MPa, yield stress σ0 of 10MPa and hardening modulus ET
of 410MPa. These data are extracted from tensile tests on 200μm PP sheets with talc additives 
(from the company alkor). 
Figure 1: Honeycomb characteristics and 
sandwich unit cell definition Figure 2: Deepdrawing configuration for bending in one 
direction
2.2 Analysis of a deepdrawing configuration with bending in one direction 
Figure 2 illustrates the forming process configuration for deepdrawing with bending in 
single curvature. The vertical cell walls of double thickness are perpendicular to the plane of 
the figure. This set-up is used further in this paper for a deepdrawing analysis on a full 3D 
sandwich model. In [3], Mohr uses the equivalent mechanical systems of figure 3 to examine 
this forming process. With help of figure 3(a) Mohr singles out the region of high out-of-
plane shear stress where the sandwich is clamped between holder and die. The average shear 
stress <τ> in the critical cross section is then: 
SC
P
ττ ≤=
2
(1)
with τs the core shear strength. This shear strength is determined in [3] by finite element 
calculations on a geometrically detailed model of the core. 
An analytical expression for the punch force P is found using the equivalent mechanical 
system of Figure 3(b) by equating the internal strain energy for successive bending and 
unbending with the external work delivered by the punch force P. P is expressed relative to 
the yield stress σ0 of the considered PP: 
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Using equations (1) and (5) a direct relation is found between core shear strength Sτ  and 
minimum allowed tool radius R. Sandwich geometry, material characteristics and 
deepdrawing configuration (prescribing the mechanism of Figure 3(b)) are kept fixed. In the 
next section core shear strength is evaluated to determine the minimum allowed tool radius 
for the considered thermoplastic sandwich and deepdrawing process. 
Figure 3: Equivalent mechanical systems (Mohr [3]) for (a) the relation between punch force and highest shear 
force and (b) the deepdrawing deformation process (bending followed by unbending) 
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2.3 Shear strength and minimum tool radius for the considered thermoplastic sandwich 
A sandwich unit cell finite element model is built using 4-node, reduced integration shell 
elements; S4R in ABAQUS (figure 1). In this model the influence of the face sheets on the 
equivalent core properties is accounted for (according to the early work of Grediac [5]). 
To simulate the out-of-plane shear behaviour, a deformation u is imposed in the direction 
parallel to the vertical cell walls of double thickness (figure 4). The bottom surface nodes are 
prohibited to move in the direction of the imposed deformation. ABAQUS/Standard has been 
used for the calculation. The sum of the reaction forces in the bottom surface nodes, in the 
considered direction, is divided by the bottom surface area, giving the needed out-of-plane 
shear stress. The maximum of the calculated stress-displacement curve (figure 4) gives the 
shear strength. 
Periodic boundary conditions are used to represent the unit cell as a small part of an 
infinite plate (figure 5). A derivation of the equations expressing periodicity between 
corresponding degrees of freedom can be found in [8]. 
With the determined core shear strength of 0.8MPa, the minimal allowed tool radius is 
77mm according to equations (5) and (1). In the next sections this tool radius is used to 
perform deepdrawing FE-analyses. 
Figure 4: FE-calculation of the out-of-plane honeycomb core shear 
strength
Figure 5: Equation stating periodic 
boundary conditions between degrees of 
freedom of corresponding nodes of 
boundaries Γ+ en Γ-
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3 FORMING SIMULATIONS ON FULL 3D SANDWICH MODELS 
3.1 Deepdrawing simulation with bending in one direction 
The deepdrawing process that is modelled is presented in figure 6 (see figure 2: 
D=175mm, P=155mm and R=77mm). The sandwich unit cell defined in figure 1 is used to 
build up the whole sandwich plate. 26 unit cells (52 hexagonal cells) are used in the bending 
direction, giving the plate a total length of 293mm. There is only one cell in the width of the 
model. Periodic boundary conditions are used in this direction, representing the sandwich 
plate as infinite in this direction. Symmetry conditions are exploited. The model contains 
324840 degrees of freedom. ABAQUS/Standard is used for the analysis. The CPU-time 
needed for this calculation is about 8 hours on a 4 GB RAM processor. 
The circles in figure 6 indicate the areas with the highest shear stresses (red and blue 
indicate equal shear stresses of opposite signs). They appear in the walls of the core. 
Macroscopically this gives rise to out-of-plane shear stress. Shear stress area A is due to the 
reaction forces with blank holder and die, consistent with the considerations made in the 
equivalent mechanical system of figure 3(a). The shear stress in area B is a consequence of 
the reaction forces due to contact between the blank and the forming tools. Figure 7 shows a 
zoom of this area at a moment of time when the deepdrawing depth is half the maximum 
value. The drawn contact forces F explain the presence of high out-of-plane shear stresses in 
the core. 
Figure 6: Sandwich forming process with bending in one direction. The contour plot shows the shear stress 
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Figure 7: Zoom on area B of figure 6 halfway the sandwich forming process. Contact between the blank and the 
forming tools introduces shear stresses in the core
3.2 Deepdrawing simulation with bending in two directions 
For the simulation of this process the sandwich plate is built using the unit cell of figure 1 
in a pattern of 6 by 10 (120 hexagonal cells), giving a plate of 67mm by 67mm. The model 
contains 705894 degrees of freedom. Symmetry conditions are exploited. 
Figure 8 presents the forming configuration for this case together with the shear stresses of 
the formed sandwich part. In comparison with the forming process with bending in one 
direction, only a smaller magnitude of deformation is feasible for the simulation, due to a 
combination of model size limits and a tool radius R of 77m. Figure 9 shows the formed 
sandwich part in 3D together with the shear stresses. The simulation is conducted with 
ABAQUS/Standard and takes 12 hours of CPU-time on a 4 GB RAM processor. 
Figure 8: Sandwich forming process with bending in two directions. The contour plot shows the shear stress 
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Figure 9: Formed sandwich part with bending in two directions. The contour plot shows the shear stress. The 
areas with the highest shear stresses are indicated
Shear stresses in the core walls are still dominant. However, in a plane at an angle of 45° 
with the symmetry planes, high in-plane shear stresses in the face sheets can be distinguished 
(indicated with the black line in figure 9). In figure 10 a unit cell is singled out from this area. 
The combination of bending in two directions deforms the unit cell in the indicated direction 
(45°-direction), leading to shear stress in the principal directions in the face sheets. High 
bending and shear stresses give rise to a wrinkling phenomenon in the face sheets. 
Figure 10: Deformation mechanism of a honeycomb unit cell subjected to bending in two directions. The 
corresponding stress condition in the face sheets is symbolically presented 
4 CONCLUSIONS 
It is feasible to predict the deformation of a sandwich panel, yet with a very high 
computation time. 
The out-of-plane shear behaviour is proven to be important in forming sandwich 
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components. It plays a key factor in an important forming failure: core thickness reduction. 
The simulations are carried out on small sandwich panels (approximately 100 hexagonal 
cells), yet the models contain up to 700.000 degrees of freedom, leading to 12 hours of CPU 
time on a 4Gb RAM processor. 
Further research will focus on the development of equivalent models that allow for a 
shorter analysis time. 
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